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Summary

Towards high voltage in coreless linear motors
Solutions to thermal and electric-field problems in high

force-density applications

I NCREASING demands on the throughput of high-precision motion systems re-
quire more powerful motors to enable the next step in productivity. In modern
high-precision motion systems, coreless linear motors are employed to obtain

sub-nanometer accurate positioning. Since volume is at a premium, a larger electro-
magnetic force density of these motors is required. Furthermore, higher operating
voltages are necessary to accommodate the increase in jerk, acceleration and ve-
locity of the motion system. However, the paradoxical relation between the force
density and the operating voltage leads in conventional coreless linear motors to
poorer performance and necessitates the research into alternative motor topologies.

In this thesis, modeling methods for electrostatic fields and solutions to enable
high-voltage in coreless linear motors while realizing a high force density are re-
searched. Based on existing concepts of electric field mitigation in high-voltage ro-
tating machines and cable accessories, a family of electric field control methods are
derived specifically for coreless linear motors. In addition, different direct liquid
cooling topologies are introduced and assessed on their feasibility.

In high-voltage applications, small-scaled features such as protrusions, cavities and
edges are considered hazardous since the resulting local electric field enhancements
can lead to failure over time. Two models are presented to assess electrostatic prob-
lems that include these small-scaled features. Firstly, a model that combines the
harmonic modeling technique and a conformal mapping is derived. Secondly, a
model based on the spectral element method employing higher order polynomials
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to describe the electrostatic field distribution is presented. It is shown that the com-
bined model is suitable for estimating the effect of cavities and curvatures in simple
electromagnetic devices. A higher accuracy of the electrostatic field distribution is
obtained using the spectral element model.

In state-of-the-art coreless linear motors, indirect liquid cooling (ILC) is applied
where an encapsulation material is situated between the coils and the cooling en-
vironment. Several electric field control methods for indirect liquid cooled coreless
linear motors are investigated to mitigate the electric fields at critical locations in
the geometry. The achieved reduction in electric field strength enables thinner elec-
trical insulation layers which, subsequently, allows higher current densities.

To improve the force density of coreless linear motors, alternative means of cool-
ing are considered. Direct liquid cooling (DLC) topologies, in which the liquid is
in direct contact with the coil, integrates the electrical insulation and cooling envi-
ronment into a single entity, enabling a compact design with a high force density.
Three direct liquid cooling topologies, i.e. longitudinal, transversal and axial direct
liquid cooling, are qualitatively assessed for their thermal performance and appli-
cability in conjunction with multi-layer coil configurations. The assessment shows
that the longitudinal direct liquid cooling topology is expected to perform the best
in comparison to the two others.

Optimization of the selected direct liquid cooled topology and an ILC motor topol-
ogy shows that the ILC topology allows a higher power dissipation per coil layer.
However, for equal volume the DLC topology enables up to twice the number of
coil layers since the penalty for adding coil layers is lower. Consequently, the force
density of the DLC topology is 20 % higher compared to the ILC topology.

A, new, high-voltage, prototype coreless linear motor with a multi-layer coil con-
figuration employing the direct liquid cooled topology is constructed, and experi-
mental verified through measurements. The measurements prove the feasibility of
the concept since high current densities in conjunction with a high operating volt-
age are realized. A continuous current density of 39.2 A/mm2 is achieved for an
operating temperature of 65 ◦C, allowing a current density of 69.6 A/mm2 at 100
◦C. The partial discharge inception voltage of the prototype is determined at 1.6
kVrms.

Concluding, it is theoretically and experimentally verified that the presented direct
liquid cooling topology for coreless linear motors with multi-layer coils enables
higher force densities compared to the state-of-art.
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Chapter 1

Introduction

1.1 Background

Developments in semiconductor lithography over the past decades show two clear
trends. First of all, the forecast by Dr. G. Moore that the semiconductor complexity
would double every two years, known as Moore’s law [98, 99]. This exponential
improvement enables smaller feature sizes which in turn allows higher processor
and memory densities at lower power dissipation. Secondly, the continuous price-
erosion of the semiconductor components requires a steady increase in the produc-
tivity of lithography machines [15, 24]. To keep up with these trends, the industry
is working continuously on improving the manufacturing process and equipment
for semiconductor devices.

The manufacturing of semiconductor devices involves several steps [90, 128]. The
process starts with the uniform deposition of a photo-resistive coating on a silicon
wafer using spin coating [28]. These wafers are thin polished slices of single crys-
tal silicon ingots which are grown from polycrystaline silicone nuggets using the
Czochralski process [34, 147]. Next, the pattern on a reticle mask, which contains
information about the circuit layout, is projected on to the photo-resist layer by a
lithography machine. Depending on the reticle mask, a part of the photo-resist is
exposed to ultra-violet light which, subsequently, is dissolvable using the correct
developer. During etching of the wafer, the remaining photo-resist protects the un-
derlying parts of the wafer. After etching, the photo-resist is removed from the
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2 Chapter 1 Introduction

wafer and is doped with a controlled amount of contaminants that change the con-
ductive properties of the silicon. The process of applying the photo-resist, expos-
ing, etching and doping the silicon wafer is repeated for multiple layers to create a
semiconductor device.

As explained, one of the most important steps in manufacturing semiconductor
devices is the lithographic step. During this step, the circuit pattern is projected on
the wafer using ultra-violet light which passes through a series of lenses or focusing
mirrors to obtain the scaled version of the ciruit pattern. Consequently, only a small
part of the wafer is exposed to the projection, called a die. This process is repeated
at different locations to expose all dies on the wafer. State-of-the-art lithography
machines employ wafer-scanning to expose all the dies on the wafer in which the
wafer is moved by a magnetically levitated wafer stage with the reticle moving in
the opposite direction [138]. Important is the accuracy of the projection, as position
errors reduce the contrast and thus the quality of the image. The overlay of the
projections between successive layers requires also a high degree of accuracy. The
overlay between subsequent exposure steps is determined by the position accuracy
of both the wafer stage and the reticle stage.

The desired position accuracy of the wafer stage is obtained by a hybrid position-
ing system which contains a long-stroke and a short-stroke stage [56]. The long-
stroke stage is an array of coils magnetically levitated above a permanent magnet
array, providing the large displacements of the wafer [26]. On top of the long-stroke
stage, the short-stroke stage is located and precisely positions the wafer to achieve
(sub)nanometer accuracy. The motion of the reticle stage is four times faster since
the projection lens reduces the image size on the reticle by the same ratio [15, 132].

To keep up with the demand for smaller, faster and cheaper semiconductor devices,
the productivity and accuracy of lithography machines should be improved. To re-
alize this improvement in productivity and accuracy, research is performed in new
areas of interest. The future generation of high-precision stages requires higher op-
erating voltages to accommodate the faster motion, enabling a larger throughput of
the lithography machines. Ironless or coreless linear motors, which are employed
in the actuation stages, do not use soft-magnetic material. Therefore, these mo-
tors have a linear force-to-current ratio, allowing accurate positioning of the wafer,
but lack the force density of iron-cored motors. An essential contradiction exists in
realizing coreless linear motors with a higher force density at higher operating volt-
ages. Devices operating at high-voltage typically employ larger and more electrical
insulation barriers to decrease the internal electric fields. The transfer of heat is im-
peded by these barriers, resulting in lower levels of dissipated power and, hence,
lower force densities.
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1.2 Linear motors

1.2.1 Motor topology

Various linear motor topologies with a moving coil assembly can be used in high-
force density motion systems. These topologies include slotted or slotless linear in-
duction motors (LIMs) [1], iron-cored linear synchronous motors (LSMs) [102] and
variable reluctance [86] or switched reluctance [141]. However, permanent-magnet
synchronous coreless linear motors are the only feasible solution if a high position
accuracy is desired. In this thesis, the presented research focuses on permanent
magnet synchronous coreless linear motors with a moving coil assembly.

1.2.2 Permanent-magnet synchronous coreless linear motors

In permanent-magnet synchronous coreless linear motors, a permanent magnet ar-
ray is located on one side, i.e. a single-sided configuration, or on both sides, i.e.
a double-sided configuration, of the coil assembly. The coil assembly consists of
a concentrated winding distribution (typically 3 coil/4 pole combination) because
of its high filling factor and shorter end-windings compared to a distributed wind-
ing configuration. A single-sided permanent-magnet synchronous coreless linear
motor is shown in Figure 1.1. The windings are encapsulated in epoxy resin for
structural rigidity and provide electrical insulation between the coils and the en-
vironment. The thermal performance is highly dependent on the type of cooling
which can be either natural convection, forced air convection or forced liquid con-
vection. In natural and forced air convection the surface of the epoxy is in direct
contact with air whereas in forced liquid convection an enclosure provides the nec-
essary channels to distribute the liquid. In motor configurations where the coil
assembly is directly exposed to the air, current densities up to 8 A/mm2 [4, 42, 95]
are sustainable over longer periods of time whereas in water-cooled motor config-
urations current densities of at least 20 A/mm2 [21, 89] have been realized.

The dc-bus voltage of the power electronics driving the coreless linear motors is
typically several hundred volt (300-600V), depending on the size and configuration
of the coil assembly [42, 95, 130]. The electrical insulation provided by the epoxy
resin ranges from several tenths of millimeters to a few millimeters in thickness.
Higher operating voltages are required to accommodate the increase in velocity, ac-
celeration and jerk of the motor. Subsequently, increasing the supply voltage with-
out considering the electric field distribution in the coil assembly could lead to the
occurrence of partial discharges in the electrically insulating layers [144, 155]. Ex-
posure of the insulating material to partial discharges results in erosion of the layer
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Figure 1.1: Permanent-magnet synchronous coreless linear motor with a water-cooled coil
assembly.

and, eventually, lead to failure of the motor [143]. As previously stated, increasing
the thickness of the electrically insulating layer negatively affects the power dis-
sipation since the ohmic losses generated in the coils are conducted through this
layer to the environment. Methods to reduce the electric field strengths exist in
high-voltage, iron-cored, rotating machines. However, the origin of the field en-
hancement is different and, therefore, are not applicable to coreless linear motors.
The development of solutions for high-voltage coreless linear motors necessitates
the modeling of the electric field distribution of the coil assembly. Furthermore,
modeling of the electric field distribution allows the motor geometry to be opti-
mized for force density.

1.3 Research objectives

The ever increasing demands for smaller, faster and cheaper semiconductor devices
requires each year an improvement of the productivity and accuracy of lithography
machines. Therefore, high speed, acceleration and reliability of the motion stages
are crucial for future generation lithography machines. A high force density of the
linear motors is required since volume and mass are typically limited in the motion
stage. Furthermore, to enable the higher speed and accelerations without excessive
volumes of moving power cabling, higher operating voltages of the actuation sys-
tem are necessary. Therefore, the research goal of this dissertation is to derive and
investigate methods that breach the paradoxical relation between high-voltage and
force density in coreless linear motors. The objectives to reach the goal is defined
as follows:
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• The extension of fast semi-analytical and numerical modeling techniques

of the electrostatic field distribution in linear motor geometries. Semi-ana-
lytical and numerical models, preferably fast, are required to investigate and
localize high electric field enhancements in the motor geometries. The mod-
eling techniques should be able to accurately represent small-scaled features,
such as cavities, air-filled voids and curvatures to model actual motor config-
urations.

• Investigation and comparison of electric field control methods for coreless

linear motor configurations. Large electric field enhancements in the interior
of the coreless linear motor should be minimized to allow insulating layers
with a relative small thickness. Therefore, electric field control methods can
be employed to mitigate the electric stresses in the coreless linear motor with-
out deteriorating its electromagnetic performance.

• Development and comparative evaluation of cooling concepts suitable for

high-voltage coreless linear motors. Proper cooling of the linear motor is
required to facilitate a high force density. Therefore, in conjunction with fine
rectangular wire, new methods of transferring the heat are investigated. Di-
rect and indirect liquid cooled motor concepts which significantly improve
the power dissipation of coreless linear motors are necessary.

• Optimization and design of high-voltage coreless linear motor topologies.

Enabling a high force density requires the motor geometry to be utilized op-
timally. Therefore, different motor configurations are optimized using 3-D
semi-analytical and numerical models.

• Realization of a, new, high-voltage, prototype for experimental verification.

Realization of a coreless linear motor with multi-layer coils demonstrates the
feasibility and capability of the direct liquid cooled topology. Furthermore,
the prototype is necessary to quantitatively assess the design approach and
the electromagnetic and thermal modeling.

1.4 Thesis outline

The research goal of this dissertation is addressed in three parts. The first part fo-
cuses on a selection of modeling techniques for the electrostatic field distribution
in electric machines including small-scale features. Part two presents solutions to
electric field problems in coreless linear motors without deteriorating the electro-
magnetic performance which includes electric field control methods and alternative
cooling topologies. Finally, part three contains the recommendations and conclu-
sion of this research.
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Part 1: Electric field modeling techniques

The thesis continues in Chapter 2 with the electromagnetic field theory required to
describe the electromechanical system. Several force calculation methods are de-
scribed as well as the electrostatic Fourier analysis of motor geometries with cavi-
ties.

Chapter 3 discusses the spectral element method for 2-D electrostatic problems.
The derivation of the nodal Galerkin approximation for the electrostatic Poisson
equation is discussed for squared and non-squared elements. The matrix imple-
mentation and the different boundary conditions are given. The spectral element
model is validated using 2-D finite element analysis for a section of an iron-cored
linear motor with and without air-filled voids. Furthermore, the convergence and
computational load of the model are discussed.

Part 2: Solutions to electric field problems in coreless linear motors

Electric field control methods, based on solutions in high-voltage rotating machines
and cable accessories, are investigated and compared in Chapter 4. The level of
mitigation provided by the electric field control methods is observed for a periodic
section of a coreless linear motor under the condition that the electric and magnetic
loading remain unchanged. Furthermore, the sensitivity to position errors and mis-
alignment of the field control methods is analyzed.

Chapter 5 presents novel direct liquid cooled topologies for coreless linear motors
which integrate the heat transfer and insulation system into a single entity. A clas-
sification of different liquids suitable in these cooling topologies is given and the
liquids are compared on thermal, electric and dynamic fluid properties. Further-
more, three flow patterns are investigated using 3-D computational fluid dynamic
models and are assessed on their heat transfer capability. Experimental validation
of the heat transfer characteristics is performed for one of the direct liquid cooled
topologies. The results are verified for different types of liquid and inlet velocities.
Finally, based on the performance and the feasibility, a direct liquid cooled topology
is selected for the optimization process.

The selected direct liquid cooled topology and an indirect liquid cooled topology
with multi-layer coils are optimized in Chapter 6 for a range of pole pitches. For
each pole pitch a parametric search is performed for commercially available fine
rectangular copper wires. The electromagnetic force production for various motor
configurations is predicted by means of the 3-D magnetic charge model while 3-D
finite element and volume methods predict the power dissipation. After comparing
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the two topologies the design and operational aspects are discussed. These aspects
include the magnetic and thermal stresses in the designs and the necessary design
alterations to improve the manufacturability.

A new, high-voltage, coreless linear motor with multi-layer coils with direct liq-
uid cooling is designed, developed and realized and described in Chapter 7. To
validate the predicted performance, a set of various measurements is conducted
on the prototype. These measurements include the verification of the electrical cir-
cuit parameters, power dissipation, motor constant and partial discharge inception
voltage.

Part 3: Closing

Finally, in Chapter 8 the conclusions and recommendations are given together with
the scientific contributions of this thesis.



8 Chapter 1 Introduction



Part I

Electric field modeling

techniques

9





Chapter 2

Electromagnetic theory

GENERAL electromagnetic theory is the basis for computing field distribu-
tions and related quantities in electromagnetic devices. This chapter briefly
discusses the electromagnetic theory for electric and magnetic fields, fol-

lowed by several methods to compute the forces in electromechanical devices. Fur-
thermore, a combined 2-D model of the harmonic modeling technique and a confor-
mal mapping is presented to include curvatures in the computation of electrostatic
fields in linear motor configurations.

This chapter is based on:

T.A. van Beek, J.W. Jansen, J. van Duivenbode and E.A. Lomonova, ’Electrostatic model-
ing of cavities inside linear actuators’, Journal of Physics: Conference Series, vol. 646, no. 1,
pp. 1-4, 2015.

11
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2.1 General electromagnetic theory

To predict the behavior of electromechanical devices, the understanding of elec-
tromagnetic fields is of prime importance. In this section, a brief overview of the
general theory related to electromagnetic fields is presented.

2.1.1 Maxwell’s equations

The electromagnetic fields are governed by Maxwell’s equations [92]

∇× �H = �J +
∂�D
∂t

, (2.1)

∇ · �B = 0, (2.2)

∇× �E = −∂�B
∂t

, (2.3)

∇ · �D = ρ, (2.4)

where �H is the magnetic field strength, �J is the free electric current density, �D is
the electric flux density, t is time, �B is the magnetic flux density, �E is the electric
field strength and ρ is the free electric charge.

The field quantities, presented in (2.1) to (2.4), are linked through the material prop-
erties of a medium which are described by the following constitutive relations

�B = μ0(�H + �M), (2.5)

�D = ε0�E + �P, (2.6)

�J = σ�E, (2.7)

where μ0, ε0, �M, �P are the permeability and permittivity of free space, the mag-
netization, and the polarization of the material, respectively, and σ is the electrical
conductivity.

The source terms �M and �P in (2.5) and (2.6) consist of a primary and secondary
component. The primary component is independent of externally imposed elec-
tric and magnetic fields in the considered material. These parts are denoted by �Mr
and �Pr, respectively, which are the remanent magnetization or polarization in ma-
terials without the presence of electromagnetic fields. The secondary component
represents the induced field contribution due to externally applied electromagnetic
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fields. The linear relation between applied electromagnetic field and the reaction of
a material is given by the magnetic susceptibility, χm, and the electric susceptibility,
χe. The magnetization and polarization in a material can be summarized into the
following equations

�M = χm�H + �Mr, (2.8)

�P = χe�E + �Pr. (2.9)

Using (2.8) and (2.9), the constitutive relations in (2.5) and (2.6) can be rewritten for
linear isotropic materials as

�B = μ0μr �H + μ0 �Mr, (2.10)

�D = ε0εr�E + �Pr, (2.11)

with
μr = 1 + χm, (2.12)

εr = 1 + χe, (2.13)

where μr is the relative permeability and εr the relative permittivity.

The electromagnetic field solution can be obtained by directly evaluating the Maxwell
equations. However, by employing potential descriptions of the field solutions the
evaluation can be simplified. In this thesis only static electromagnetic problems are
considered and, therefore, only electric and magnetic potentials are treated.

2.1.2 Magnetic scalar potential

The magnetic scalar potential assumes regions to be current-free, (�J =�0), reducing
Ampère’s law (2.1) for static magnetic problems to

∇× �H =�0. (2.14)

Since the curl of the gradient of an arbitrary scalar function is zero (∇× (∇φ) =�0),
the magnetic field strength can be expressed as the gradient of the magnetic scalar
potential, φm, giving

�H = −∇φm. (2.15)

Combining (2.2), (2.10) and (2.15) results in Poisson’s equation based on the mag-
netic scalar potential

∇2φm =
1
μr

∇ · �Mr. (2.16)
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For source-free regions (2.16) reduces to Laplace’s equation

∇2φm = 0. (2.17)

2.1.3 Magnetic vector potential

According to the Gauss’s law for magnetism, as presented in (2.2), the magnetic
field is divergence-free. Using the vector calculus identity for the divergence of
the curl of an arbitrary vector field, �Z, (∇ · ∇�Z = �0) allows the introduction of the
magnetic vector potential. The magnetic flux density can be expressed in terms of
the magnetic vector potential, �A,

�B = ∇× �A. (2.18)

By substituting (2.18) into (2.1) and subsequently imposing the Coulomb gauge
condition, Poisson’s equation in terms of the vector potential is obtained

∇2 �A = −μ0μr�J − μ0∇× �Mr, (2.19)

which describes the magnetic fields in current-carrying regions (�J �= �0) or other
magnetic field sources. In the absence of any magnetic field source, this equation
reduces to Laplace’s equation

∇2 �A =�0. (2.20)

2.1.4 Electric scalar potential

In regions where no time-varying magnetic fields are present, Faraday’s law (2.3)
reduces to

∇× �E = 0. (2.21)

Similar to the derivation of the magnetic scalar potential, the electric scalar potential
can be obtained using the vector calculus identity for the curl of the gradient of an
arbitrary scalar function. Hence, the electric field strength is defined as the gradient
of the electrostatic potential, φe, giving

�E = −∇φe. (2.22)

Combining (2.4), (2.11) and (2.22) results in Poisson’s equation for electrostatics

∇2φe =
ρ

εr
+

1
εr
∇ · �Pr. (2.23)
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For regions where no electric charges are present and materials without residual
polarization, (2.23) reduces to

∇2φe = 0. (2.24)

2.2 Force calculation methods

2.2.1 Lorentz force

The Lorentz force describes the force experienced by a point charge due to elec-
tromagnetic fields. The force acting on a moving particle with charge q is given
by

�F = q�E + qvp × �B, (2.25)

where �F is the force acting on the particle and vp is the velocity of the particle.
The first term represents the electric force whereas the second term is called the
magnetic force. Since only magnetostatic problems are considered in this thesis,
the electric force is assumed to be negligible. Similar to (2.25), the force density, �f ,
can be given for continuous charge distributions

�f = �J × �B, (2.26)

where
�J = ρ�v. (2.27)

To obtain the electromagnetic force, the force density is integrated over the current-
carrying volume, V,

�F =

˚

V

�J × �BdV, (2.28)

where �F is the force acting on the current-carrying volume.

Lorentz forced based on magnetic charge

Starting from (2.16), the 3-D magnetic scalar potential can be represented in integral
form using the free space Green’s function [46]

φm(�r) =
ˆ

G(�r,�r′)∇′ · �Mr(�r′)dV = − 1
4π

ˆ ∇′ · �Mr(�r′)
|�r −�r′| dV, (2.29)
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where �r is the observation point, �r′ is the source point and v′ the volume of the
considered region. If the magnetization vector, �Mr is limited to a volume V, then
(2.29) becomes

φm(�r) =
1

4π

˚

V

∇′ · �Mr(�r′)
|�r −�r′| dV +

1
4π

‹

S

�Mr(�r′) · n̂
|�r − (�r′)| dS, (2.30)

where S is the surface that bounds volume V and n̂ is the unit vector point normal
to surface S. A magnetic volume charge, ρm, and surface charge density, σm, can be
introduced where

ρm = −∇ · �Mr, (2.31)

σm = �Mr · n̂. (2.32)

For homogeneously, uniformly magnetized permanent magnets, the divergence of
the magnetization is zero. Hence, no magnetic volume charges are present and
only surface charge densities remain. Subsequently, using (2.5), (2.30) and (2.15)
the magnetic flux density due to single permanent magnet in free space is given by

�B(�r) =
μ0

4π

‹

V

σm(�r′)(�r −�r′)
|�r −�r′|3 dS. (2.33)

For a configuration with a cuboidal magnet, as shown in Figure 2.1, the magnet can
be modeled using eight nodes at the vertices of the cuboidal volume. The vertices
are denoted with the index dj, dk, dl ∈ {0, 1} with j, k and l representing the x-,
y- and z-direction. The magnetic charge method assumes that the relative perme-
ability of the materials, μr, is unity. The magnetic flux density due to a permanent
magnet, with a remanent flux density Br and magnetized in the z-direction, is given
by [3]

Bx (x, y, z) =
Br

4π

1

∑
dj ,dk ,dl=0

(−1)dj+dk+dl ln (g + T) , (2.34)

By (x, y, z) =
Br

4π

1

∑
dj ,dk ,dl=0

(−1)dj+dk+dl ln (− f + T) , (2.35)

Bz (x, y, z) =
Br

4π

1

∑
dj ,dk ,dl=0

(−1)dj+dk+dl atan
(

f g
hT

)
, (2.36)
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z

y

x

Permanent
magnet

Conductor

Figure 2.1: Illustration of a permanent magnet with an equivalent 3-D magnetic charge dis-
tribution below a cuboidal current-carrying volume.

where

T =
√

f 2 + g2 + h2, (2.37)

f = (x − x′), (2.38)

g = (y − y′), (2.39)

h = (z − z′). (2.40)

Back iron can be included in the magnetic field description by employing the method
of images [46].

Subsequently, an analytical expression of the Lorentz force acting on rectangu-
lar conductor volumes can be obtained by integrating the magnetic flux density
over the current-carrying volume for each respective force component as is shown
in [116]. For a conductor volume with a current density vector, �J = (Jx, 0, 0), the
respective force components are given by

Fx = 0, (2.41)

Fy = (2.42)

∑
q

JyBr

6

( (
f 2
a + g2

a − 2h2
a

)
Ta + 3x(−g2

a + h2
a)tanh−1

(
fa

Ta

)

+ 3ga

(
− f 2

a + h2
a

)
tanh−1

(
y
Ta

)
+ 6 fagahatan−1

(
faga

haTa

))
,
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Fz = (2.43)
JyBr

18

(
− h3

a + 6gahaTa + 9 fa

(
g2

a + h2
a

)
tan−1

(
ga

ha

)

+ 3 f 3
a

(
− 4tan−1

(
ha

fa

)
+ tan−1

(
gaha

faTa

))
+ g3

alog(8)

+ 3h3
alog (ga + Ta) + 9 fa

(
ha

(
−3ga + hatan−1

(
faga

haTa

)))

+ ga

(
2gatan−1

(
Ta

ga

)
+ gatan−1

(
faha

gaTa

))
+ 2halog (− fa + Ta)

3g3
alog (ha + Ta)− 3 f 2

a (−4ha + 9galog(2) + 3halog (ga + Ta) + 3galog (ha + Ta))
)

where

Ta =
√

f 2
a + g2

a + h2
a, (2.44)

fa = (xw − xm), (2.45)

ga = (yw − ym), (2.46)

ha = (zw − zm). (2.47)

The analytical expression for the Lorentz force allows a relatively fast and accurate
computation of ironless electromagnetic problems. However, the derived method
considers only rectangular sections of a conductor with sides that are parallel to the
sides of the cuboidal permanent magnet. Hence, it does not provide an analytical
solution to the force produced by corner segments or end windings of the coil. The
forces produced by these parts of the conductor have to be obtained numerically.
For aligned configurations of coils and permanent magnets the end-windings do
not contribute to the production of electromagnetic propulsion forces.

2.2.2 Maxwell stress tensor

A more general approach to the computation of electromagnetic forces acting on
a body is provided by the Maxwell stress tensor method [46]. Unlike the Lorentz
force law, the Maxwell stress tensor method is applicable to the calculation of elec-
tromagnetic forces on non current-carrying volumes. The method gives the force
acting on the body [64]

�f =
1

μ0μr
∇ · T, (2.48)
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where �f is the force density and T is the Maxwell stress tensor. The Maxwell stress
tensor is given by

T =

⎡
⎢⎣
(B2

x − 1
2 |B|2) BxBy BxBz

ByBx (B2
y − 1

2 |B|2) ByBz

BzBx BzBy (B2
z − 1

2 |B|2)

⎤
⎥⎦ . (2.49)

Using (2.48) and the divergence theorem, the force acting on a body is defined by

�F =
1

μ0μr

‹

S

T ·�nds, (2.50)

where�n is the unit normal vector to the bounding surface S.

2.2.3 Virtual work

Alternatively, the computation of the electromagnetic force acting on a body can
be obtained by the virtual work method. The principle of this method relates to a
change in the magnetic energy stored in the system due to the relative movement
of the body. The virtual work method revolves around the energy balance of the
magnetic, electric and kinetic energy components in a lossless system

dWel = dWem + dWk, (2.51)

where Wel , Wem and Wk are the electric energy, magnetic energy and kinetic work,
respectively. For an infinitesimal variation in position, dx, and flux linkage, dλ, the
change in the mechanical and magnetic energy are given by

dWk = Fdx, (2.52)

dWel = idλ, (2.53)

where i is the current. Combining (2.51), (2.52) and (2.53), under the assumption
that λ remains constant, an expression of the force based on the energy is obtained

�F = −∂Wem

∂�x

∣∣∣∣∣
λ=constant

. (2.54)
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Analogous to the derivation for the energy the expression of the force in terms of
the co-energy becomes

�F =
∂W ′

em
∂�x

∣∣∣∣∣
i=constant

. (2.55)

The magnetic co-energy is given by

W ′
em =

˚

V

[ Ĥ

Hc

�Bd�H

]
dV, (2.56)

where V is the volume on which the force is calculated and Hc the coercivity of the
material. For linear, homogeneous, isotropic materials (2.56) reduces to

W ′
em =

μ0μr

2

˚

V

|�H|2dV. (2.57)

2.3 2-D Harmonic modeling

The harmonic modeling technique is widely employed to describe electromagnetic
fields inside various electromechanical devices [9]. Most work focuses on determin-
ing the magnetic fields and their related parameters to design, for instance, linear
motors [65, 133, 137]. Alternatively, harmonic modeling is used in the modeling of
antennas and transmission lines with finite thickness of the dielectrics where static
and steady-state electric fields are observed [104, 105]. In these cases, the electric
field distributions are obtained for slotted structures or a geometry with a rectangu-
lar aperture. However, the orthogonal representation of the regions does not allow
curvatures to be taken into account in a Cartesian coordinate system. Including
the curvature of corners is crucial in predicting the electric field distribution since
the radius of the curvature determines the field enhancement. To account for slot-
ting with curved corners the model presented in [140] is treated in this section. A
harmonic model provides the large-scale spatial potential distribution in a slotted
geometry whereas the conformal mapping treats the fields near the curved corners
of the slotted region.

2.3.1 Electrostatic field solution

The harmonic model describes the 2-D electrostatic field distribution in the spa-
tial frequency domain using Fourier series. The fields are obtained by solving the
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electric scalar potential for the different regions inside the device. The boundaries
of each region are orthogonal and parallel to either the x- or y-axis. Furthermore,
within a region the material properties are assumed to be linear and homogeneous.
For time-independent problems the solution is only dependent on the instanta-
neous value of the electric sources and the boundary conditions. Therefore, the
electric scalar potential has to satisfy the Laplace equation, (2.24), for source-free
regions, or the Poisson equation, (2.23), for regions with a charge density or a po-
larization.

For a 2-D Cartesian coordinate system, the Fourier series for the internal polariza-
tion vector in the spatial frequency domain for an arbitrary region k is given by

�P0 = �Pk
o +

N

∑
v=1

�Pk
cv cos(ωk

vx) + �Pk
sv sin(ωk

vx), (2.58)

where �Pk
o contains the nonharmonic offset components of the internal polarization

field, �Pk
cv and �Pk

sv are the vth spatial harmonic components for their respective sine
and cosine parts of the harmonic order v, and ωk

v is the spatial frequency. Similarly,
the description of the volume charge density in region k is given by

ρ = ρk
o +

N

∑
v=1

ρk
cv cos(ωk

vx) + ρk
sv sin(ωk

vx), (2.59)

where ρk
o, ρk

cv and ρk
sv contain the Fourier coefficients for the DC offset, sine and

cosine terms, respectively. The spatial frequency, ωk
v, is a function of the width of

the region, τe,k and the harmonic order, v. Hence, the spatial frequency for regions
with periodical boundary conditions, e.g. k = I in Figure 2.2, is defined as

ωk
v =

2vπ

τe,I
. (2.60)

However, for regions in which the boundary conditions define the electrical field
tangent at the lateral side to be zero, e.g. k = I I I in Figure 2.2, the spatial frequency
is defined as

ωk
v =

vπ

τe,I I I
. (2.61)

The electrostatic scalar potential for region k is given by

φe = ak
0 +

∞

∑
v=1

(ak
v sin(ωk

vx) + bk
v cos(ωk

vx))(ck
veωk

vy + dk
ve−ωk

vy), (2.62)

where ak
v, bk

v, ck
v and dk

v are constants with respect to vth harmonic of the kth region.
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Continuous boundary condition
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Periodic boundary condition
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h5

Figure 2.2: An example of a geometrical division including different type of boundary con-
ditions.

The expression for the electric field components are obtained using (2.22). The elec-
tric field component with respect to the x-direction is given by

Ex =
∞

∑
v=1

(ak
vωk

v cos(ωk
vx)− bk

vωk
v sin(ωk

vx))(ck
veωk

vy + dk
ve−ωk

vy). (2.63)

In a similar way, the electric field component in the y-direction becomes

Ey =
∞

∑
v=1

(ak
v sin(ωk

vx) + bk
v cos(ωk

vx))(ck
vωk

veωk
vy − dk

vωk
ve−ωk

vy). (2.64)

2.3.2 Boundary conditions

To obtain the field related quantities, the unknown coefficients ak
v, bk

v, ck
v and dk

v
have to be determined. These coefficients are obtained by solving a set of linear
equations that are governed by the boundary conditions. Typically, the set of linear
equations contains 4xN unknown harmonic coefficients requiring the same number
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of equations, obtained by the boundary conditions, to solve the problem. However,
for cavity related problems the number of unknowns are reduced to 2× N since the
electrostatic field distribution in the cavity should be zero at the lateral sides of the
cavity and, therefore, only contains sine terms.

Four types of boundary conditions can be distinguished and are treated in the fol-
lowing subsections:

• continuous boundary condition;

• Dirichlet boundary condition;

• Neumann boundary condition;

• mixed boundary condition.

2.3.2.1 Continuous boundary condition

For the continuous boundary condition, the tangential field component of the elec-
tric field, Ex, needs to be continuous as well as the electrostatic potential, φe, at the
boundary between region k and j giving

Ek
x = Ej

x

∣∣∣∣∣
y=h2

, (2.65)

Dk
y = Dj

y

∣∣∣∣∣
y=h2

, (2.66)

where k and j indicate the regions that have a shared interface. The presented
boundary condition holds at shared interfaces of regions with equal width, as shown
in Figure 2.2 with region I and I I. Hence, both regions have the same fundamental
spatial frequency (wv

k = wv
j ) and the same coordinate system. By applying (2.65)

and (2.66) to the electric field distribution at the shared interface of the region, two
Fourier series are obtained with equal fundamental spatial frequency.

2.3.2.2 Dirichlet boundary condition

The Dirichlet boundary condition imposes a value or an a priori known function at
a boundary of a region

φk
e = pe

∣∣∣∣∣
y=c

, (2.67)
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where y = c is the interface at which the boundary condition is applied.

2.3.2.3 Neumann boundary condition

A Neumann boundary condition is considered at an interface where the normal
component of electric field strength is zero

Ek
y = 0

∣∣∣∣∣
y=c

. (2.68)

2.3.2.4 Mixed boundary condition

Mixed boundary conditions appear at the interfaces of regions with unequal width
and, hence, unequal fundamental spatial frequencies. A mixed boundary condition
consists of a combination of a continuous and Dirichlet boundary condition. The
continuous boundary condition holds along the interface where adjacent regions
share a common boundary whereas the Dirichlet boundary condition holds where
there is no common boundary giving

φk
e =

{
φ

j
e
∣∣
y=h3

1
2 τe,k − 1

2 τe,j ≤ x < τe,k +
1
2 τe,j,

0 elsewhere,
(2.69)

and

εI I
∂φI I
∂y

= εI I I
∂φI I I

∂y

∣∣∣∣
y=h3

. (2.70)

The boundary conditions at the interface require the mode-matching technique to
express the boundary condition in terms of the various spatial harmonics which
describe the electric field distribution at either side of the interface [52].

2.3.3 Curvature of corners

The harmonic model as described in the previous section is unable to model the
curvature of rounded elements since it has four orthogonal boundaries in the Carte-
sian coordinate system, resulting in sharp-angled corners. This results in solu-
tions that are globally accurate but locally inaccurate in the neighborhood of a
rounded element. To incorporate the curvature of rounded elements, a separate
model computes the electric potential of an unbounded profile that matches the
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(a) (b)

Figure 2.3: The conformal mapping applied in the combined model. a) Domain before map-
ping. b) Unbounded profile.

curvature of the corner. The field computation of the electric potential due to
the unbounded profile is performed by a conformal mapping. In the conformal
mapping, a squared domain as presented in Figure 2.3a is transformed into an un-
bounded profile, shown in Figure 2.3b. The conformal mapping of the unbounded
profile is given by

z = k[(w + a)
1
α + (w − a)

1
α ], (2.71)

where
z = x + iy, (2.72)

w = u + iv, (2.73)

with k = 1
2 , a = 2α−1 and α= 2

3 for the presented mapping in Figure 2.3. In (2.71),
x and y represent the coordinates in the actual geometry, u the electric field lines
and v the equipotential lines. The total potential distribution, φet, is s obtained
by combining the solutions of the semi-analytical model, φsa, and the unbounded
profile, φunb, and is given by

φet = λsΨαφunb for r ≤ Ψ, (2.74)

φet = φsa + λsΨαφunb for r ≥ Ψ, (2.75)

where λs represents the singularity factor and Ψ the curvature radius [72]. The
singularity factor is obtained by performing a weighted line integral in the semi-
analytical model from border to border of the sharp corner. The singularity factor
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Figure 2.4: a) The geometry of the investigated configuration. b) A detailed view of the
geometry near the corner.

Table 2.1: Dimensions and material parameters of the investigated configuration.

Symbol Value Description
wcoil 10 mm Width of the coil
wcav 30 mm Width of the cavity
wper 40 mm Width of the period
wi 10 mm Width of the intercoil gap
g 5 mm Height of the insulation
h 5 mm Height of the cavity
εI 1 Relative permittivity of region I
εI I 1 Relative permittivity of region II
Vp 1000 V Potential difference between coil and cooling environment
τ 0.1 mm Curvature radius

NI 91 Number of harmonics region I
NII 21 Number of harmonics region II

is given by

λs =
4

3π
Ψ−α

ˆ 3π
2

0
φsasin(αθ)dθ, (2.76)

where θ is the angle from border to border of the corner. In this model, the electric
field strength near the corner is obtained by numerically differentiating the poten-
tial distribution.
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2.3.4 Verification

To validate the results of the combined model, a periodic section of a linear actuator
configuration, shown in Figure 2.4a, is modeled with 2-D finite element method us-
ing Cedrat FLUX2D for the parameters given in Table 2.1. In Figure 2.4b, a detailed
view of the corner of the cooling environment is shown with points P1 and P2. The
configuration consists of a coil located below a electrically-conducting cooling en-
vironment which inhibits a cavity. The geometry is divided into two regions with
region I being the insulating layer between the coil and the cooling environment
and region II being the cavity. The conductor bundles of the coil are assumed to
be at an electric potential of either Vp or −Vp whereas the cooling environment is
connected to protective earth. Subsequently, these requirements are expressed as
the following boundary conditions. At y = 0, along path Γ, the electric scalar po-
tential is subjected to a Dirichlet boundary condition which mimics the potential
distribution of the coil and is given by

φI
∣∣
y=0 =

⎧⎪⎨
⎪⎩

Vp
1
2 wi ≤ x ≤ 1

2 wi + wcoil ,

−Vp
1
2 (wi + wper ≤ x ≤ wper − 1

2 wi + wcoil ,

0 elsewhere,

(2.77)

At y = g+ h, the electric scalar potential is defined by the cooling environment and
given by

φI
∣∣
y=g+h = 0. (2.78)

The mixed boundary condition between region I and II are given by

φI =

{
φI I

∣∣
y=g

1
2 wper − 1

2 wcav ≤ x < 1
2 wper +

1
2 wcav,

0 elsewhere,
(2.79)

and

εI
∂φI
∂y

= εI I
∂φI I
∂y

∣∣∣∣
y=g

. (2.80)

Near the corner, the electric field strength is compared along path γ, parallel to the
y-axis and starting from the original position of the sharp corner and ending at the
cooling environment. The electric field strength in the y-direction along path γ is
shown in Figure 2.5 for both the combined model and the finite element analysis. In
this figure, l is the normalized position along path γ with respect to the curvature
radius. The average discrepancies between the model and FEM for curvature radii,
Ψ, of 0.1 mm, 1 mm and 3 mm are 19 %, 17 % and 10 %, respectively. Furthermore, it
is observed that for a curvature radius of 3 mm the discrepancy increases to above
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Figure 2.5: Electric field of the combined model and FEM along path γ for different curvature
radii Ψ.

20 % near the starting point of path γ, towards point P2 in Figure 2.4b. This is due
to the conformal mapping presented in (2.71), which assumes a constant potential
at the horizontal boundaries of the mapping.

For small curvatures this is a valid assumption but for larger curvatures this is not
the case and the discrepancy at points far from the corner increases for increasing
curvature radii. The selected harmonic numbers, NI and NII , are sufficient for
these simulations since tripling the number of harmonics resulted in less than 1 %
change in the first 9 harmonic coefficients.

In Figure 2.6 the potential distribution and the discrepancy with the finite element
model of a periodical section of the investigated configuration are shown. The dis-
crepancy, D, is calculated as

D =
|Et| − |EFEM|

max(|Et|) , (2.81)

where Et and EFEM are the electric field strength of the combined model and FEM,
respectively. The discrepancies near the corners are below 15 %.
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Figure 2.6: Electric field and the discrepancy between the finite element method for the
combined model for wcav = 30 mm and Ψ = 0.1 mm.

2.4 Conclusions

In this chapter, different formulations for Maxwell’s equations have been given.
Three methods for calculating the force of an electromagnetic device have been
presented. For aligned configuration of coils and permanent magnets the end-
windings do not contribute to the production of electromagnetic propulsion forces.
The charge-based Lorentz force provides an analytical expression of the force be-
tween rectangular current-carrying volumes and cuboidal permanent magnets. This
method allows fast evaluation of different motor configurations and is, therefore,
most suitable for optimizing the coil geometry.

The 2-D combined model, consisting of harmonic model and a conformal map-
ping, in the Cartesian coordinate system has been extended to include cavities with
rounded corners in linear motor geometries. The field solutions of the combined
model are verified with 2-D finite element analyses for different curvature radii
of the corner of a motor configuration with a cavity. For large curvature radii the
average discrepancy is 10 %, compared to smaller curvature radii, 19 %. For large
curvature radii the discrepancy far from the corner, towards point P2 in Figure 2.4b,
increases to above 20 %. Therefore, the combined model is suitable to estimate the
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effect of cavities and curvatures on the electric field distribution in electromagnetic
devices. However, alternative computation methods should be applied if a higher
accuracy is desired in geometries with an complex arrangement of materials.



Chapter 3

Spectral element modeling of

2-D electrostatic problems

THIS chapter describes the modeling and analysis of the electrostatic field dis-
tribution in 2-D electrostatic problems using the Spectral Element Method
(SEM). The nodal Galerkin approximation for the electrostatic Poisson equa-

tion is presented for squared and non-squared elements. The spectral element
model is validated with finite element analysis on a section of an iron-cored linear
motor with and without air-filled voids. Furthermore, a convergence analysis of
the spectral element method is performed as function of the degree of the selected
polynomials series.

This chapter is based on:
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ternational Electric Machines and Drives Conference (IEMDC), 2017, pp. 1-6.
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3.1 Introduction

Cavities and protrusions in the motor geometry caused by, for instance, mounting
holes, surface irregularities or corners can lead to local electric field enhancement
and, subsequently, to partial discharge or dielectric breakdown at a relative low
operating voltage. Therefore, predicting the electric field distribution in such a
geometry is necessary to quantitatively assess the level of field enhancement.

Modeling of the electric field distribution in electrical machines is often performed
by finite element or boundary element methods [79, 131, 139]. These methods, how-
ever, are computationally intensive compared to (semi)-analytical techniques such
as harmonic modeling [87], conformal or Schwarz-Christoffel mappings [12, 101]
or a combination of these models [140]. On the other hand, these analytical meth-
ods are not suitable for modeling electric field distributions accurately in complex
geometries. Harmonic models only apply to either Cartesian or cylindrical coordi-
nate systems, therefore, curvatures or circular regions cannot be taken into account
in rectangular domains. Conformal mappings allow curvatures to be taken into
account but only for simple geometries without loss of accuracy [37].

The preferred modeling technique is a trade-off between the desired accuracy and
the computational effort which inherently depends on the type of problem [112].
A subset of the mentioned methods require discretization and meshing of the ge-
ometry prior to the calculation of the electric potential distribution. Accurate field
descriptions can be obtained by increasing the mesh density, but this negatively in-
fluences the computation time. Furthermore, obtaining a solution for electromag-
netic devices which have small features becomes challenging due to the necessity
of a high mesh density and the total number of mesh elements. Alternatively, spec-
tral methods employ comparatively fewer elements with higher-order expansions
whereas finite element techniques apply many elements and expand each element
into a low order.

The spectral element method (SEM) is well known in engineering fields with high
complexity such as wave scattering, structural analysis and fluid dynamics [71,
91]. These examples involve problems with high aspect ratios [106] or require a
multi-physical approach [108]. Therefore, the spectral element method is suitable
for modeling coupled problems, that have complicated arrangements of materials,
without mesh adaptations between physical domains. In magnetics, the spectral el-
ement method has been employed to model the eddy current distribution in high-
speed rotating cylinders [50], model the magnetic flux density distribution in the
soft-magnetic parts of linear synchronous machines [32] or coupled with finite ele-
ment models to reduce the computational load in modeling magnetic brakes [36].
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This chapter is organized as follows. In Section 3.2.2 the derivation of the spectral
element method for electrostatic problems on the reference element is presented.
The transfinite interpolation to non-squared elements and the required adaptations
to the vector operations is discussed in Section 3.2.3. The implementation of the
spectral element method in matrix form is addressed in Section 3.3 whereas the
boundary conditions are provided in Section 3.4. The validation and comparison of
the spectral element method with finite element analysis is presented for a section
of an iron-cored linear motor in Section 3.5.

3.2 Spectral element formulation

The spectral element model is based on describing the 2-D electric potential field
distribution by a set of orthogonal polynomials. The division of the geometry re-
sults in a boundary value problem where the electrostatic field distribution in each
element can be calculated by applying the proper boundary conditions at the in-
terfaces of the domain transitions. The nodal Galerkin formulation is applied to
the Poisson equation for electrostatics, resulting in the weak form of the electro-
static partial differential equation. This allows a larger class of solutions compared
to the strong form of the electrostatic partial differential equation, including solu-
tions with weaker smoothness constraints [18, 70]. Contrary to harmonic modeling
techniques, the field solution is obtained directly at specific nodes in the geometry.
For maximum accuracy, these nodes coincide with roots of the selected polyno-
mial series. Interpolation of nodal results is performed to evaluate field quantities
at non-node locations. The derivation of the nodal Galerkin formulation for the
spectral element method is analogous to the book of Kopriva [70] and extended for
electrostatic problems.

3.2.1 Legendre-Gauss-Lobatto polynomial series

Different type of polynomial series can be employed as basis function, however,
in order to use the truncated version of the polynomial series it is important that
the coefficients of the series decay rapidly. A convenient way to generate basis
functions is to use the Sturm-Liouville theorem for the reference domain [-1,1] [18,
70]. The eigenfunctions of this eigenvalue problem are Jacobi polynomials. Special
cases of the Jacobi polynomials are the Legendre and the Chebyshev polynomial
series. These orthogonal polynomial series achieve an exponential convergence
rate for geometries with smoothly varying material properties [11]. Hence, fewer
degrees of freedom compared to finite element methods are required for accurate
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Figure 3.1: Expansion of the Legendre polynomials with degree 2 through 5.

field solutions [31, 33, 48, 111]. Of the mentioned orthogonal polynomial series,
the Legendre polynomial series are selected since the weight function for this type
of polynomial is unity which simplifies the evaluation of the Gauss quadratures.
Furthermore, the roots of the polynomial lie all in the [-1,1] domain which will
serve as a reference domain for the implementation of the spectral element method.
The expansion along axis ξ by a Legendre polynomial series, LN , with degree N is
given by

LN+1(ξ) =
2N + 1
N + 1

ξLN(ξ)− N
N + 1

LN−1(ξ), (3.1)

with L0 = 1 and L1 = ξ. The expansions of the Legendre series from N equal
to 2 through 5 are shown in Figure 3.1. Using the Legendre series one is able to
construct the Legendre-Gauss-Lobatto (LGL) series which is given by

PLGL = LN+1 − LN−1. (3.2)

The expansions of the Legendre-Gauss-Lobatto polynomials along axis ξ is shown
in Figure 3.2 for N equal to 2 through 4. The distinct advantage of employing
Legendre-Gauss-Lobatto polynomials is that, independent of the degree of the poly-
nomial, roots exist at the vertices of the domain, ξ equal to -1 and 1, respectively as
shown in Figure 3.3a and 3.3b for a 1-D and 2-D element. This simplifies the im-
plementation of boundary conditions between adjacent elements since the roots of
shared boundaries coincide and interpolation of subsequent nodes is not necessary.
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Figure 3.2: Expansion of the Legendre-Gauss-Lobatto polynomials with degree 2 through 4.

By applying a mapping to the reference element, arbitrary quadrilateral elements
can be obtained as shown in Figure 3.3c.

The Lagrangian interpolation of a function φe, that is approximated by a Legendre-
Gauss-Lobatto polynomial, ensures the uniqueness of function φe. The Lagragian
interpolation of φe is given by

φe(ξ) =
N

∑
j=0

φe,jlj(ξ), (3.3)

with

lj(ξ) =
N

∏
n=0
n �=j

ξ − ξn

ξ j − ξn
, (3.4)

where φe,j is the result of φe, evaluated at the corresponding root.
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Figure 3.3: The discretization of the elements into LGL nodes. a) A 1-D element with the
local coordinate system ξ. b) A 2-D, square, element with coordinate system ξ, η. c) A 2-D
nonsquared element.

3.2.2 Nodal Galerkin approximation on the reference element

The electrostatic scalar potential is obtained for time-independent problems by
solving the following form of the elliptic equation,

∇ · (ε∇φe) = −ρ, (3.5)

where ρ is the electric charge density and ε the permittivity of the material. Conse-
quently, the electrical field is given by

�E = −∇φe. (3.6)

To obtain the weak form, the equation is multiplied with a smooth test-function
γ and a weight function, w, appropriate to the type of polynomials in which the
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solution is expanded. In the case of Legendre polynomials, this weight function, w,
is unity over the whole domain. Finally, the solution is integrated over the surface
of the computational element, Ωξ,η , giving

¨

Ωξ,η

(ρ − ε∇2φe)γwdΩξ,η = 0. (3.7)

For arbitrary functions u and v Green’s first identity is given by
¨

Ωξ,η

v∇2udΩξ,η =

˛

∂Ωξ,η

v∇u · n̂dl −
¨

Ωξ,η

∇u · ∇vdΩξ,η . (3.8)

By applying Green’s first identity to (3.7), the weak form of the electrostatic equa-
tion is obtained

˛

∂Ωξ,η

γε∇φe · n̂dl −
¨

Ωξ,η

ε∇γ · ∇φedΩξ,η =

¨

Ωξ,η

ργdΩξ,η , (3.9)

where Ωξ,η represents the surface of the computational element with coordinate
axes ξ and η. The separation of boundary and surface integrals allows the boundary
conditions to be taken into account by manipulation of the boundary integral. The
test function, γ, and electrostatic scalar potential, φe are approximated by

γ(ξ, η) =
N

∑
i,j=0

γi,jli(ξ)lj(η), (3.10)

and

φe(ξ,η) =
N

∑
n,m=0

φe(n,m)ln(ξ)lm(η), (3.11)

where li(ξ) and lj(η) are the Lagrange interpolating polynomials for the respective
ξ and η axes. li(ξ) and lj(η) are given by

li(ξ) =
N

∏
s=0
s �=t

ξ − ξs

ξt − ξs
, (3.12)

and

lj(η) =
N

∏
s=0
s �=t

η − ηs

ηt − ηs
. (3.13)
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Substituting (3.10) and (3.11) into (3.9) gives

ε
N

∑
i,j=0

γi,j

N

∑
n,m=0

φe(n,m)

˛

dΩξ,η

li(ξ)lj(η)
{

l′n(ξ)lm(η) + ln(ξ)l′m(η)
}

dl (3.14)

−ε
N

∑
i,j=0

γi,j

N

∑
n,m=0

φe(n,m)

¨

Ωξ,η

lj(η)l′i(ξ)
{

l′n(ξ)lm(η))
}

+li(ξ)l′j(η)
{

ln(ξ)l′m(η)
}

dΩξ,η =
N

∑
i,j=0

γi,j

¨

Ωξ,η

li(ξ)lj(η)ρdΩξ,η ,

where

l′i(ξ) =
∂li(ξ)

∂ξ
, (3.15)

and

l′j(η) =
∂lj(η)

∂η
. (3.16)

From (3.14) it is clear the coefficients of test-function γi,j can be omitted. For inte-
rior elements the boundary integral vanishes and the surface integrals in (3.14) are
separated with respect to their axes giving

¨

Ωξ,η

li(ξ)lj(η)ρdΩξ,η = ε
N

∑
n,m=0

φe(n,m)

{⎛
⎜⎝ˆ

dη

lm(η)lj(η)dη

⎞
⎟⎠

⎛
⎜⎝ˆ

dξ

l′i(ξ)l
′
n(ξ)dξ

⎞
⎟⎠(3.17)

−

⎛
⎜⎝ˆ

dξ

li(ξ)ln(ξ)dξ

⎞
⎟⎠

⎛
⎜⎝ˆ

dη

l′m(η)l′j(η)dη

⎞
⎟⎠

}
.

Although the integrals in (3.17) could be evaluated analytically, providing an exact
derivation, a quadrature approximation of the integrals is applied. The quadratures
simplify the computation of the integrals while spectral accuracy is retained [53,
142]. The Gauss-Lobatto quadratures are evaluated at the roots of the polynomial
and are given by

ωj =
2

N(N + 1)
(

LN(ζ j)
)2 , (3.18)

where ωj is the quadrature contribution at the considered root, j, for the specific
axis, ζ. For orthogonal functions, such as the Lagrange interpolation polynomials,
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the following theorem is valid⎛
⎜⎝ˆ

dη

lm(η)lj(η)dη

⎞
⎟⎠

⎛
⎜⎝ˆ

dξ

l′i(ξ)l
′
n(ξ)dξ

⎞
⎟⎠ = (δj,m)wm

⎛
⎜⎝ˆ

dξ

l′i(ξ)l
′
n(ξ)dξ

⎞
⎟⎠ . (3.19)

Combining (3.18) and (3.19) into (3.17) results in

ε
N

∑
n=0

φe(n,j)l
′
i(ξ)l

′
n(ξ)wj + ε

N

∑
m=0

φe(i,m)l
′
m(η)l

′
j(η)wi =

N

∑
n,m=0

wnwmliljρ = wiwjρ. (3.20)

Subsequently, (3.20) is simplified by representing the derivative of the Lagrange
interpolating polynomials into derivative matrices

LDξ = l′i(ξ)l
′
n(ξ), (3.21)

LDη = l′m(η)l′j(η), (3.22)

where LDξ and LDη are the derivative matrices for the ξ-axis and the η-axis. Com-
bining (3.21) and (3.22) with (3.20) results in nodal Galerkin approximation for 2-D
electrostatic problems on a reference element

N

∑
k=0

φe(k,j)LDξ wj + φe(i,k)LDηwi = wiwjρ. (3.23)

3.2.3 Derivation of the nodal Galerkin formulation for non-squared

elements

The derivation of the nodal Galerkin method for 2-D electrostatic problems in Sec-
tion 3.2.2 holds for the computational element [-1,1]. However, practical electro-
static problems involve elements with different sizes and shapes to accurately rep-
resent the geometry. To incorporate non-squared elements, a mapping based on
transfinite interpolation with linear blending is applied. The mapping, X(ξ, η),
from the computational element, Ωξ,η to an arbitrary shaped quadrilateral element,
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Ωx,y is given by

X(ξ, η) =
1
2
((1 − ξ)Γ4(η) + (1 + ξ)Γ2(η) + (1 − η)Γ1(ξ) + (1 + η)Γ3(ξ))

− 1
4
(1 − ξ)[(1 − η)Γ1(−1) + (1 + η)Γ3(−1)] + (1 + ξ)[(1 − η)Γ1(1)

+ (1 + η)Γ3(1)]), (3.24)

where Γk with index k ∈ {1, ..., 4} represent the parametric description of the corre-
sponding boundary. Rearranging the mapping gives

X(ξ, η) = X(ξ, η)x̂ + Y(ξ, η)ŷ, (3.25)

where X(ξ, η) represents the mapping components related to the x-direction and
Y(ξ, η) the mapping components related to the y-direction.

Under mapping, the vector operations are transformed based on the chain rule.
For a given mapping x = X(ξ, η), the derivatives of the electrostatic potential, φe,
transform as

∂φe

∂x
=

∂φe

∂ξ

∂ξ

∂x
+

∂φe

∂η

∂η

∂x
, (3.26)

∂φe

∂y
=

∂φe

∂ξ

∂ξ

∂y
+

∂φe

∂η

∂η

∂y
.

The transformation from the reference element to the desired computational ele-
ment is known, but the derivatives ∂ξ

∂x , ∂ξ
∂y , ∂η

∂x , ∂η
∂y require the inverse of the transfor-

mation. The inverse of the transformation is often not known, nor is it practical to
find it by inverting the original mapping. Alternatively, these derivatives can be
obtained by introducing covariant and contravariant base vectors. The covariant
base vectors, ai, are defined to be tangent to a coordinate line of the mapping. Sim-
ilarly, the contravariant base vectors, ai, are defined to be normal to the coordinate
lines and can be expressed in terms of the covariant base vectors by

ai =
1
JT

aj × ak, (3.27)

where JT is the transformation of the Jacobian. The vector operations under map-
ping such as the divergence and the gradient operators in (3.9) can also be ex-
pressed in terms of the contravariant base vectors. The gradient operator on an
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a1

a2

a1

a2

η = constant

ξ = constant

Figure 3.4: Covariant, indicated by the subscripts, and contravariant basis vectors, indicated
by the superscripts.

arbitrary vector j is given by

∇k =
1
JT

3

∑
i=1

JTai ∂k

∂ζ i . (3.28)

Similarly, the divergence of an arbitrary vector, k, is given as

∇ · k =
1
JT

3

∑
i=1

∂

ζ i (JTai · k). (3.29)

Consequently, combining (3.9) including the test function, γ, with the definitions
for the vector operations in (3.28) and (3.29) extends the nodal Galerkin formulation
to non-squared elements giving

˛

∂Ωx,y

εFnγdl −
¨

Ωx,y

ε

(
F1 ∂γ

∂ξ
+ F2 ∂γ

∂η

)
dΩx,y =

¨

Ωx,y

ρJTγdΩx,y, (3.30)

where Fn, F1 and F2 are contravariant flux vectors incorporating the vector opera-
tions under mapping.

The covariant bases, a1 and a2, represent the tangential vectors along a coordinate
line for η and ξ axis. The contravariant bases, a1 and a2 represent the normal vectors
to a coordinate line for η and ξ axis, as shown in Figure 3.4. Using these definitions
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for covariant and contravariant base vectors, the electrostatic equation is rewrit-
ten for an arbitrary 2-D mapping of the reference element. For two dimensional
problems, the covariant basis vectors for a mapping x = X(ξ, η) = Xx̂ +Yŷ + ẑ are

a1 =
∂X

∂ξ
= Xξ x̂ + Yξ ŷ, (3.31)

a2 =
∂X

∂ξ
= Xη x̂ + Yη ŷ,

a3 = ẑ.

The contravariant basis vectors are obtained by the gradient relations with the co-
variant basis vectors given in (3.27)

a1 =
1
JT

(a2 × a3) =
1
JT

(Yη x̂ − Xη ŷ), (3.32)

a2 =
1
JT

(a3 × a1) =
1
JT

(−Yξ x̂ + Xξ ŷ).

The contravariant flux vectors, F1 and F2, in (3.30) are obtained by combining the
flux vector contributions of the gradient and divergence operators. Applying (3.28)
to the electrostatic potential, φe, gives the gradient of the electrostatic potential in
mapped elements

∇φe =
1
JT

{
Yη

∂φe

∂ξ
− Yξ

∂φe

∂η

}
x̂ +

1
JT

{
− Xη

∂φe

∂ξ
+ Xξ

∂φe

∂η

}
ŷ. (3.33)

The divergence of the electrostatic potential in element under mapping is obtained
by applying (3.29) to the electrostatic potential giving

∇ · φe =
Yη

JT
(Yη

∂φe

∂ξ
− Yξ

∂φe

∂η
) +

Xη

JT
(−Xη

∂φe

∂ξ
+ Xξ

∂φe

∂η
). (3.34)

Combining (3.33) and (3.34) results in the Laplace operator under mapping

∇ · ∇φe = F1 ∂φe

∂ξ
− F2 ∂φe

∂η
, (3.35)
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where

F1 =
Y2

η + X2
η

JT

∂φe

∂ξ
− YξYη + Xξ Xη

JT

∂φe

∂η
, (3.36)

F2 = −YξYη + Xξ Xη

JT

∂φe

∂ξ
+

Y2
η + X2

η

JT

∂φe

∂η
. (3.37)

The Jacobian of the transformation is computed as

JT = XξYη − XηYξ . (3.38)

In the Neumann boundary conditions it is required to define the normal component
of the electric field. Therefore, the transformation of the outward pointing flux of
the electrostatic potential is given by

∇φe · n̂ =
1

|JT |
√
(Y2

η + X2
η

((Y2
η + X2

η)
∂φe

∂ξ
− (Yξ Xη + Xξ Xη)

∂φe

∂η
. (3.39)

Rearranging (3.39) gives the final expression for the normal component of the gra-
dient of the electrostatic potential

∇φe · n̂ = Fnφe =

⎧⎪⎪⎨
⎪⎪⎩

|JT |
JT

√
Y2

ξ + X2
ξ

∂φe
∂η for Γ1 and Γ3,

|JT |
JT

√
Y2

η + X2
η

∂φe
∂ξ for Γ2 and Γ4.

(3.40)

3.3 Matrix form of the nodal Galerkin method

By dividing the geometry into elements, a boundary value problem is obtained.
Therefore, the presented electrostatic-field solution is given in matrix form to solve
the set of equations and obtain the unknown coefficients. For any practical imple-
mentation of the presented electrostatic-field solutions, the degree of the Legendre-
Gauss-Lobatto polynomial, N, is truncated. Consequently, the size of the matrices
is determined by the number of elements and the polynomial degree. Inside each
element (N + 1)2 unknown coefficients are used. The contravariant fluxes are eval-
uated for each LGL root of an element and the results are stored in a diagonal matrix
with (N + 1)2 in size. By replacing the derivative operators in (3.36) and (3.37) by
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its matrix equivalent, the contravariant flux matrices F1 and F2 are obtained

F1 =[(Y2
η + X2

η)LDξ
− (YηYξ + XηXξ)LDη ]J

−1
T ϕ, (3.41)

F2 =[−(YηYξ + XηXξ)LDξ
+ (Y2

ξ + X2
ξ)LDη ]J

−1
T ϕ. (3.42)

The contravariant flux at the boundary of an element, fn, is extensively used in
applying different types of boundary conditions. Alternatively, the matrix form of
the normal flux, fn, is given by

fn =

⎧⎪⎪⎨
⎪⎪⎩

sign(JT)
√

Y2
ξ + X2

ξfb for Γ1 and Γ3,

sign(JT)
√

Y2
η + X2

ηfb for Γ2 and Γ4,

(3.43)

where fb is the flux forced on the boundary.

The elliptic partial differential equation, as presented in (3.30), is described in its
equivalent matrix form. The matrix form of (3.30) for a single element with fn zero
on all boundaries is given by

− ε(LDT
ξ

Qξ,ηF1 + LDT
η

Qξ,ηF2)ϕ = jT ◦ ρ ◦ ωξ,η , (3.44)

where ε is the matrix diagonal for the equation coefficient ε, ϕ is the column vec-
tor containing the unknown coefficients of the electrostatic potential φe and "◦" the
Hadamard product of matrices. jT and ρ are the column vectors for the Jacobian
from (3.38) and the source term of the elliptic equation, respectively. Qξ,η repre-
sents the two-dimensional quadrature matrix. The contributions of the material
coefficient, derivative, quadrature and contravariant flux matrices for all elements
are stored in a global matrix, E, with the final linear system of equations given by

Eu = b, (3.45)

where u is the solution vector on the LGL roots, and b is the source vector on
the LGL roots. Subsequently, the unknown coefficients in the solution vector are
obtained using LU-decomposition [57].

3.4 Boundary conditions

To determine the unknowns coefficients in the electrostatic field solutions, bound-
ary conditions have to be considered. The following type of boundary conditions
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Figure 3.5: Illustration of the interface between region j and k at η = c.

can be distinguished:

• continuous boundary conditions;

• Dirichlet boundary conditions;

• Neumann boundary conditions.

Each of them are treated in the following subsections.

3.4.1 Continuous boundary condition

For the continuous boundary condition, the tangential component of the electric
field and the normal component of the displacement field need to be continuous at
the boundary between element k and j giving

Ek
t = Ej

t

∣∣∣∣∣
y=c

, (3.46)

Dk
n = Dj

n

∣∣∣∣∣
y=c

. (3.47)

Elements k and j have the the same degree of polynomial approximation (Nj =
Nk) which implies that the roots of both elements coincide at the shared boundary.
In the global matrix, E, the continuity between the elements k and j is preserved
by the summation of the matrix entries that are shared. Subsequently, the shared
boundary of elements k and j is represented by a single row.
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3.4.2 Dirichlet boundary condition

A Dirichlet boundary condition is employed to specify the electrostatic scalar po-
tential on a boundary of an element.

φk
e = pe

∣∣∣∣∣
η=c

, (3.48)

where pe is the imposed electric potential at the boundary. To implement the Dirich-
let boundary condition, the entries of b in (3.45), that correspond to the lines and
points where the condition is assigned, is given by

bi = pe, (3.49)

where i corresponds to the LGL roots on the boundary. The corresponding entries
in global matrix E are replaced by a diagonal filled with ones.

3.4.3 Neumann boundary condition

The Neumann boundary condition specifies the normal derivative of a function on
the boundary of the element. Physically, specifying the normal derivative of the
electrostatic potential corresponds to defining the surface charge distribution on
the boundary

∂φe

∂n
= sc

∣∣∣∣∣
η=c

, (3.50)

where sc is the imposed surface charge density at the boundary.

3.5 Validation with finite element analysis

In this section, the spectral element method is applied to model and compare with
2-D finite element analysis on a periodic section of a linear synchronous motor. An
iron-cored motor is chosen over a coreless motor since an iron-cored motor features
a more complex arrangement of materials and elements with different curvatures.
Therefore, an iron-cored motor is more suitable as a benchmark geometry for the
spectral element model. The potential and electric field strength in the interior of
the motor are investigated with and without the inclusion of air-filled voids.
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3.5.1 Benchmark geometry

The validation of the spectral element model is performed on a section of a lin-
ear synchronous machine. This configuration combines complex arrangements of
circular elements with small radii and clearances. The benchmark geometry com-
prises a periodic section of a three-phase, iron-core, synchronous linear motor with
concentrated phase windings and surface mounted permanent magnets, as shown
in Figure 3.6. The iron core is often, for safety reasons, connected to protective earth
as is the back plate of the permanent magnet array. High electric field strengths are
expected in the area with wire strands close to the iron core. Furthermore, protru-
sions such as cavities and corners lead to electric field enhancement and are often
strongly localized in space. Therefore, the area near a tooth of the iron core is inves-
tigated as shown in Figure 3.7. This section consists of 4 coil strands with individual
wire insulation, embedded in an insulating material. A rounding radius, rcor, is ap-
plied to the sharp-angled corner of the tooth since right-angled corners physically
do not exist and otherwise would lead to infinitely high electric field strengths. Fur-
thermore, two paths are present for the validation of the spectral element model.
Path β is located in between coil strand CSa and CSb, starting at the wall of the tooth
and continues through the center of the two voids. Path ζ starts near the corner of
the tooth and ends at the wire insulation of coil strand CSa. Material properties and
dimensions of the investigated linear motor are given in Table 3.1.

3.5.2 Nodal distribution and convergence

To model the geometry shown in Figure 3.7 with SEM, the geometry is divided into
smaller spectral elements. For convenience, each element contains the same mate-
rial property or smooth source distribution. In Figures 3.8a and 3.8b the division
of the geometry without and with voids into elements and nodes for N equal to 6 is
shown. Any discontinuities in the spatial quantities, such as materials and sources,
will lower the convergence of the solution. To build the global matrix for all ele-
ments from the geometry, the matrix elements for each spectral element are placed
in an appropriate order such that shared lines and points from the geometry are
also coupled in the global matrix. In Figure 3.9 the nonzero elements of the SEM
system is shown. On the diagonal, the block matrices corresponding to the interior
LGL nodes are placed followed by the shared lines and points. For a small number
of spectral elements and with a higher order polynomial, the matrix will become
dense with less nonzero matrix elements. Therefore, to keep the desired sparsity of
the system, the number of basis functions and the number of elements is balanced.
In total, the geometry without voids is divided into 43 regions, 106 lines and 60
corners with each region having N = 6 × 6, resulting in a total of 1665 unknowns.
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Figure 3.6: Periodical section of the investigation iron-cored linear motor.
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Table 3.1: Dimensions and material parameters of the investigated synchronous linear actu-
ator.

Symbol Value Description
τc 16 mm Coil pitch
τp 12 mm Magnet pitch
αm 2/3 Permanent magnet width ratio
αc 9/16 Phase-slot width ratio
h1 4 mm Height from the origin to the magnet
h2 5 mm Height from the origin to the airgap
h3 15 mm Height from the origin to the phase slots
w1 0.56 mm Width of the center of the coil strand to the slot
w2 1.12 mm Width between the centers of the coil strands
d1 1.12 mm Height between the centers of the coil strands
g 1 mm Length of the airgap
r1 0.5 mm Radius of the coil strand
r2 0.54 mm Radius of the coil strand and wire insulation
rv1 0.05 mm Radius of void 1
rv2 0.08 mm Radius of void 2
rcor 0.01 mm Radius of the corner of the tooth
εwi 1 Relative permittivity of the wire insulation
εins 2 Relative permittivity of the insulation
εair 1 Relative permittivity of air

In Figure 3.10, the convergence of the SEM results is compared with an accurate so-
lution, estimated by finite element analysis (FEA), is shown. The accurate solution
is obtained from a converged FEA mesh simulation, i.e., doubling the mesh density
does not result in a change of the electric potential more than 0.1%. The mesh con-
sists of 17226 triangular second-order elements and 35559 nodes. Thus, the finite
element model requires over 10 times the number of nodes compared to SEM. The
computation time, not including the time required for pre-processing steps such
as meshing of the geometry, of SEM is approximately 0.7 seconds whereas the fi-
nite element model required 4 seconds. It should be noted that both models are
executed at the same platform but differ in the implementation. The computation
points marked with "◦" correspond to the maximum absolute error, U, of the so-
lution obtained on path β. The results are obtained for a polynomial degree, N,
2 through 10 and shown in Figure 3.10. It can be seen that with the increase of
the number of unknowns, the solution on SEM nodes is converging exponentially.
However, the exponential convergence for SEM does not always hold. For instance,
when an element with a sharp corner is surrounded by elements with different ma-
terial properties, the singularities will occur in the corners. The singularities limit
the convergence in this case to a linear rate [11].
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3.5.3 Results without air-filled inclusions

The investigated section of the linear synchronous motor is first assessed without
the presence of voids. Hence, the individual wire strands are surrounded by a ho-
mogeneously distributed insulation material. The potential distribution obtained
by the spectral element method is shown in Figure 3.11 whereas the potential dis-
tribution obtained by the finite element analysis (FEA) is shown in Figure 3.12. The
results from the SEM model clearly indicate that the obtained electrostatic poten-
tial distribution corresponds with the field distribution obtained by finite element
analysis. A more detailed analysis of the discrepancy between SEM and FEA is
performed on path β. The modulus of the electric field strength, obtained by SEM,
is shown in Figure 3.13a on path β. The discrepancy between SEM and FEA on
this path is shown, on a logarithmic scale, in Figure 3.13b. The average discrepancy
between SEM and FEA is 1.5 % whereas a peak discrepancy of 11.1 % is observed.
The largest discrepancy occurs near x = 1.5 mm where the magnitude of the electric
field is low and small deviations lead to relative large discrepancies. This discrep-
ancy is caused by the relative large width of the element, resulting in a locally low
resolution of the roots distribution and hence lower spatial accuracy. Furthermore,

Figure 3.8: The roots distribution of the spectral element method for the investigated geom-
etry with N = 6. a) The geometry without voids. b) The geometry with voids.
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Figure 3.9: Nonzero elements in the global matrix for the degree of the polynomial basis, N,
equal to 6 for the geometry without voids.

Figure 3.10: Maximum absolute error of the electric potential of SEM along path β for the
geometry without voids.



52 Chapter 3 Spectral element modeling of 2-D electrostatic problems

Figure 3.11: Electric potential distribution of the investigated section of the linear syn-
chronous motor obtained by the spectral element model.

Figure 3.12: Electric potential distribution of the investigated section of the linear syn-
chronous motor obtained by FEM.
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the electric field strength on path ζ, near the rounded corner of the tooth, is inves-
tigated and an average discrepancy of 3.6 % between SEM and FEM is observed.

3.5.4 Results with air-filled inclusions

The geometry of Figure 3.7 is investigated with the inclusion of air-filled voids.
Therefore, the relative permittivity of the voids is equal to that of air, εair. Two voids
with different radii are adopted in the geometry of the iron-cored linear motor. The
first void is located near the lateral side of the iron tooth section, in between coil
strands CSa and CSb. The modulus of the electric field strength, obtained by SEM,
for path β is shown in Figure 3.14a. The discrepancy between SEM and FEA on
this path is shown in Figure 3.14b on a logarithmic scale. The average discrepancy
between SEM and FEA is 1.5 % while a peak discrepancy of 10.1 % is observed. The
cause of these discrepancies is similar to those in the geometry without void inclu-
sions. However, the accuracy of the spectral element model can be improved, with-
out a significant increase in computational cost, by dividing elements with large
widths into multiple elements. In this case, the discrepancy occurs in a region with
low electric field strengths and is, therefore, of little interest.

3.6 Discussion

The extension of the spectral element method to electrostatic fields proves to be
suitable and interesting for problems with complex geometries. Furthermore, the
general formulation of the method allows multi-physical analysis of electromag-
netic devices as is shown in [30]. The current implementation allows other physical
domains, that can be described by an elliptic equation, to be taken into account by
altering the material coefficients and the source descriptions.

A section of an iron-cored linear motor with the curvature of the tooth and the
wire strands is modeled. Furthermore, the geometry is investigated with and with-
out the inclusion of air-filled voids. Compared to existing, well-developed, finite
element modeling techniques, the spectral element model requires considerably
less degrees of freedom. Therefore, a reduction in computation time of 4 seconds,
with the finite element method, to approximately 0.7 seconds with the spectral el-
ement model. However, the current implementation of the spectral element model
is time-consuming in the pre- and post-processing steps. The geometrical division
of the problem in the appropriate number and size of the elements is performed
manually as is the arrangement, numbering and connection of the points and lines
of each element. Subsequently, the assignment of the boundary conditions to the
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Figure 3.13: a) Modulus of the electric field strength on path β obtained by SEM for a
geometry without voids. b) Discrepancy between SEM and FEA on path β.

Figure 3.14: a) Modulus of the electric field strength on path β obtained by SEM for a
geometry with voids. b) Discrepancy between SEM and FEA on path β.



3.7 Conclusions 55

points and lines is also manually. Therefore, alterations in the geometry require
often to redo the pre-processing of the problem due to the large number of changes
associated with these alterations. In existing, commercially available, finite element
methods this process is automated and is not time-consuming for the user. Auto-
matic partitioning of the geometry and generation of the mesh enable alterations to
be incorporated in rapid succession. Therefore, existing finite element methods are
more flexible compared to current implementation of the spectral element model.

3.7 Conclusions

A general formulation of electrostatic potential field distribution is given based on
the spectral element method. A variant on the Legendre polynomial series, the
Legendre-Gauss-Lobatto polynomials, are employed as approximation to the field
solution. These types of polynomial series inhibit exponential spectral accuracy
for geometries with smoothly varying material properties. The spectral element
method allows arbitrary shaped quadrilateral element to be taken into account by
applying the transfinite interpolation method. Circular shaped elements or quadri-
laterals with smooth corners are employed to model complex and distinctive fea-
tures of motor geometries such as individual wire strands and the rounding radius
of convex shaped corners of conducting surfaces.

In the 2-D spectral element model, the geometry is divided into a number of quadri-
lateral elements where homogeneous material properties are assumed in the in-
terior of each element. The field solution is approximated by Legendre-Gauss-
Lobatto polynomial serie with degree N. This results in the discretization of each
axis of an element into N+1 nodes. By applying boundary conditions on the inter-
face between the elements, the total set of unknowns is solved.

The spectral element model is applied to an electrostatic example situation, and the
results are compared to finite element analysis. The investigated motor geometry
is evaluated with and without void inclusions in the insulation system. A good
agreement is obtained between both models with and without void inclusions. On
average 1.5 % discrepancy is observed with respect to the electric field strength,
hence, the spectral element method allows accurate modeling of complex motor
geometries with fewer degrees of freedom compared to finite element analysis.

The spectral element model is demonstrated for a geometry with complex features
such cavities, curvatures and circular elements. The electric field distribution in
such a geometry could be accurately modeled with relative few degrees of freedom
compared to finite element analysis. However, in the current implementation of
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the model, dividing the geometry in the appropriate elements, line segments and
points is performed manually as is applying the necessary boundary conditions to
each line segment and point. The current implementation lacks flexibility and is
time-consuming in applying it to different geometries. Automated geometry dis-
cretization and meshing should be incorporated to increase the flexibility. In the
next chapters, the analysis of the electric field distributions of the various electro-
magnetic configurations is, therefore, primarily performed with existing finite and
boundary element software.
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Chapter 4

Electric field control methods

IN this chapter, electric field control methods for coreless linear actuators are
discussed. The electric field control methods focus on mitigating the electric
field enhancement at critical locations in the motor geometry. These methods

are applied such that no change in the power dissipation and the magnetic load-
ing occurs. For a reliable operation of the coreless linear motor at a higher voltage,
certain robustness is desired from the electric field control method, because mis-
alignment of the applied method can negatively affect the level of mitigation of the
electric stress. Therefore, the sensitivity to improper placement of the field control
methods and the influence of the dimensions of the wire insulation is investigated.

This chapter is based on:

T.A. van Beek, J.W. Jansen and E.A. Lomonova, ’Analysis of Electric Field Control Meth-
ods for Foil Coils in High-Voltage Linear Actuators’, Archives of Electrical Engineering, vol.
64, no. 6, pp. 629-640 2015.

T.A. van Beek, J.W. Jansen and E.A. Lomonova, ’Electric Field Control Methods for Foil Coils
in High-Voltage Linear Actuators’ in 2015 International Symposium on Linear Drives for In-
dustry Applications (LDIA), 2015, pp. 1-4.
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4.1 Introduction

Electric field enhancements are often strongly localized in space, e.g. at electrode
edges, corners, cavities and at the intersection of more than two media with differ-
ent material properties [75, 78]. In these areas, partial discharges in the insulation
material may occur during the expected lifetime of the motor. The electric field
enhancements can be reduced by increasing the thickness of the electrically insu-
lating layers. However, this negatively affects the power dissipation of the motor
since layers with a higher thickness increase the thermal resistance between the coil
and the cooling environment.

To ensure that the motor reaches its expected lifetime, electric field control methods
are employed as is performed in cable accessories of medium and high-voltage
networks [54, 80, 129] and high-voltage rotating machines [122, 146, 148]. These
electric field control methods mitigate electric field stress and, therefore, ensure that
the partial discharge inception voltage is above the operating voltage. However,
the field control methods in rotating machines are not applicable to coreless linear
actuators.

In rotating machines, field control methods focus mainly on reducing the stress
near slot terminations and along the end-turns [40] whereas the coils of coreless lin-
ear actuators are entirely embedded in insulating material. Furthermore, in com-
pact electrical machines fine rectangular wire, as opposed to round wire, is em-
ployed to realize a high filling factor and, hence, a higher force density [22, 63]. This
denies one-to-one application of the existing field control methods and necessitates
the development of a dedicated family of field control methods suitable for core-
less linear motors with fine rectangular wire. The investigated electric field control
methods can be distinguished into two main classes. Firstly, resistive field control
methods concern the inclusion of semi-conductive layers to mitigate the electric
stress. Secondly, capacitive field control methods concern geometrical field control,
refractive field control and condensor field control methods. A concept to mitigate
the electric field strength at critical locations in the motor geometry is derived for
each field control method. The different concepts are compared on their ability to
mitigate the maximum electric field strength and sensitivity to misalignment and
dimensions of the wire insulation.

The chapter is organized as follows. Section 4.2 presents the investigation and lo-
calization of critical locations with high electric field enhancements. In Section 4.3,
the investigated electric field control methods are introduced and explained. Sec-
tion 4.4 presents the achieved reduction in electric field strength for the different
field control methods and the sensitivity analysis on misalignment and width of
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Figure 4.1: Section of the linear motor configuration without field control methods.

the wire insulation. A discussion on the applicability of the field control methods
in coreless linear motors is performed in Section 4.5.

4.2 Localization of critical locations

To develop effective electric field control methods, critical locations in the interior
of the motor have to be identified. A section of the coreless linear motor configura-
tion, shown in Fig. 4.1, is investigated and comprises a watercooling environment,
which is connected to protective earth (PE), a coil consisting of fine rectangular wire
and insulating materials such as epoxy resins and polyimide wire insulation. The
dimensions and material properties are given in Table 4.1. An electric potential of
2500 V is applied to the inner turn of the coil assembly with a 10 V decay of the
potential for each subsequent turn.

The electric field strength distribution is obtained in steady-state for a frequency
of 100 Hz with both the electrical conductivity and the relative permittivity taken
into account for the materials. Due to the symmetry of the motor configuration
it suffices to investigate a single corner of the conductor bundle. The magnitude
of the electric field strength distribution, |E|, near the inner turn with origin Oxo ,yo

is shown in Figure 4.2. Clearly, high electric field strengths occur near the curved
corner of the inner turn with electric field strengths up to 17.7 kV/mm. This figure
shows the electric stress in the interior of the motor if no field control methods are
applied. Therefore, the results serve as a benchmark for the level of mitigation pro-
vided by the electric field control methods. The investigated field control methods
focus on mitigating the electric field strength near the curved corners on the inner
turn. Ideally, the field control methods mimic the electric field distribution of a
parallel-plate configuration in which the electric field is uniformly distributed. For
an equal potential distribution and distance between two parallel plates the electric
field strength is equal to 5 kV/mm.
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Figure 4.2: Electric field strength distribution without electric field control methods.

4.3 Electric field control methods

The different electric field control methods are assessed on their ability to mitigate
the stress at the curved corner of the conductor bundle. Five field control methods
are presented based on geometrical, refractive, capacitive and resistive field control
principles. Furthermore, the investigated field control methods are applied such
that the power dissipation and the magnetic loading of the investigated motor con-
figuration remains unchanged. Therefore, the active coil volume and the combined
height of the coil and insulating materials remain unchanged for the different field
control methods.

4.3.1 Geometrical field control

Geometrical field control mitigates electric field stress by attaching electrically con-
ductive material in regions with high field enhancement or altering the circum-
ference of conducting bodies. Examples of geometrical field control are found in
high-voltage power equipment such as corona rings at the terminals of transmis-
sion lines [94]. In a similar way, grading rings are applied on transformer bush-
ings and surge arrestors to reduce the electric field strength along the insulator,
preventing a premature breakdown [60]. Alternatively, the shape of a conducting
body can be altered to decrease the electric field strength. Rogowski suggested a
shape by which the conducting body could be extended, known as Rogowski pro-
files [115]. Similarly, different profiles exist such as the Bruce profile and Borda
profile [13, 135].
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Table 4.1: Dimensions and material parameters of the investigated motor configuration.

Symbol Value Description
hc 4 mm Conductor bundle height

hepo 0.5 mm Insulation heightof the epoxy
hseco 0.02 mm Height of the semi-cond. layer

rc 0.01 mm Rounding radius of the corners
rep 2 mm Radius of the electrode profile
thpl 0.02 mm Thickness of the high-permittivity layer
Vp 2500 V Peak operating voltage
wc 68 mm Conductor bundle width

wre f r 0.28 mm Refractive layer width
wseco 0.98 mm Semi-cond. layer width

wt 0.3 mm Turn width
wwi 0.02 mm Wire insulation width
εepo 3.45 Rel. perm. of the epoxy
εwi 3.9 Rel. perm. of the wire insulation

εre f r 10 Rel. perm. of the refractive layer
εseco 3.45 Rel. perm. of the semi-cond. layer
εhpl 7 Rel. perm. high permittivity layer
σepo 1 ·10−17 S/m Electrical cond. of the epoxy
σwi 3.45 ·10−15 S/m Electrical cond. of the wire insulation

σre f r 3.45 ·10−15 S/m Electrical cond. of the refractive layer
σhpl 3.45 ·10−15 S/m Electrical cond. high permittivity layer

In coreless linear motors with conductors bundles consisting of fine rectangular
wire, the electric potential abruptly decays at the lateral sides of the conductor bun-
dle which results in high electric field gradients. By attaching conductive sections
at the lateral sides and imposing it at the same potential as on the lateral sides
of the conductor bundle, the spatial distribution of the electric potential is continu-
ous. The added conductive region requires proper shaping in order to prevent high
electric field enhancements near the surface of the conducting region. Obviously,
protrusions and sharp-angled corners in the conducting region have to be avoided,
unless these corners are shielded by other conducting regions.

Geometrical field control is investigated in the motor assembly by positioning semi-
circular conductive regions near the lateral sides of conductor bundle, as shown in
Figure 4.3. The conductive regions (EP) are electrically connected to, respectively,
the inner and outer turn, hence, a continuous electric potential is realized. The
dimensions and material properties are given in Table 4.1.
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Figure 4.3: Section of the linear motor configuration with geometrical field control.

4.3.2 Capacitive field control

Capacitive field control summarizes several techniques to distribute electric stress
over multiple layers in the insulation system. A high permittivity material is ap-
plied over the surface, lowering the surface impedance. A second capacitive field
control method employs stress cones where the insulation material extends radi-
ally to reduce electric stress at the surface. This technique is widely used in high-
voltage cable terminations [67, 103], but is unsuitable for electric machines because
the increase in dimensions cannot be accommodated in the enclosure without loss
of thermal performance. Furthermore, conductive layers can be applied in the in-
sulation system to distribute the electric potential at specific locations in the geom-
etry. Alternatively, the potential distribution can be optimized by including mul-
tiple insulating layers with each different relative permittivities. This allows the
impedance of each layer to be controlled and, hence, the distribution of electric
stress between subsequent layers. Examples of this technique are found in bush-
ings of high-voltage equipment. Thin, conductive, floating screens are embedded
in the insulating material where the lengths of the screens determine the poten-
tial distributions between subsequent layers [114]. Hence, an appropriate choice of
lengths allows mitigation of the electric stress.

In the coreless linear motor assembly, excluding the wire insulation, a three-layer
configuration with equal thickness is investigated, as shown in Figure 4.4. The
layers are arranged such that the relative permittivities are in a descending order.
The three layers altogether provide the clearance between the coil and the cooling
surfaces where the surrounding volume in the motor is encapsulated by the epoxy
material. The material properties and the dimensions of the capacitive layers are
given in Table 4.2. The selection of the materials for the capacitive layers has to be
based on the desired relative permittivity, thermal conductivity, electric breakdown
strength, glass transition temperature, thermal class and force transfer capabilities.
Materials which meet these specifications may not widely available.
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Figure 4.4: Section of the linear motor configuration with capacitive field control.

Table 4.2: Dimensions and material parameters of the different layers in the capacitive field
control method.

Symbol Value Description
wcap 0.16 mm Width of the capacitive layers
εcap1 5 Rel. perm. of capacitive layer 1
εcap2 3 Rel. perm. of capacitive layer 2
εcap3 2.5 Rel. perm. of capacitive layer 3
σcap 3.45 ·10−15 S/m Electrical conductivity of the capacitive layers

4.3.3 Refractive field control

Refractive field control employs dielectric refraction to mitigate electric field stress.
At an interface between two materials with different relative permittivities, as de-
picted in Figure 4.5, the vector of electric field strength changes in the second di-
electric when it meets the interface at an angle different than 90 degrees. The angle
of the electric field strength in region k, αk, is directly proportional to the ratio of
the relative permittivities of the materials and given by

tanαj

tanαk
=

Etj/Enj

Etk/Enk
=

Enk
Enj

=
Dnk/εk
Dnj/εj

=
εj

εk
, (4.1)

where αj is the angle which the electric field meets the interface in region j. Insu-
lating materials such as epoxies, polyurethane and silicon rubber have relative per-
mittivities ranging from 3 to 5. Hence, the refractive layer requires a material with
a high relative permittivity to have sufficient refraction of the electric field [39, 114].

In the coreless linear motor assembly, the refractive field control method is investi-
gated by positioning small layers with a high relative permittivity adjacent to the
lateral sides of the conductor bundle, as is shown in Figure 4.6. The dimensions
and properties of the refractive layer are given in Table 4.1.
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Figure 4.6: Section of the linear motor configuration with refractive field control.

4.3.4 Resistive field control

The resistive field control method excites a region with high electric stress to a con-
ductive state which allows the formation of space charges, resulting in counter elec-
tric field opposing the original field [23]. To bring critical regions to a conductive
state, a semi-conductive material is applied. For high electric field strengths, the
material enters a conductive state whereas for low electric field strengths the ma-
terial has a similar conductivity as conventional insulating materials. Hence, the
semi-conductive material has a nonlinear dependency of the electric field strength
on the electrical conductivity. Typical resistive field grading materials are poly-
meric composites based on fillers such as silicon carbide, carbon black and zinc-
oxide particles [38].

In the coreless linear motor assembly, resistive field control is employed by po-
sitioning semi-conductive layers at the lateral sides of the conductor bundles as
shown in Figure 4.7. The dependency of the electrical conductivity on the elec-
tric field is based on existing semi-conductive materials employing zinc-oxide mi-
crovaristors [38]. The field dependent conductivity, σsc, of the semi-conductive
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Figure 4.7: Section of the linear motor configuration with resistive field control.

layer is given by

σsc = 6.1710−14 − 1.2310−13|E|+ 1.2510−19|E|2 − 1.2210−27|E|3, (4.2)

where |E| is the modulus of the electric field strength. The dimensions of the semi-
conductive layer are given in Table 4.1.

4.3.5 Combined field control

Combining several field control methods may provide higher levels of mitigation
as opposed to a single method. However, not all field control methods are suitable
for combination either by the lack of physical space or the conflicting interactions
of the different principles of mitigating the electric stress. A combination of the
geometrical field control and the capacitive field control method is shown in Fig-
ure 4.8. In this combined approach, the semi-circular conducting profile is adopted
from the geometrical field control method which is located and connected similarly.
Furthermore, a layer (HP-layer) with a relative high permittivity surrounding the
semi-circular profile is present. This HP-layer lowers the surface impedance in the
area near the interface of the conductor bundle and the profile. Subsequently, the
combination of these two methods is investigated for the reduction in electric field
strength. The dimension and material properties of the high permittivity layer and
semi-circular profile are given in Table 4.1.

4.4 Results

In this section the reduction in electric field strength resulting from the different
field control methods is discussed. The boundary element method [62] is applied
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Figure 4.8: Section of the linear motor configuration with combined field control.

to obtain the electric field distributions of the investigated configurations of the ge-
ometrical, capacitive, refractive and combined field control method. The finite ele-
ment method is employed for the resistive field control method since in the bound-
ary element method only linear isotropic materials can be modeled which does not
take into account the electric field dependency of the electrical conductivity of the
semi-conductive layer.

4.4.1 Mitigation of the electric field strength

The electric field distribution of the configuration with the geometrical field control
method is shown in Figure 4.9. From this figure it is observed that the maximum
electric field strength is equal to 7.1 kV/mm.

The electric field distribution of the configuration with the capacitive field control
method is shown in Figure 4.10. The maximum electric field strength is equal to 7.3
kV/mm. The level of mitigation provided by the capacitive field control is limited
by the permittivity of the wire insulation since its relative permittivity is typically
low (2 - 4), therefore, the capacitive layers are limited in changing the impedance of
each layer and, subsequently, the electric stress in each layer. To distribute the po-
tential evenly, materials with relative permittivities significantly higher and lower
than that of the wire insulation, are necessary, while having a high dielectric break-
down strength and thermal class as well.

The electric field distribution of the configuration with the refractive field control
method is shown in Figure 4.11. The maximum electric field strength is equal to
16.1 kV/mm. Compared to other field control methods, the attenuation in peak
electric field strength is small. This is related to the wire insulation which prevents
the refractive layer from directing the electric field vector near the corner of the coil.
The, relatively small, achieved level of attenuation is due to forming of space charge
in the refractive layer and, therefore, lowering the peak electric field strength.
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Figure 4.9: Electric field strength distribution for the motor configuration with geometrical
profiling.

The electric field distribution of the configuration with the resistive field control
method is shown in Figure 4.12. The peak electric field strength due to the resis-
tive field control method is equal to 8.3 kV/mm. The limitation of this field con-
trol method is mainly determined by the nonlinearity of the semi-conductive layer
where nonlinearity is defined as the ratio in conductivity between the resistive and
conductive regime of the material. Semiconductive materials with higher nonlin-
earity can reduce the peak electric field strength [38].

The electric field distribution of the configuration with the combined field control

Figure 4.10: Electric field strength distribution for the motor configuration with capacitive
field control.
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Figure 4.11: Electric field strength distribution for the motor configuration with refractive
field control.

method is shown in Figure 4.13. The maximum electric field strength is equal to 5.8
kV/mm. The combined field control method has a higher effectiveness compared
to solely the geometrical or the capacitive field control method. The level of miti-
gation can be improved by selecting a material with a higher relative permittivity
for the HP-layer. Similar to the capacitive method, these materials should inhibit a
high dielectric breakdown strength and thermal class.

Figure 4.12: Electric field strength distribution for the motor configuration with resistive
field control.



4.4 Results 71

Figure 4.13: Electric field strength distribution for the motor configuration with combined
field control.

4.4.2 Sensitivity to misalignment

The presented reduction in maximum electric field strengths by the field control
methods in the previous section are obtained for an optimal position of the method
relative to the conductor bundle. However, manufacturing tolerances and position
inaccuracies cause misalignment of the field control method. Misalignment can
have a detrimental effect on the level of mitigation provided by the field control
methods. The geometrical, capacitive, resistive and combined field control method
are investigated for a misalignment of -0.1 mm to 0.1 mm in the y-direction.

From Figure 4.14 it is clear that any misalignment error negatively affect the ef-
fectiveness of the field control methods. The sensitivity of geometrical, resistive
and combined field control methods to misalignment errors is caused by the rela-
tive low insulation height. Therefore, positive misalignment errors decrease the in-
sulation thickness significantly and, subsequently, increases the peak electric field
strength. With the exception of the capacitive field control method, the resistive
field control method is the least sensitive field control method. The peak electric
field strength increases with 36 % for a misalignment of 0.1 mm whereas geomet-
rical and the combined field control method increase with 132 % and 79 % to 16.5
kV/mm and 10.2 kV/mm, respectively. For negative alignment errors electrode
profiling and the combined field control method show identical behaviour. Neg-
ative alignment results in an increased distance between the field control method
and the corner of the coil. Therefore, the surface charge density at the corner of the
coil increases and, subsequently, the peak electric field strength increases.
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Figure 4.14: Maximum electric field strength of the electric field control methods for different
amplitudes of misalignment.

Compared to the other field control methods, the capacitive field control method is
relatively insensitive to misalignment errors, i.e. variation in width of the capacitive
layers. In the capacitive field control method misalignment causes a change in the
capacitance of the respective layers and, therefore, a different voltage distribution
between the capacitive layers. However, this misalignment has not a significant
influence on the electric field distribution. For instance, increased layer width due
to misalignment results in a lower capacitance for this layer and, therefore, a higher
potential drop. Although the potential drop across this layer is increased, also the
width of the respective layer is increased. Therefore, misalignment has a limited
effect on the amplitude of the electric field strength in the respective layer.

4.4.3 Sensitivity to the thickness of the wire insulation

The effectiveness of the field control method is assessed for different widths of the
wire insulation. The maximum electric field strength is obtained for widths of the
wire insulation ranging from 10 μm to 50 μm, as shown in Figure 4.15. As can
be observed, the wire insulation negatively affects the mitigation of the maximum
electric field strength in each method, except for the capacitive field control method.
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Figure 4.15: Maximum electric field strength as function of the width of the wire insulation.

In the capacitive field control method, altering the width of the wire insulation re-
sults in an unbalanced potential distribution across each layer. Therefore, for the
given arrangement of capacitive layers and their relative permittivities the highest
reduction in electric field strength is obtained for wire insulation width of 20 μm. In
the geometrical, combined and resistive field control method the maximum electric
field strength increases for larger wire insulation widths. The maximum electric
field strength increases by 17 %, 20 %, 23 % for the resistive, combined and geo-
metrical field control method, respectively. In the refractive field control method a
smaller wire insulation width also decreases the maximum electric field strength.
The maximum electric field strength decreases by 15 % if the wire insulation width
is decreased from 20 μm to 10 μm. However, increasing the wire insulation width
above 20 μm does not lead to larger maximum electric field strengths.

4.5 Discussion

As shown in section 4.4.1, employing electric field control methods results in the
mitigation of the maximum electric field strength by 60 %, 59 %, 53 %, 67 % and
10 % for the geometrical, capacitive, resistive, combined and refractive field control
method, respectively. However, the effectiveness of the majority of the field control
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methods reduces significantly when either a positive or a negative misalignment
occurs. Only the capacitive field control method proves to be relatively insensi-
tive to positioning errors with a reduction of 52 % of the maximum electric field
strength for a misalignment of 0.1 mm, compared to 59 % in the ideal case. For
practical applications, aspects besides mitigation and misalignment of the field con-
trol methods have to be considered. For instance, the availability of high dielectric
constant materials with class F thermal ratings or better and a high dielectric break-
down strength are not widely available [114]. Concepts that employ materials with
a high permittivity are more prone to manufacturing deficiencies since air-filled
voids in these materials result in elevated levels of electric stress, depending on the
permittivity of the surrounding material [75]. Furthermore, manufacturing several
layers each several tenths of a millimeter in thickness is a challenge in itself.

In the geometrical field control method, a closed semi-circular profile produces
damping forces due to eddy-current during the movement of the coil assembly and,
therefore, a lower net propulsion force is produced. Furthermore, eddy-currents in
the profile produce ohmic losses which results in elevated temperature distribu-
tions. Similarly, the semi-conductive layer produces also ohmic losses, however,
these are significantly lower since the electrical conductivity of the layer in the con-
ductive state is significantly lower compared to those of typical metals. An increase
in the degree of nonlinearity of the semi-conductive material result in higher levels
of mitigation of the maximum electric field strength. However, manufacturing of
these composite materials becomes increasingly difficult [23].

4.6 Conclusions

In this chapter, several electric field control methods have been evaluated and com-
pared on their ability to mitigate enhancements of the electric field strength in lin-
ear motors. Firstly, critical locations in the interior have been identified which,
subsequently, allows field control methods to be devised, focusing on these spe-
cific positions. By incorporating the field control methods in the motor geometry,
the thickness of the insulation layer can be reduced. This reduction of insulation
material gives a significant increase in the allowable power dissipation of the coil
conductors. Hence, a higher force density of the motor can be achieved.

It is concluded that high electric field enhancement occurs at the corners of each
conductor bundle, consisting of fine rectangular wire and embedded in solid in-
sulating material, with cooling surfaces on the top and bottom of the assembly.
Subsequently, five electric field control methods have been derived and focus at
reducing the high electric field enhancement near these corners. The electric field
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control methods reduce the maximum electric field strength by 60 %, 59 %, 53 %,
67 % and 10 % for the geometrical, capacitive, resistive, combined and refractive
field control method, respectively.

The effectiveness of each field control method is affected by the accurate placement
of the method and the width of the wire insulation. In all cases, misalignment of
the field control method with respect to the coil results in elevated electric field
strengths and, hence, a reduced effectiveness of the method. Furthermore, the be-
havior of the peak electric field strength is non-symmetric with respect to positive
or negative misalignment for the majority of the methods. Geometrical field control
has a higher sensitivity for positive misalignment whereas the combined field con-
trol method is more sensitive to negative misalignment. The capacitive field con-
trol method shows the lowest sensitivity to misalignment with reduction of 52 % in
electric field strength for 0.1 mm misalignment.

The realization of the electric field control methods is difficult since the availability
of materials with suitable properties such as a high thermal conductivity, electric
breakdown strength, thermal class and relative permittivity is limited. Combined
with the manufacturing difficulties, such as encapsulating layers with marginal
thickness and air-filled voids in the layers after encapsulation, the realized field
control methods may not yield the desired results. Subsequently, alternative core-
less linear motor concepts are necessary to enable high force densities at high oper-
ating voltages.
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Chapter 5

Direct liquid cooling in coreless

linear motors

THIS chapter concerns the principles of direct liquid cooling topologies in
coreless linear motors. In direct liquid cooling, the cooling liquid is in di-
rect contact with the surface of the coil. Various types of dielectric liquids

are compared on their electrically insulating and heat transfer related properties.
Furthermore, three different flow topologies are investigated and analyzed using
3-D computational fluid dynamics on their heat transfer. Experimental verification
of the modeled heat transfer is performed for different types of liquids and inlet
velocities of the longitudinal direct liquid cooled topology.

This chapter is based on:
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5.1 Introduction

Efficient means of transferring heat enable a high electric loading in electrical ma-
chines and, therefore, a high electromagnetic force production. In coreless linear
motors, the transfer of heat is often performed indirectly by water-cooled plates or
by either forced or natural convection. In these motor configurations, the coils are
embedded in one or more layers of solid insulating materials. At least one of the
surfaces of the insulating layer is in contact with the natural or forced convection
or a liquid cooled environment. Hence, the heat generated by the ohmic losses in
the coils has to be conducted through the insulating layers [7, 42, 81]. Solid insulat-
ing materials, such as epoxy, polyurethane and silicone rubber, have a relative poor
thermal conductivity, ranging from 0.5 W/m·K to 3 W/m·K [45, 93, 121]. Manu-
facturers employ fillers to improve the thermal properties of the solid insulating
material, however, the volume is limited to the absorption rate of the insulating
material. Furthermore, the thickness of the insulating layers in linear motors in-
creases for elevated operating voltages. Hence, heat transfer becomes increasingly
difficult for higher operating voltages. To improve the heat transfer, direct liquid
cooling topologies are considered.

In rotating electrical machines, direct liquid cooling exist in the form of impinge-
ment [35, 110], spray [51, 82] and direct contact [17, 59, 84, 109]. In impingement,
liquid droplets come in contact with the end-windings in the stator assembly and
are collected at the base of the machine. By cooling the end-winding, heat con-
duction occurs mainly through the copper conductor bundle, therefore, heat can
be transfered rapidly. However, the flow rate of the liquid tends to be low and
only a part of the surface of the coil is participating in the heat transfer. In elec-
trical machines that employ spray cooling, stator segments are cooled by a highly
pressurized liquid which is distributed using nozzles onto parts of the electrical
machine.

In direct contact cooling topologies, the conductors are in permanent contact with
the liquid, either through channels, ducts or unrestricted open flow patterns. The
cooling topologies based on spray and impingement techniques are unsuitable for
linear motors with moving coils since these topologies require external jackets and
would increase the mass and volume of the moving parts significantly. Therefore,
direct contact is the most promising family of direct liquid cooling techniques and
is investigated on its feasibility in coreless linear motors. Different flow patterns
are derived and assessed for their thermal performance.

Besides heat transfer, stackability of the topology to multi-layer coil configurations
is important since fine rectangular copper wire is employed instead of round wire
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(a) (b)

Figure 5.1: a) Single coil layer with fine rectangular wire. b) Three, electrically isolated,
axially stacked coil layers with fine rectangular wire.

to realize a high force density [22, 63]. Fine rectangular copper wire is not avail-
able in large wire heights, therefore, stacking of coils is necessary to maximize the
performance of motor configurations with large conductor bundle heights. A sin-
gle coil layer of fine rectangular wire is shown in Figure 5.1a and a configuration
with three axially stacked coil layers is shown in Figure 5.1b. The coil layers are
electrically isolated from each another.

The organization of this chapter is as follows. Section 5.2 addresses different types
of liquids which are characterized on their heat transfer capability, electrical and
fluid dynamics properties. In Section 5.3, three direct liquid cooled topologies,
suitable for coreless linear motors are introduced and assessed on their thermal
performance, scalability to multi-layer coil configurations and complexity in manu-
facturing. The experimental validation of the computational fluid dynamics model
for a single topology is presented in Section 5.4 which is performed for different
types of liquid and varying inlet velocities.

5.2 Classification of liquid dielectrics

Liquid dielectrics have been developed and employed in power and instrument
transformers, high-voltage circuit breakers and power cabling [6, 43, 76, 113, 117],
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resulting in a large number of natural and synthetic liquids dedicated to the op-
eration of power apparatus at high-voltage. The selection of the dielectric liquid
is important for uninterrupted operation, with respect to electrical failures, of the
motor as well as maximizing the electric loading. For excellent heat transfer the liq-
uid should inhibit a high thermal conductivity and specific heat capacity whereas
a high dielectric breakdown strength is required for operation of the motor at high-
voltage. The dielectric liquids can mainly be classified into one of the following
categories:

• mineral oils;

• silicate esthers;

• silicone oils;

• chlorinated diphenyles;

• inorganic liquids.

A brief summary and comparison of each dielectric liquid type is given in the fol-
lowing sections. Based on the comparison a dielectric liquid is selected for further
research.

Mineral oils

Mineral oils combine a high dielectric strength, a high thermal conductivity and
chemical stability, up to temperatures of 130 ◦C [85]. However, the dielectric perfor-
mance rapidly degrades by even small amounts of water content [134, 136]. There-
fore, the application of mineral oils in the direct liquid cooled motor configurations
requires the system to be free of water vapor before the insulating oil is introduced.
A known phenomenon in high-voltage apparatus that employ forced oil cooling is
the static electrification of the liquid and the surface of an insulation layer [75, 107].
Charge separation occurs when the mineral oil passes the insulation layer, result-
ing in the oil being positively charged and the insulation negatively charged. As a
consequence, premature failure due to dielectric breakdown can occur. However,
in [107] it is observed that static electrification occurs for aged oils with flow rates 4
to 5 times the nominal value. Therefore, this should be considered in direct liquid
cooled topologies with high inlet velocities.
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Silicate esters

Natural esters-based oil such as castor oil have been widely employed as an im-
pregnant for capacitors. Synthetic silicate ester based fluids are also employed as
dielectric liquid and coolant in aerospace applications such as aircraft radar sys-
tems [14]. However, the hygroscopic nature of silicate esters results in the hydroly-
sis of alcoholic fluids and in more advanced stages the forming of silicate gel [27].
Hence, the absorption of water in silicate ester based fluids can lead to loss of per-
formance and reduced lifetime of a motor configuration.

Silicone oils

The most important halogen-free synthetic insulating liquids are based on pure
polydimethylsiloxane, commonly known as silicone oils. The advantages of these
type of oils include the thermal and chemical stability and resistance to oxidiza-
tion [25]. This type of liquid has typically a flash-point temperature above 300 ◦C
and, therefore, is employed in applications which require to be in service over a
wide range of operating temperatures. The relative low surface tension of silicone
oils results in the hydrofobic nature of the liquid. Water, that is over time acquired
in the system, is collected as drops instead of getting mixed with the oil. There-
fore, even a thin layer of silicone oil is given protection against water conductive
contaminants. However, the viscosity of silicone oils is generally higher than other
dielectric liquids. This poses challenges on relative small motor designs since a liq-
uid with high viscosity requires more hydraulic power for a given inlet velocity of
the fluid.

Polychlorinated diphenyls

Polychlorinated diphenyls were popular as dielectric fluid because of their non-
flammable nature and chemical stability [29]. Varying types of polychlorinated
diphenyls exist, depending on the number of hydrogen atoms that are replaced by
chlorine atoms. Accordingly di, tri, tetra or pent-chlorodiphenyls are produced,
for example, trichlorodiphenyle (C12H7Cl3) and pentachlorodiphenyle (C12H5Cl5).
However, chorodiphenyles are known to be a health hazard because organic matter
dissolves in contact with the liquid.
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Table 5.1: Nominal values of some material properties of dielectric liquids.

Type Liquid kth Ch ν Ebr

[-] [-] [ W
m·K ] [ J

kg·K ] [ mm2

s ] [ kV
mm ]

Mineral oil Shell Diala S3 [124] 0.14 2000 8 28
Silicate ester Coolanol 25R [41] 0.13 1900 6 15
Silicone oil STO-50 [25] 0.15 1500 50 15
Chlor. diphenyl Benzene [16, 20] 0.13 1800 0.5 160
Inorganic liquid Liquid nitrogen [2, 10] 0.14 2040 2 50

Inorganic liquids

Purified water possesses a relative high electrical conductivity, ranging from 10−6

to approximately 10−4 S/m, depending on the level of purification. Therefore, wa-
ter as an insulation medium is only suitable for pulsed-power applications [149].
Addition of ethylene glycol to the water allows low operational temperature as well
as maintaining high relative permittivity with a relative large electrical resistivity.
Compared to other dielectric liquids, water has excellent thermal properties. The
thermal conductivity of water is with 0.6 W/m·K four times higher with respect to
mineral oils, silicone oils and silicate ester liquids. Furthermore, the specific heat
capacity of water is 4180 J/kg·K and which is twice as high with respect to other di-
electric liquids. Hence, employing purified water as a cooling medium allows high
power dissipation in the motor. However, ultrahigh-purity water causes corrosion
of metallic parts [8]. Alternatively, when an organic liquid with a low dielectric
constant is required liquid nitrogen can be employed. However, nitrogen solidi-
fies below a temperature of 63 K and boils above 77.2 K [2]. Therefore, a cryogenic
environment is required to maintain the proper temperature of the liquid.

Selection of the dielectric liquid

Several criteria are important in selecting the dielectric liquid for direct liquid cool-
ing topologies. Firstly, a higher heat capacity and thermal conductivity of the liquid
enhances the heat transfer. Secondly, the liquid acts as an electrically insulating bar-
rier between the coil and the environment. Therefore, a high dielectric breakdown
strength is required. Furthermore, a low kinematic viscosity is desirable to achieve
high inlet velocities without excessive hydraulic power requirements. The thermal
conductivity, kth, specific heat capacity, Ch, kinematic viscosity, ν, and the dielectric
breakdown strength, Ebr, for a selection of dielectric liquids are given in Table 5.1.
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The presented liquids have similar thermal properties with a thermal conductivity
of approximately 0.14 W/m·K and a specific heat capacity of 2000 J/kg·K. Chlori-
nated diphenyls are not suitable since this type of liquid give rise to serious health
concerns. Furthermore, liquid nitrogen requires a cryostat and subsequent coolers
to prevent the liquid from boiling which increases the mass of the moving coil as-
sembly significantly. From the remaining liquids, the mineral oil Shell Diala S3 is
chosen as dielectric liquid since it combines a high breakdown strength with a low
kinematic viscosity.

5.3 Direct liquid cooling topologies for coreless linear

motors

To improve the force density of coreless linear motors, several direct liquid cooled
topologies are proposed and investigated. In these topologies the cooling liquid
is in direct contact with the coil as opposed to conventional water-cooled systems
in which the cooling liquid is not in direct contact with the coils. The liquid com-
bines the cooling and insulation system into a single entity, since the liquid also
acts as an electrical insulation layer. Besides the material parameters of the fluid,
the flow topology is also important to obtain high levels of heat transfer. In total
three different flow topologies are considered, each directed along an axis of the
coordinate system (longitudinal, transversal & axial). The feasibility of the flow
topologies is assessed on its thermal performance, stackability to multiple coil lay-
ers and complexity. The desired flow topology should allow high levels of power
dissipation for motor configurations with multiple coil layers. Furthermore, the
design and manufacturing of the motor enclosure and interior components should
inhibit a low degree of complexity. Therefore, flow topologies that require complex
manifolds or a multitude of hoses to distribute the liquid are not favorable. Sub-
sequently, the same requirement holds for the bobbin since the volume and size in
the center of the coil is restricted.

The thermal performance of each topology is governed by its flow pattern, inlet
velocity and material properties of the liquid. Hence, an integral approach of heat
transfer and fluid dynamics is required to acquire the thermal-related quantities of
the topologies. The thermal performance of the flow topologies can be expressed
in terms of heat transfer coefficients. The heat transfer coefficient relates the flow
topology and velocity of the fluid to a surface heat flux. Often in the computation of
thermal problems, the fluid dynamics are decoupled by assuming a constant heat
transfer coefficient along a surface, in 3-D [97], or a line, in 2-D [100, 154]. In indi-
rect liquid cooled systems, multiple layers and materials are present which affect
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Figure 5.2: The investigated coil geometry.

the heat transfer. Therefore, this assumption has a limited effect on the discrepancy
between the modeled and measured temperature distribution. However, in direct
liquid cooled systems the heat transfer is solely realized by the fluid. Subsequently,
such an assumption leads to incorrect predictions of the power dissipation of the
coils. Therefore, computational fluid dynamics (CFD) analysis using ANSYS Flu-
ent [5] is employed to predict the thermal performance for the different topologies.
The thermal performance and fluid dynamics of the flow topologies are compared
for an assembly consisting of a single racetrack coil, bobbin and a fluid volume of
which a cross-sectional view is shown in Figure 5.2. The heat transfer coefficients
are investigated along path A for the longitudinal and axial topology and along
path B for the transversal topology. Path A is centered with respect to the za-axis
on the rectangular conductor bundle and is directed along the z-axis whereas path
B is centered and directed with respect to the xb-axis.

The geometry of the coil conductor cannot be dimensionally reduced to a 2-D prob-
lem since it is not invariant in one of the axis directions. Therefore, 3-D CFD models
are employed to predict the thermal performance. The coil consists of fine rectan-
gular copper wires which are individually insulated by means of polyamide layer.
In the CFD model, the turn-to-turn insulation of the coil conductor is incorporated
by applying an anisotropic thermal conductivity to the conductor region. There-
fore, in the direction of winding and axially, the thermal conductivity is equal to
200 W/m·K and 80 W/m·K, respectively. Perpendicular to the winding direction
the thermal conductivity of the coil is equal to 1 W/m·K. The dimensions and ma-
terial parameters of the assembly are given in Table 5.2.
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Table 5.2: Dimensions and material parameters of the investigated motor configuration.

Symbol Value Description
hc 2 mm Height of the conductor bundle
h f 1 mm Height of the fluid layer

wins 0.02 mm Width of the wire insulation
lc 100 mm Length of the conductor bundle
wb 8 mm Width of the bobbin
wc 20 mm Width of the conductor bundle
w f 1 mm Width of the fluid layer

kc,xb 1 W/m·K Thermal conductivity of the conductor (xa)
kc,yb 80 W/m·K Thermal conductivity of the conductor (ya)
kc,zb 200 W/m·K Thermal conductivity of the conductor (za)
k f 0.13 W/m·K Thermal conductivity of the fluid (Shell Diala S3)
Ch 2000 J/kg·K Specific heat capacity of the fluid (Shell Diala S3)
ρ f 885 kg/m3 Density of fluid (Shell Diala S3)
ν 8 mm2/s Kinematic viscosity of the fluid (Shell Diala S3)

Tinlet 27 ◦C Inlet temperature of the fluid

5.3.1 Forced longitudinal direct liquid cooling topology

In the longitudinal cooling topology, as shown in Figure 5.3, the flow of the liq-
uid is directed along the zo-axis. In Figure 5.4, the streamlines of the longitudinal
topology are shown. In the direction of the flow, the velocity of the fluid is homo-
geneous across the surface of the coil, therefore, lateral heat transfer in the coil is
rather low. The spatial distribution of the temperature in the coil is shown in Fig-
ure 5.5a for the surface with zb = 0. The coil temperature increases in the direction
of the flow, resulting in spatially elevated temperatures in the end-winding of the
coil with a maximum temperature of 51 ◦C. Analogous to the temperature distri-
bution, the heat transfer coefficient along path A, shown in Figure 5.6a decreases

xo

yo

zo

Figure 5.3: The flow topology of the longitudinal direct liquid cooling topology.
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Figure 5.4: Streamlines of the longitudinal direct liquid cooling topology.

along the flow direction. The decrease in the heat transfer coefficient in the direc-
tion of the flow has two causes. Firstly, the laminar boundary layer becomes larger
along the flow direction due to the friction forces between surface of the coil and
the fluid [120]. Therefore, the velocity of the liquid near the surface of the coil de-
creases along the flow direction, impeding the transfer of heat. Secondly, the finite
heat capacity of the liquid results in a rising temperature in the direction of the flow,
further decreasing the transfer of heat.

Stackability of this flow topology to multiple coils stacked in the y-direction is pos-
sible without complex adaptations since a gap between successive layers allows
the liquid to be forced through and the heat to be transferred. This flow topology
can be realized with relatively few in- and outlets or a manifold, both located exter-
nally on the coil assembly. Two possible designs of a coil assembly with manifold
or the hoses directly attached to the enclosure are shown in Figure 5.7a and 5.7b.
The advantage of a manifold is that only 2 hoses are connected to the coil assem-
bly, however, employing manifolds result in an increase of mass and volume of the
moving parts. The manifold can be replaced by directly connecting hoses to the
enclosure, requiring at least 3 hoses on either side of the enclosure. Furthermore,
the complexity of the bobbin is low since it only has to transfer the electromagnetic
force produced by the coil and, therefore, the bobbin can be realized as a single
object.
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Figure 5.5: Temperature distribution of the coil at yo = 0 mm for a volumetric heat loss of
2.7·107W/m3, a volumetric flow rate of 0.6 dm3/min and a fluid inlet temperature of 27 ◦C.
a) Longitudinal topology. b) Transversal topology. c) Axial topology.

Figure 5.6: The heat transfer coefficient of the investigated topologies for Vf = 0.6 dm3/min
along path A for the longitudinal and axial topology and path B for the transversal topology.
a) Longitudinal direct liquid cooled topology. b) Transversal direct liquid cooled topology.
c) Axial direct liquid cooled topology.
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Figure 5.7: Two possible designs to distribute the liquid in a coreless liner motor config-
uration with longitudinal cooling. a) A motor configuration with manifolds. b) A motor
configuration with multiple hoses directly connected to the enclosure.

5.3.2 Forced transversal direct liquid cooling topology

In the longitudinal cooling topology, the liquid travels along the longest side of
the coil. Hence, the temperature of the liquid close to the surface of the coil in-
creases along the flow direction. As a result large thermal gradients occur in the
coil and spatially large differences in the temperature distribution of the coil. These
elevations in the coil temperature can be avoided by reducing the length of the tra-
jectory that the liquid has to travel. In the transversal cooling topology, as shown
in Figure 5.8, the liquid flows along the x-axis, starting at the center of the coil and
flowing either side over the conductor bundles. This can be observed from the
streamlines of the transversal topology, shown in Figure 5.9. As a consequence of
the location of the inlet and outlet, relative limited motion of the fluid occurs in
the end-windings of the coil. Therefore, elevated temperatures occur in the end-
windings of the coil, as shown in Figure 5.5b. Maximum temperatures up to 59 ◦C
occur in the end-windings whereas the temperature in the rectangular coil sections
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Figure 5.8: The flow topology of the transversal direct liquid cooling topology.
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Figure 5.9: Streamlines of the transversal direct liquid cooling topology.

is significantly lower with an average temperature of 45 ◦C. A slight asymmetry
in the temperature distribution of the left and right conductor bundle is observed.
This is caused by the different arrangements of inlets and outlets on the conductor
bundles, resulting in cross-coupling of the flow of the left and right bundle. The
heat transfer coefficient along path B is shown in Figure 5.6b. Similar to longitudi-
nal topology the heat transfer decreases along the flow direction. However, for a
fixed volumetric flow rate the average heat transfer coefficient is lower compared to
the longitudinal topology because, the cross-sectional area of the transversal topol-
ogy is twice as a large. Consequently, for a fixed volumetric flow the inlet velocity
is halved, which directly affects the rate of heat transfer.

This topology requires a complex bobbin to accommodate the flow topology. An
arrangement of a single coil with transversal cooling is shown in Figure 5.10. The
construction of the bobbin becomes increasingly more difficult with the number of
coil layers since its purpose is not only to distribute the liquid evenly across each
layer but also to act as a medium to transfer the forces produced by the coils. A large
number of channels in the bobbin are necessary to direct the flow over the multiple
coil layers which increase with number of coil layers. Therefore, this topology is
scalable to multiple coil layers but the complexity increases with the number of coil
layers since the volume of bobbin is limited.
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Figure 5.10: The arrangement of the coil assembly for a single coil with a transversal direct
liquid cooling.

5.3.3 Forced axial direct liquid cooling topology

A different approach to cooling the coils is by employing an axial flow distribution,
as shown in Figure 5.11. In this topology the liquid is forced, in an alternating
fashion, normal to the surface of the coil. Therefore, an array of in- and outlets is
necessary at top and bottom of the enclosure. By increasing the number of in- and
outlets, spatially, a more uniform flow distribution is obtained. The streamlines
for a configuration with 10 inlets and outlets, in an alternating fashion, per side is
given in Figure 5.12. The actual flow pattern depends heavily on the arrangement
of inlets and outlet since the liquid travels mainly from an inlet to its nearest outlet.
The temperature distribution for the axial topology is shown in Figure 5.5c. In
this configuration the maximum temperature is 52 ◦C with spatially low thermal
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Figure 5.11: The flow topology of the axial direct liquid cooling topology.
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Figure 5.12: Streamlines of the axial direct liquid cooling topology with 10 in- and outlets
per conductor bundle.

gradients. This is also observed in the heat transfer coefficients along path A, shown
in Figure 5.6. The spatial distribution of the heat transfer coefficient is more uniform
compared to the other two topologies. Locally near the the outlets (za = 0.022 m,
0.06 m, 0.098 m) zones exist where the flow velocity is at a minimum. Therefore,
the heat transfer only occurs by conduction which depends solely on the thermal
conductivity of the liquid. Subsequently, low heat transfer coefficients are observed
at these locations since the thermal conductivity is relatively low.

The alternating flow topology of the spray topology is less suitable for configura-
tions with multiple coil layers. An arrangement of four coils with the axial topology
is shown in Figure 5.13. In this arrangement, the heat transfer primarily occurs in
the top and bottom coil layer whereas subsequent layers experience limited motion
of the fluid and, therefore, have lower heat transfer. The bobbin has a relative sim-
ple design, similar to the longitudinal topology, since it only acts as a force-transfer
medium. However, a larger number of hoses connected to the moving platform is
undesirable with respect to the position accuracy of the motor. Furthermore, hoses
on either side of the coil assembly leads to a large air gap between the permanent
magnets and the coils and, therefore, negatively affecting the force production of
the motor.
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5.3.4 Selection of direct liquid cooling topology

The desired direct liquid cooled topology combines a high heat transfer, applicable
to configuration with multiple layers, with a low degree of complexity. The av-
erage heat transfer coefficient, Ct,avg, for the three direct liquid cooled topologies
are shown in Figure 5.14 for different volumetric flow rates, Vf , ranging from 0.3
dm3/min to 1.5 dm3/min. As can been seen from the figure, the longitudinal and
axial topology have a similar average heat transfer coefficient over the full range of
investigated volumetric flow rates. The performance of the transversal topology is
on average 21 % lower compared to the other two topologies.

The longitudinal and transversal topology are scalable to configurations with mul-
tiple coil layers while maintaining equal thermal performance per layer. Gaps
between successive coil layers allow the liquid to flow and enables heat transfer
and the electrical insulation simultaneously. The axial topology is less suitable for
multi-layer configurations because only the top and bottom coil layer are effec-
tively cooled. Intermediate coil layers experience a relative limited motion of the
fluid which negatively affects the heat transfer.

The transversal and axial topology each have drawbacks in terms of manufactura-
bility. The axial topology requires a large number of hoses which negatively affects
the accuracy of the moving assembly. In the transversal topology, the complex-
ity increases with the number of layers since the bobbin should accommodate the
channels to distribute the liquid evenly across each layer.

Figure 5.13: The arrangement of a four coil assembly with axial direct liquid cooling.
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Among the three evaluated topologies, the longitudinal topology is favorable on
each aspect. This topology has the highest heat transfer coefficient over a wide
range of volumetric flows and combines excellent stackability with a low complex-
ity of the bobbin and assembly.

5.4 Experimental validation

Experimental validation of the longitudinal cooling topology is performed to en-
sure the correctness of the computational fluid dynamics (CFD) models. Measure-
ments are carried out to obtains transient thermal results for the longitudinal direct
liquid cooling topology. The CFD model of the longitudinal direct liquid cooling
is validated with the experimental results for two types of liquids, demineralized
water and Shell Diala S3. The measurements of the different liquids are obtained
for a similar inlet velocity.

Figure 5.14: The average heat transfer coefficient of the investigated topologies as function
of the volumetric flow rate, Vf .
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Figure 5.15: Overview of the measurement setup.

5.4.1 Measurement setup

A measurement assembly is constructed to verify the temperature distribution of
the longitudinal cooling topology. A schematic overview of the complete measure-
ment assembly is shown in Figure 5.15. Three thermocouples are mounted with ad-
hesives (Fischer WLK 30) to a cuboidal piece of S235 iron (50x50x150 mm). The sig-
nals from the thermocouples are converted using thermocouple converters (Seneca
WK109TC0). Two of the thermocouples, one at the top and one at the bottom, are
located at the inlet-side of the iron part. The third thermocouple is located at the
outlet-side of the iron part. The iron part is enclosed in a plastic housing, as shown
in Figure 5.16, which ensures that the heat transfer from the iron to the environment
is solely performed by the fluid. A polyester layer (not drawn) is surrounding the
plastic enclosure of the heated object preventing leakage of the fluid. An induction
heating element is situated below the heated object which eliminates the need for
electrical connections and prevents the leakage of heat flux through the electrical
leads. A 12 V dc-pump with an external reservoir circulates the liquid through the
circuit where a flow sensor (Biotech-DFMPOM) monitors the flow rate. The heat,
transfered by the liquid, is exchanged to the environment by a radiator. The sig-
nals of the thermocouples and the flow sensor are acquired by a dSPACE system
(DS1104).

The temperature of the cuboidal iron part is increased up to approximately 60 ◦C
by inducing eddy current losses in the object using the induction heating element.
Once an uniform temperature distribution of the cuboidal iron part is obtained,
the induction heating element is disconnected. Subsequently, the pump is adjusted
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Figure 5.16: Overview of the assembly of the heated object.

such that the desired flowrate of the liquid is obtained and the temperature decay
of the cuboidal iron part is monitored.

5.4.2 Results

The measurement results with demineralized water as cooling medium for the ther-
mocouple locations P1, P2 and P3 are shown in Figure 5.17 and 5.18 for an inlet

Table 5.3: Overview of the rms discrepancy between the models and the experimental results
for the different liquids and flow velocities.

ΔTp1 ΔTp2 ΔTp3
Demineralized water

v f = 0.23 m/s 1.1 ◦C 2.8 ◦C 3.5 ◦C
v f = 0.4 m/s 0.9 ◦C 2.3 ◦C 2.6 ◦C

Mineral oil (Shell Diala S3)
v f = 0.1 m/s 2.2 ◦C 2.4 ◦C 1.4 ◦C
v f = 0.2 m/s 2.9 ◦C 2.0 ◦C 1.4 ◦C
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Figure 5.17: Modeled and measured transient temperature response of the measurement
assembly with demineralized water as cooling medium at an inlet velocity, v f , of 0.23 m/s.
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Figure 5.18: Modeled and measured transient temperature response of the measurement
assembly with demineralized water as cooling medium at an inlet velocity, v f , of 0.4 m/s.
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Figure 5.19: Modeled and measured transient temperature response of the measurement
assembly with Shell Diala S3 as cooling medium at an inlet velocity, v f , of 0.1 m/s.



5.4 Experimental validation 99

Figure 5.20: Modeled and measured transient temperature response of the measurement
assembly with Shell Diala S3 as cooling medium at an inlet velocity, v f , of 0.2 m/s.
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velocity, v f , of 0.23 m/s and 0.4 m/s, respectively. A good agreement is obtained
between the measurement and model in point P1 since the rms discrepancy is 0.9 ◦C
and 1.1 ◦C for the investigated inlet velocities. For points P2 and P3 the discrepancy
between the models and measurements is larger. For point P2 the discrepancy is
2.8 ◦C and 2.3 ◦C respectively whereas in point P3 the discrepancy is 3.5 ◦C and
2.6 ◦C.

In Figure 5.19 and 5.20, the experimental results are given with Shell Diala S3 as
cooling medium for inlet velocities of 0.1 m/s and 0.2 m/s, respectively. The rms
discrepancy between the models and measurements for point P1 is 2.2 ◦C and 2.9 ◦C
for the respective inlet velocities. In point P2 a discrepancy of 2.4 ◦C and 2.0 ◦C is
observed whereas in point P3 the discrepancy is 1.4 ◦C for both inlet velocities. The
results of the discrepancies are summarized in Table 5.3. A good agreement for
points P1, P2 and P3, with respect to the CFD models, is obtained for the different
liquids and inlet velocities. Therefore, the CFD models give an accurate prediction
of the temperature distribution of the flow topologies.

5.5 Conclusions

In this chapter, three direct liquid cooling topologies for coreless linear motors have
been discussed and compared on their heat transfer ability. 3-D computational fluid
dynamics models have been employed to characterize the relation between the flow
pattern, velocity and the thermal performance of the topologies.

The 3-D computational fluid dynamics (CFD) models are experimentally validated
for a simplified configuration of the longitudinal topology. Transient thermal mea-
surements are conducted on several locations in the measurement assembly and
compared to the results of the CFD models. The validation has been performed
for demineralized water and mineral oil (Shell Diala S3) as cooling media. Fur-
thermore, the measurements are conducted for different inlet velocities of the fluid.
A good agreement has been obtained between the temperature distribution of the
models and the measurements. The discrepancy is less than 3.5 ◦C for the investi-
gated liquids and inlet velocities.

The different topologies have been assessed on their thermal performance, stack-
ability and complexity. For fixed volumetric flows, the average heat transfer co-
efficient of the longitudinal and axial topology are 21 % higher compared to the
transversal topology. In terms of stackability and complexity, the longitudinal topol-
ogy is scalable to multi-layer coil configurations with a similar thermal perfor-
mance, without requiring complex adaptations to the geometry. In the other topolo-
gies, multi-layer coil configurations lead to, either, complicated designs of bobbins
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or loss of thermal performance. Based on these aspects, the longitudinal topology
has been selected to be employed in further research.
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Chapter 6

Design and optimization

THIS chapter concerns the design of two coreless linear motor topologies with
multi-layer coils. A framework containing analytical and numerical meth-
ods for the optimization of the direct and indirect liquid cooled coreless lin-

ear motor topologies is presented. The models compute the propulsion force and
motor constant of the linear motor topologies for a wide range of coil configura-
tions and pole pitches, and determine the steady-state thermal behavior. Using this
framework the topologies are optimized for force density resulting in an optimal
coil geometry. The relation between the optimal coil geometry and the pole pitch is
investigated in order to reduce the number of optimization variables. The impact
of various design decisions on the performance of the two topologies are analyzed
and a comparison between the two topologies on power dissipation, force density
and wire selection is presented.

This chapter is based on:

T.A. van Beek, J.W. Jansen, B.L.J. Gysen and E.A. Lomonova, ’Electromagnetic and mechani-
cal performance of direct and indirectly liquid-cooled coreless linear motors with multi-layer
coils’, IEEJ Transactions on Industry Applications, accepted.

T.A. van Beek, J.W. Jansen, B.L.J. Gysen and E.A. Lomonova, ’Comparison of direct and
indirectly liquid-cooled coreless linear actuators with multi-layer coils’ in 2017 International
Symposium on Linear Drives for Industry Applications (LDIA), 2017, pp. 1-6.
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6.1 Introduction

The direct liquid cooled topologies introduced in the previous chapter have each
a different flow pattern and, therefore, also different heat transfer characteristics.
Based on the comparison between the various topologies, the forced longitudinal
direct liquid cooling topology has been selected for further research. In this chap-
ter, the performance of the direct liquid cooled topology is compared to that of an
indirect liquid cooled topology. The indirect liquid cooled topology is based on a
conventional arrangement of coils, insulation layers and water-cooled plates.

The framework for computing and optimizing the force density consists of 3-D
analytical, finite element and finite volume methods. Analytical expressions of the
propulsion force, based on the scalar potential of the magnetic field, produced by
the current-carrying volume, are employed whereas 3-D finite element and volume
methods obtain the power dissipation of the investigated motor geometries. Using
this framework, a parametric search is performed for the two motor topologies,
including a wide range of pole pitches and commercially available fine rectangular
wires. Subsequently, the power dissipation and the force density of both topologies
are compared.

Furthermore, the impact of several design decisions on the performance of the opti-
mized designs of both topologies is analyzed. These decisions include the selection
of materials to minimize interior mechanical stresses in the coreless motor topolo-
gies and manufacturability of motor components.

The chapter is organized as follows. Section 6.2 presents the geometry of the two
coreless linear motor topologies that will be optimized. The approach towards
the optimization of the motor geometry and its constraints are addressed in Sec-
tion 6.3 whereas the results of the optimization are presented in Section 6.4. In
Section 6.5 several design aspects and the impact on the optimized coil geometry
are discussed.

6.2 Coreless linear motor topologies

To achieve a high force density in coreless linear motors, fine rectangular mag-
net wire is employed, as opposed to round wire, to obtain a high filling factor of
the coils. A higher utilization of the available volume enables higher force densi-
ties of these devices. However, fine rectangular copper wire is not available with
large wire heights and relative small widths. Typically, a height-to-width ratio of
1:10 is considered normal for rectangular wire whereas a maximum ratio of 1:25 is
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currently the limit for industrial manufacturers of fine rectangular wire [96, 145].
Therefore, stacking of coils is necessary to maximize the performance of motor
configurations with large conductor bundle heights. The requirement of stacking
coils opens up new opportunities with respect to cooling since multiple coil layers
increases the surface area. However, each coil layers introduce inactive volumes
such as insulating layers which do not produce electromagnetic force. Two 3-phase
coreless linear motor topologies with different cooling principles are analyzed and
compared on force density.

6.2.1 Indirect liquid cooled motor topology

In the investigated linear motor topologies the coil assembly is located above a
single-sided magnet array, mounted on an iron backplate, as shown in Figure 6.1.
The coil assembly consists of 3 phases where each phase is a set of multiple coils,
stacked in the axial direction. The coils are embedded in an encapsulation material
where each coil is separated by a cooling layer. Therefore, for each introduced coil
layer an additional water-cooled plate is added. For safety reasons, the cooling
system is connected to protective earth and, therefore, the encapsulation material
provides the electrical insulation between the coils and the cooling environment.
Furthermore, the encapsulation material acts also as a force transfer medium. The
coils are electrically connected in series since connecting the coils in parallel results
in circulating currents due to the different electromotive forces. The heat produced
by the ohmic losses in the coil is transferred through the encapsulation material to
the cooling system, hence, this topology will be further referred to as the Indirect

Coil

Permanent magnet

Back iron

Wire insulation

hm

wm

τp

Ca+ Ca− Cb+

Ca+ Ca−

Ca+ Ca−

x

y

la

Watercooled

Insulation

enclosure

material

ww

wh

yo
zo

xo
Nlay=1

Nlay=2

henc

hins

wwi

Figure 6.1: 2-D cross-sectional view of the indirect liquid cooled motor.
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Liquid Cooled (ILC) topology. Stacking of coils in the ILC topology results in a
relative large volume attributed to the electrical insulation and the cooling system.
Hence, only a limited part of the coil assembly volume contributes to the force
production.

6.2.2 Direct liquid cooled motor topology

Contrary to the ILC topology, the active coil volume of the motor can be increased
by integrating the electrical insulation and cooling environment into a single en-
tity. In the proposed topology shown in Figure 6.2, this is realized by forcing a
dielectric liquid directly over the top and bottom of the coils. A cross-sectional
view of the configuration is shown in Figure 6.3. As discussed in the previous
chapter, the forced longitudinal cooling topology is the most suitable direct liquid
cooled (DLC) topology to employ in coreless linear motors with multi-layer coils.
Similar to the ILC topology, the coils of the direct liquid cooled topology are elec-
trically connected in series. In the absence of encapsulation material an alternative
medium is necessary to transfer the electromagnetic forces produced by the coils.
In the presented topology a bobbin of a reinforced fiberglass composite is used as
force transfer medium. As discussed in the selection of the dielectric liquids in
Chapter 5, the mineral oils display the best performance in terms of heat transfer,

Figure 6.2: Illustration of the direct liquid cooled motor.
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Figure 6.3: 2-D cross-sectional view of the direct liquid cooled motor.

fluid dynamics and dielectric breakdown strength. Therefore, in the direct liquid
cooled topology Shell Diala S3 is selected as the dielectric liquid.

6.3 Modeling approach

To obtain the force density of each configuration, the magnetic and thermal per-
formance are calculated separately as shown in the overview of the modeling ap-
proach in Figure 6.4. Firstly, the electromagnetic propulsion force of the motor con-
figuration is computed for the rectangular section of the conductor bundles since
the net propulsion force contribution of the end-windings is small. As described
in Chapter 2, the propulsion force produced by cuboidal current-carrying volumes
located above a permanent magnet array can be computed using the Lorentz force
based on the magnetic charge model. Subsequently, the motor force constant, Km,
is obtained from the electromagnetic computation. The performance of a motor
configuration can be expressed in terms of the steepness, S, which is given by

S =
K2

m
Rp

, (6.1)

where Rp is the phase resistance of the investigated motor configuration.

The electric loading of the motor configuration is obtained by 3-D finite element
and finite volume methods. The power dissipation is determined for a peak oper-
ating temperature, Top, of the motor configuration. For ILC motor configurations,
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Figure 6.4: Schematic overview of the modeling approach.

finite element models are used to compute the power dissipation whereas in the
DLC motor configurations computational fluid dynamic models are required. The
force density of the motor configuration, fd, is given by,

fd =

√
SPdiss
Vm

, (6.2)

where Vm is the internal motor volume. The dimensions of the geometry and ma-
terial parameters are given in Table 6.1.

6.3.1 Constraints

Coil geometry and permanent magnet assembly

As shown in [73], the optimal coil dimensions, with respect to the steepness, are de-
pendent on the pole pitch between permanent magnets, τp. The relation between
the wire height (wh), wire width (ww), pole pitch and the optimal steepness are in-
vestigated over a range of pole pitches, τrange. The optimal performance is obtained
for the geometry where the steepness, S, is maximized. In Figure 6.5a the optimal
conductor height and bundle width, normalized to the pole pitch, are shown as
function of the pole pitch. It is clear that the optimal conductor height and bun-
dle width can be represented by a fraction of the pole pitch. By representing the
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Table 6.1: Dimensions and material properties used in the optimization process.

Parameter Value Description
wwi 20 μm Wire insulation thickness
henc 1 mm Height of the enclosure
hins 0.5 mm Height of the insulating layer
hm 10 mm Height of z-magnetized PM
hcp 1 mm Height of the cooling plate
lm 70 mm Length of z-magnetized PM
la 0.5 mm Length of the airgap

τrange 20-70 mm Range of the pole pitch τp
Br 1.2 T Remanent flux density of the PM

Coptwc 0.63 - Conductor bundle width constant
Copthc 0.41 - Conductor bundle height constant

Top 100 ◦C Peak operating temperature of coil
Tamb 23 ◦C Ambient temperature
Phyd 30 W Hydraulic power
hconv 1000 W/m2K Convection coefficient
kcx 1 W/m·K Thermal conductivity of the coil (x)
kcy 200 W/m·K Thermal conductivity of the coil (y)
kcz 80 W/m·K Thermal conductivity of the coil (z)
kins 2 W/m·K Thermal conductivity of the insulating layer

optimal coil geometry as function of the pole pitch, the number of variables is re-
duced and the computational effort lowered. The fraction of the optimal conductor
height, Copthc, is equal to 0.41 and the optimal conductor bundle width, Coptwc is
equal to 0.63.

A wide range of dimensions for commercially available fine rectangular wire is
investigated [96], resulting for each configuration in a different number of coil lay-
ers within the optimal conductor height. To simplify the electrical connection of the
phase leads, the number of layers in each configuration has to be either equal to 1 or
an even number. Therefore, for an even number of layers the electrical connection
of each phase winding is on the outer rim of the coil assembly. Furthermore, con-
straints are applied to the permanent magnet volume and the length of the airgap
between the permanent magnet array and the conductors. The height, hm, and the
length, lm, of the permanent magnet are equal to 10 mm and 70 mm, respectively,
and the length of the airgap, la, is equal to 0.5 mm.
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Figure 6.5: a) Optimal fraction of the pole pitch for the conductor height and bundle width.
b) Electric field distribution near the corner of the conductor bundle of a single-layer coil
assembly with a voltage difference of 1000 V.

6.3.1.1 Cooling limitations

The power dissipation for both the DLC and ILC configurations is determined for a
maximum operating temperature, Top, of 100 ◦C. Furthermore, in the DLC configu-
ration the hydraulic power, Phyd, is limited to 30 W. The hydraulic power is defined
as follows

Phyd = Vf ΔP, (6.3)

with
Vf = v f Amlmot, (6.4)

where Vf is the volumetric flow rate, ΔP is the pressure drop over the motor, v f
the inlet velocity of the liquid, Am is the frontal cross-sectional area of the mo-
tor through which the liquid flows and lmot is the length of the motor. The inlet
velocity is adjusted for each pole pitch to maintain a constant hydraulic power uti-
lization. The pressure drop is inversely related to the pole pitch since the volume
of the motor increases for larger pole pitches. However, the frontal cross-section
of the motor increases faster with the pole pitch then the pressure drop decreases
which requires the inlet velocity to be decreased for larger pole pitches. In the ILC
configuration a convection coefficient, hconv, of 1000 W/m2·K is assumed at each
water-cooled surface.

Operating voltage and insulation

Power electronics with a dc-bus voltage of 2000 V is operated symmetrically with
respect to the protective earth. Since the cooling environment and enclosure are
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connected to protective earth, the maximum electric potential between the coils
and the enclosure is 1000 V. In specific situations, such as clamping, the power elec-
tronics connects all phases to either side of the dc-bus. Therefore, the height of
each insulating layer, hins, is independent of the number or location of the layer.
No partial discharge is allowed in the coil assembly of the motors, therefore, the
maximum electric field strength should not exceed a certain threshold to prevent
the occurrence of partial discharge. Partial discharge measurements, as presented
in Appendix A, are performed for various solid and liquid insulating materials to
define the partial discharge inception threshold. The partial discharge inception
electric field strength is measured for temperatures ranging from 10 ◦C to 120 ◦C.
From ambient temperature to the desired operating temperature the inception field
strength decreases with 30 % to 40 %, depending on the type of material. For the
investigated epoxy compound the inception electric field strength is equal to 5.1
kVrms/mm at a temperature of 100◦C. Aged mineral oil samples of Shell Diala S3,
exposed to uncertain humidity levels, showed an inception electric field strength
of 3.8 kVrms/mm. For an insulation height, hins, of 0.5 mm the maximum electric
field strength in a single coil layer of the ILC topology is equal to 3.5 kVrms/mm, as
can be observed by the electric field distribution, obtained by the spectral element
model, in Figure 6.5b. The maximum electric field strength for the same configura-
tion in the DLC topology is 3.1 kVrms/mm. Subsequently, with an insulation height
of 0.5 mm a margin of 25 % and 50 % between the maximum electric field strength
and the inception field strength is realized.

Wire configurations with relative large widths are expected to result in high phase
currents. Subsequently, larger volumes of moving cables are necessary for these
configurations which is undesirable. Therefore, the rms phase current, Im, is limited
to 25 A.

6.4 Comparison of the motor topologies

A parametric search is performed to optimize the force density of the DLC and ILC
topologies. The parametric search is executed for a wide range of pole pitches and
wire configurations. First, the power dissipation for both topologies is assessed,
followed by a comparison on the force density.

6.4.1 Power dissipation

The power dissipation per coil layer, Pd,l , is shown for both topologies as function
of the pole pitch in Figure 6.6. From this figure it is clear that the DLC topology
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has significantly poorer thermal performance compared to the ILC topology. Both
topologies are able to dissipate more power for larger pole pitches. In the ILC
topology this is caused by the increased surface area of the coil and, hence, a lower
thermal resistance. This is also the case for the DLC topology. However, larger
pole pitches result in decreasing inlet velocities and, hence, reduced heat trans-
fer from the coil to the fluid. Heat diffuses relatively slowly for fluids with large
Prandtl numbers, such as transformer oils, and the heat transfer is, therefore, pri-
marily governed by the diffusivity of momentum [61]. Subsequently, this means
that the thickness of the boundary layer is of importance in the heat transfer. For
a free stream over a plate, the thickness of the boundary layer decreases with the
square root of the inlet velocity [120], hence, the effect of the lower inlet velocities
is mitigated.

6.4.2 Force density

In Figure 6.7, the maximum force density, fd, for the investigated pole pitch range
is shown for the DLC and ILC topology. It is observed that the force density of the
DLC topology is on average 20 % higher compared to the ILC topology. Detailed
investigation for a pole pitch, τp, equal to 28 mm is performed to identify the causes
behind the performance of both topologies. The force density, as function of the
wire dimensions, of the DLC and ILC topology for a pole pitch, τp, of 28 mm are
shown in Figure 6.8 and 6.9, respectively. From these figures it is clear that the
DLC topology has high force densities for relative thin and small wires whereas
the ILC topology excels for thicker wires. The peak performance in force density
is higher in the DLC topology, despite its lower power dissipation per layer. The
DLC topology benefits from a lower penalty per layer in the coil volume compared
to the ILC topology and, therefore, more coil layers are feasible in the same volume.
The number of coil layers for a pole pitch, τp, of 28 mm are shown in Figure 6.10
and 6.11 for the DLC and ILC topology, respectively. It can be observed from
those figures that, on average, the number of layers in the DLC topology is twice as
high compared to the ILC topology. Therefore, more active coil volume is present
in the DLC topology, resulting in higher force densities despite its lower thermal
performance.

6.5 Design and operational aspects

Most dimensions of the linear motor topologies have been obtained from the opti-
mization in Section 6.4. In this section, the width of the bobbin is reevaluated. Fur-
thermore, the effect of eddy currents on the performance of the motor topologies is
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Figure 6.6: Power dissipation per layer for different pole pitches of the DLC topology and
the ILC topology.

Figure 6.7: Force density per layer for different pole pitches of the DLC topology and the
ILC topology.



114 Chapter 6 Design and optimization

Figure 6.8: Force density as function of the wire width and height for a pole pitch, τp equal
to 28 mm in the DLC topology.

Figure 6.9: Force density as function of the wire width and height for a pole pitch, τp equal
to 28 mm in the ILC topology.
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Figure 6.10: Number of layers as function of the wire width and height for a pole pitch, τp
equal to 28 mm in the DLC topology.

Figure 6.11: Number of layers as function of the wire width and height for a pole pitch, τp
equal to 28 mm in the ILC topology.
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investigated and the mechanical stresses due to the production of electromagnetic
forces and thermal expansion of different materials are examined.

6.5.1 Mechanical stress

High levels of mechanical stress in electromagnetic devices may lead to fatigue of
materials and, subsequently, the accelerated failure of the system. In electric ma-
chines, mechanical stresses can be separated into two categories. Firstly, interact-
ing magnetic fields of permanent magnets and coils produce tangential and normal
forces causing magnetic stress. Secondly, losses in electrically conducting parts re-
sult in elevated temperature distributions and, subsequently, to thermal stresses. In
[19, 66, 68, 88, 123, 151] it was shown that significant levels of stress can be present
in coreless and ironcored magnetic devices. The analysis of these stresses is often
performed on a simplified geometry, either in 2-D [19, 58, 66, 83, 150–152] or in 3-D
on small segments [68, 88]. Simplification of the geometry for the coreless linear
motor topologies is possible to a lesser extent. Since the stacking of coils results in
a repetition of coil layers it suffices to model a single layer.

In the two motor topologies the different stresses are investigated using 3-D finite
element methods for a single, optimized, coil layer at the optimal pole pitch, τp,
of 28 mm and conductor height, hc, of 2 mm. The separate contributions of the
magnetic and thermal stresses are analyzed and large stress concentrations are lo-
calized.

6.5.1.1 Magnetic stress

Figure 6.12a and 6.12b show the Von Mises [55] stress distributions, caused by the
interaction of magnetic fields between the permanent magnets and the conductor,
acting on the bare copper of the coil of the DLC and ILC configuration for a cur-
rent density, J, of 40 A/mm2 at height yo = 0 mm. As shown in these figures, the
maximum Von Mises stress is equal to 2.8 MPa and 0.16 MPa for the DLC and ILC
configuration, respectively. In both cases, the high levels of stress are located along
the interface of the inner edge of the coil and bobbin or insulation material, respec-
tively.

The magnitudes and stress distribution of the DLC configuration are distinctively
different from the ILC configuration. In the DLC configuration, the stress concen-
trates near the interface of the coil and the bobbin whereas in the ILC configura-
tion the stress gradients are significantly less and the stress is distributed spatially
more evenly. Force transfer from the coil to the enclosure in the DLC configuration
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Figure 6.12: Von Mises stress distribution, due to magnetic forces only, acting on the coil and
bobbin for a current density, J = 40 A/mm2, at height yo = 0 mm. a) DLC configuration. b)
ILC configuration.

is solely performed by the bobbin causing the bulk of stress to concentrate near
the coil-bobbin interface. For the ILC configuration, the insulation material acts as
transfer medium, therefore, the magnetic forces are transferred over a larger cross
section resulting in lower stress magnitudes and gradients.

6.5.1.2 Thermal stress

Figure 6.13a and 6.13b show the Von Mises stress distributions solely due to thermal
stresses for a current density, J, of 40 A/mm2. High levels of stress occur at the inner
radius of the curved section of the coils for both the DLC and ILC configuration
with von Mises stresses up to 44 MPa and 90 MPa, respectively.

Thermal stresses are significantly higher than magnetic stresses and occur primar-
ily near the inner radius of the curved section of the coil. Therefore, the thermal
stress distribution is investigated in detail along path Γm. Path Γm starts at the in-
ner radius of the center of the curved section at yo = 0 and ending at the outer radius
of the coil, as indicated in Figure 6.14.

It is verified that the temperature distribution of coils with a relative large conduc-
tor bundle width is largely unaffected by the width of the bobbin, wbo, since it has a
limited effect on the active coil volume and the ohmic loss distribution. Therefore,
the relation between the bobbin width and the stress distribution can be investi-
gated independently of the temperature distribution. In Figure 6.15 and 6.16 the
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Figure 6.13: Von Mises stress distribution, due to thermal stresses only, acting on the coil and
bobbin for a current density, J = 40 A/mm2, at height yo = 0 mm. a) DLC configuration. b)
ILC configuration.

Path Γm

xo

zoyo

wc

wbo

Figure 6.14: Topview of a racetrack coil with path Γm located on the end-winding of the coil.

Von Mises stress along path Γm is shown for the ILC and DLC configuration with
bobbin widths ranging from 3 mm to 13 mm, where the conductor bundle width,
wc, remains at 14 mm. As can be seen from the figures, the peak Von Mises stress
occurs at the inner edge of the coil and decreases for larger bobbin widths in both
topologies. For a bobbin width of 3 mm the peak Von Mises stress is equal to 19
MPa and 102 MPa for the DLC and ILC configuration, respectively. Increasing the
bobbin width to 13 mm reduces the peak stress to 11 MPa and 66 MPa, a reduction
of respectively 41 % and 36 %.
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Figure 6.15: Von Mises stress of the ILC configuration along path Γm for different bobbin
widths, wbo, for a current density, J = 40 A/mm2 and wc = 14 mm.

Figure 6.16: Von Mises stress of the DLC configuration along path Γm for different bobbin
widths, wbo, for a current density, J = 40 A/mm2 and wc = 14 mm.
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6.5.2 Manufacturability and design

As shown in Section 6.4, the DLC topology is capable of achieving higher force den-
sities compared to the ILC topology and is, therefore, selected as the desired motor
topology. The parametric search resulted in an optimal pole pitch of 28 mm with a
corresponding conductor bundle width of 17.6 mm. Therefore, the bobbin width in
this case is 2.1 mm which not only results to high mechanical stress concentrations
in the coil as shown in the previous section but leads to difficulties in manufactur-
ing the coils. The fine rectangular wire has a heat-activated overcoat layer which
will adhere to neighboring turns once activated. This allows the coil to be bonded
while it remains in the winding tooling which eliminates several processing steps,
compared to bonding the coil using alternative adhesive agents. However, to al-
low bonding while the coil is in the winding tool, sufficient space is required in the
center of the coil which results in larger bobbin widths. Furthermore, the bobbin
width, wbo, should be larger than the height of the coil, hc, to electrically connect
successive coil layers. Therefore, the bobbin width is reevaluated and set equal to
8 mm which in turn decreases the conductor bundle width, wc, to 14.5 mm which
lowers the force density by 10%. Furthermore, the bonding between subsequent
turns is critical in transferring the produced electromagnetic forces to the enclo-
sure. The reliability of the bonding layer depends heavily on the actual tempera-
ture distribution during bonding which is only controlled globally. Therefore, to
ensure uninterrupted operation of the motor an encapsulating layer of 0.2 mm is
surrounding the coil which improves the structural rigidity of the coil.

The rms phase current of the DLC motor topology with the selected wire configu-
ration should not exceed 25 A. According to the results in Figure 6.8, the optimal
motor configuration is 10 coil layers per phase with fine rectangular wire dimen-
sions of 0.4 mm (ww) by 0.5 mm (wh). However, wire configuration with relative
small dimensions are highly sensitive to the tension on the wire during manufac-
turing. Excessive tension leads to permanent deformation of the wire whereas too
low tension results in low adhesion between successive turns and premature de-
lamination of the coil. Therefore, a wire configuration is selected that has larger
dimensions but still adheres to the rms phase current limit of 25 A. Subsequently,
the selected DLC motor configuration has 6 coil layer per phase with wire dimen-
sions of 0.21 mm (ww) by 1.6 mm (wh), resulting in a 20 % decrease in force density
compared to the 10 layer configuration. A complete overview of the dimensions of
the constructed prototype is given in the next chapter.
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6.6 Conclusions

In this chapter, two different coreless linear motor topologies with multi-layer coils
have been optimized for force density. The first motor topology consists of an as-
sembly of a coil encapsulated in solid insulating material with water-cooled plates
on either side where multiple layers in the axial direction are a repetition of the
mentioned assembly. In the second motor topology, longitudinal direct liquid cool-
ing, as selected in the previous chapter, is employed to realize the heat transfer. The
electromagnetic force production has been computed using a 3-D scalar potential
model whereas the power dissipation has been obtained by 3-D finite element and
finite volume methods.

It has been found that the power dissipation for a single layer in the indirect liquid
cooled topology is higher compared to the direct liquid cooled topology. Depend-
ing on the pole pitch, a 23 % to 88 % higher power dissipation in the indirect liquid
cooled topology has been observed for the employed constraints on the convection
coefficient and the hydraulic power. In the direct liquid cooled topology the inlet
velocities decrease for larger pole pitches when applying a fixed hydraulic power
constraint.

It has been observed that the force density of the direct liquid cooled topology is
on average 20 % higher compared to the indirect liquid cooled topology. In the
optimal configuration of the direct liquid cooled topology the ratio of active coil
volume compared to the total coil volume is on average 50 % higher.

Mechanical stresses on the interior parts of the coil have been analyzed for both
topologies. The largest mechanical stress concentrations occur primarily near the
inner radius of the curved section of the coil and are caused by thermal stresses.
Thermal stresses are significantly higher in the indirect liquid cooled topology. For
a bobbin width of 3mm, a peak stress of 102 MPa has been observed in the indirect
liquid cooled topology compared to 19 MPa in the direct liquid cooled topology. To
reduce these stress concentrations the bobbin width can be increased, resulting in
a feasible design. Moreover, in manufacturing the coils a minimum bobbin width
is required for the tooling of the winding equipment. Based on the force density
and the manufacturability, an optimized configuration employing the direct liquid
cooling has been proposed with each phase consisting of six, axially stacked, coils
in series.
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Chapter 7

Prototype and experimental

validation

THIS chapter presents measurements on a prototype of the coreless linear mo-
tor with direct liquid cooling. Firstly, the partial discharge inception volt-
age is measured on the coil assembly for a stationary situation. Finally, the

power dissipation and electromotive force are verified for different inlet velocities
of the fluid and translation velocities of the coil assembly.

123
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7.1 Introduction

This chapter focuses on the experimental verification of the partial discharge in-
ception voltage, power dissipation and the electromotive force on the coreless lin-
ear motor with multi-layer coils. Based on the optimization of the motor topology
presented in the previous chapter, two measurement assemblies have been con-
structed. Firstly, the partial discharge inception voltage of the coil assembly is ob-
tained for a stationary situation where the phases are submerged in dielectric fluid.
Secondly, to demonstrate the proof-of-concept and to quantify the electromagnetic
and thermal behavior a full-scale prototype of the coreless linear motor with direct
liquid cooling is constructed.

This chapter is organized as follows. Section 7.2 explains the two experimental
setups created for measuring the motor related quantities. The measured partial
discharge magnitudes, power dissipation and motor constant are presented in Sec-
tion 7.3.

QPL
542

MPD600

Glass fiber

DAQ

DUT

Power
Amplifier

Signal
Generator

Battery

High-voltage enclosure Test chamber

Transformer Coupling capacitor HV rail

Figure 7.1: Illustration of the measurements assembly for obtaining the partial discharge
inception voltage of the prototype.
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7.2 Experimental setups

Based on the optimized design presented in the previous chapter, two experimental
setups have been realized. In the first presented setup, the magnitudes of the partial
discharges are measured for different source voltages. The second setup is a full
prototype of the direct liquid cooled motor which employs the forced longitudinal
flow pattern. In the following subsections, both setups are explained.

7.2.1 Partial discharge measurement assembly

Figure 7.1 shows the diagram of the partial discharge measurement assembly. In
this setup, a function generator provides a sinusoidal excitation with a variable am-
plitude and a fixed frequency of 50 Hz. A power amplifier buffers this signal and
is connected to the primary side of a high-voltage transformer with a turns ratio of
1:200. The secondary side of the transformer is connected to a 1.2 nF coupling ca-
pacitor of the measurement apparatus and to the high-voltage rail of the assembly.
For safety reasons and to minimize electromagnetic interference, the high-voltage
transformer and the measurement equipment are located in a conductive enclosure
which is connected to protective earth. The high-voltage rail connects the trans-
former to the device under test, located in the test chamber. The high-voltage rail

Figure 7.2: Photo of the prototype in the test chamber for measuring the partial discharge
inception voltage.
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Table 7.1: The different components of the partial discharge measurement assembly.

Component Type
Signal generator Agilent 33220A arbitrary waveform generator
Power amplifier Toelnner 7621 4-Quadrant power supply

Acquisition system Omicron MPD600
Coupling capacitor Omicron MCC112 1.2 nF

Quadrupole Omicron CPL542
Calibrator Omicron CAL542

Transformer AEG EY-30b

consists of two concentric cylinders with radii of 11 and 47.5 mm, respectively. The
inner cylinder is connected to the "hot" side of the system whereas the outer cylin-
der is connected to protective earth. The partial discharge related quantities in the
device under test are obtained using an acquisition system. A quadrapole is located
in between the coupling capacitor and the acquisition system which acts as an ex-
ternal measurement impedance and over-voltage protection for the measurement
device. Calibration of the acquisition system is necessary to determine the specific
scale factor of this assembly. Calibration is performed by injecting a known charge
of 5 pC, using the calibrator, in the assembly and, subsequently, the scale factor is
adjusted to match the injected charge. Phase-resolved partial discharge analysis is
applied in post-processing the measurement data. A photo of the coil assembly in
the test chamber is shown in Figure 7.2 whereas the specifications of the different
components are given in Table 7.1.

Table 7.2: Geometrical parameters of the design of the DLC coreless linear motor

Parameter Value Description
Nt 58 - Number of turns per coil

Nlay 6 - Number of coil layers per phase
hm 10 mm Height of the permanent magnet array
wh 1.6 mm Height of the fine rectangular wire
ww 0.21 mm Width of the fine rectangular wire
wwi 20 μm Width of the wire insulation
wm 24 mm Width of the permanent magnet
wc 14.5 mm Width of the coil
hins 0.5 mm Height of the insulation layer
la 0.5 mm Length of the airgap
lc 70 mm Active length of the coil

wbo 8 mm Width of the bobbin
τp 28.5 mm Pole pitch of the permanent magnet array
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7.2.2 Coreless linear motor

The prototype of the coreless linear motor with multi-layer coils that employs direct
liquid cooling is shown in Figure 7.3. In Figure 7.4 the permanent magnet assem-
bly is shown in detail. A detailed picture of the hydraulic components is given in
Figure 7.8. The geometrical parameters and specifications of the design of the DLC
coreless linear motor are given in Table 7.2.

Coil assembly

As already discussed in Section 5.2 of Chapter 6, the optimal conductor geometry
consists of 6 coil layers per phase. Each coil has 58 turns of fine rectangular copper
wire with a turn width and height of 0.21 and 1.6 mm, respectively. A thin layer
(20 μm) of acrylic resin with thermal class F is electro-deposited onto the rectan-
gular wire and acts as turn-to-turn insulation. Furthermore, an overcoat layer of
polyamide resin with a thickness of 1 μm enables self-bonding of the coil. This

Figure 7.3: Photo of the direct liquid cooled coreless linear motor prototype.
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Figure 7.4: Photo of the permanent magnet assembly of the direct liquid cooled coreless
linear motor prototype.

Figure 7.5: Photo of the employed coils in the prototype. A coil without encapsulation (left)
and a coil with 0.2 mm epoxy encapsulation (right).
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Figure 7.6: Illustration of single coil and and the assembled coil stack.

Figure 7.7: Enclosure.
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polyamide resin activates above 170 ◦C which bonds the coil. Each coil is encap-
sulated in 0.2 mm epoxy and, thereafter, glued to a bobbin made of G11 with an
one-part adhesive (Loctite 480). A photo of a coil with and without encapsulation
is shown in Figure 7.5. Subsequently, a coil stack is manufactured by gluing mul-
tiple coil layers using a 2-component epoxy. An 3-D exploded view of a single coil
layer and the assembled coil stack is shown in Figure 7.6. Two locking pin ensures
axial alignment of the coil stack. The coil stacks are situated in a titanium enclosure
with 6 G1/4 threaded inlets and outlets on either side as shown in Figure 7.7. The
bottom layers of each coil stack form the neutral connection whereas the top coil
layers are connected to their respective contra-part of the electrical connectors.

Permanent magnet assembly

The permanent magnet assembly contains 3 arrays mounted consecutively which
are each 284.5 mm in length. The permanent magnets are glued on a back iron (10
mm). Two linear bearings (SKF LLM 15W) restrict the movement of the coil as-
sembly solely to one direction. The coil assembly is mounted via brackets onto the
linear bearings. The mounting brackets are designed such that a limited rotational

Figure 7.8: Photo of the hydraulic components of the prototype.
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stiffness is achieved with respect to the z-axis to account for parallelism inaccura-
cies of the bearings. On one side along the permanent magnet track, a stainless
steel encoder scale (Renishaw RSLR-20U3A) with 20 μm pitch is mounted on an
aluminum fixture. The encoder readhead (Renishaw RGH20 series) is located on
the mounting bracket.

Hydraulics

To monitor and regulate the flow velocity of the dielectric liquid flow sensors and
ball valves are located in the hydraulic circuit. In Figure 7.8 the mounting plate and
the hydraulic components including the manifolds, flow sensors and ball valves are
shown. The manifolds are connected to a cooling system (National Lab FCUN011)
which combines the pump and the oil-to-water heat exchanger. The operational
pressure of the pump, with the ball valves in the open-position, is 2.3 bar. The
secondary side of the oil-to-water exchanger is connected to an external cooling
circuit. The manifold distributes the dielectric liquid into 6 inlets which are mon-
itored using flow sensors (Sea YF-S201). Regulation of the velocity of the liquid
and equalizing the flow rates is performed by adjusting the ball valves appropri-
ately. Polyurethane hoses with an inner diameter of 8 mm connect the hydraulic
components and the coil assembly.

7.3 Experimental validation

This section presents the results obtained from measurements on the partial dis-
charge measurement setup and the prototype coreless linear motor. These results
include measurements of the partial discharge inception voltage, power dissipation
and the electromotive force.

7.3.1 Partial discharge inception and extinction

Figure 7.9 shows the measured average discharge magnitude, Qavg, as function of
the applied source voltage, Vs. For each applied source voltage the result is ob-
tained by averaging the discharge magnitude over a period of 20 s. Subsequently,
the measurement is repeated 5 times with the extreme values indicated by the in-
tervals in Figure 7.9. Throughout the measurements the noise floor is 400 fC, hence,
discharge magnitudes below this value could not be observed. The first discharges
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above the noise floor are detected for a source voltage of 1.3 kVrms with an av-
erage discharge magnitude of 440 fC. However, the determination of the partial
discharge inception voltage depends on how its threshold is defined. The standard
on high-voltage test techniques, and more specifically, partial discharge measure-
ments (IEC 60270:2000) does not specify a strict threshold. Ideally, the threshold
is related to the lifetime of the motor but the actual life span depends on more
factors than the partial discharge magnitude alone. As indicated by Kreuger [74],
the permissible discharge magnitude depends also on the operating stress of the
device. Furthermore, the permissible discharge magnitude is also dependent on
the stability of the dielectric material. For instance, insulation systems with high
micaceous content have generally a high permissible discharge magnitudes since
mica is a relative stable dielectric material [118, 119, 125], on the contrary, synthetic
materials are more susceptible to partial discharges [74]. For synthetic materials
such as epoxy resins, polyethylene and rubber a permissible discharge magnitude

Figure 7.9: Average discharge magnitude, Qavg, of the coil assembly as function of the ap-
plied source voltage, Vs.
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Figure 7.10: Phase resolved partial discharge patterns for different source voltages. a) The
source voltage equal to 1.4 kVrms. b). The source voltage equal to 1.6 kVrms c) The source
voltage equal to 1.7 kVrms.
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of 1 pC is considered acceptable in synthetic materials with electric stresses above 4
kV/mm [126, 127]. Considering this definition of the permissible discharge magni-
tude the partial discharge inception voltage is 1.6 kVrms. In high-voltage apparatus,
phase-resolved partial discharge analysis (PRPDA) is typically employed to ana-
lyze partial discharge measurements [44]. In Figure 7.10 the phase-resolved partial
discharge analysis for different source voltages are shown.

7.3.2 Power dissipation

The thermal performance of the prototype is measured in terms of the allowable
power dissipation of the motor for a given operating temperature. The tempera-
ture of the prototype is measured at three different locations in the coil assembly, as
is shown in Figure 7.11, using K-type thermocouples. The thermocouples are glued
to the coils using a thermally conductive glue (Fischer elektronik WLK 30). Two of
the thermocouples (T1 & T3) are located at the top coil layers whereas thermocou-
ple T2 is positioned on the fifth layer of the center coil stack. The thermocouples
are located at the outlet side of the enclosure To ensure an accurate reading of the
thermocouples, a transient thermal measurement is conducted and compared to a
computational fluid dynamics model and the 4-point resistance measurement (Ag-
ilent 34461A). Using the measured resistance, Tm, the temperature of the motor, Tr
is given by

Tr =

Rm
R20

− 1

αc
+ 20, (7.1)

Figure 7.11: Position of thermocouples T1, T2 and T3 on the coilstacks.
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Table 7.3: Time constants for the different sensors of the transient temperature measurement.

Sensor τt [s]
Thermocouple T1 7.2
Thermocouple T2 8.5
Thermocouple T3 7.2

4-points resistance measurement 8.0
2-D Fluent 8.3

where R20 is the resistance of two phases at 20 ◦C and αc the temperature coefficient
of copper.

In the transient measurement phase A and B are supplied with a dc current until the
coil temperature is equal to 100 ◦C. Subsequently, the current is decreased to zero
and the liquid is pumped through the hydraulic circuit. Thereafter, the temperature
decay is measured via the different sensors. The results of the three thermocouples
are shown in Figure 7.12. Thermocouple T1 and T3 show a similar temperature
decay whereas thermocouple T2 is lagging. Non-uniformity of the gaps between
consecutive coil layers due to manufacturing tolerances results in an asymmetrical
flow distribution and, hence, in a better cooling performance of the top coil layers
with respect to layers that are situated lower in the coil stack. In Figure 7.13 the
results of thermocouple T1 and T2, the 4-point resistance measurement and the
CFD model are shown. As can be observed, the measured temperature decay by
the thermocouples is in good agreement with the data of the 4-point measurements
and the CFD model. The data from the different sensors are fitted with a one-term
exponential function given by

T(t) = Tse−
−t
τt , (7.2)

where Ts and τt are the fitted coefficients and represent the starting temperature and
the thermal time constant, respectively. The thermal time constants for the different
sensors are given in Table 7.3. A good agreement is obtained between the 4-point
resistance measurement and the CFD model with a discrepancy of 4%. A discrep-
ancy of 10 % and 6 % is observed between the 4-point resistance measurement and
the thermocouples T1 and T2, respectively. In the 4-point resistance measurement
the information of the spatial temperature distribution is lost and provides an av-
erage temperature of the coil stack. Therefore, a discrepancy with respect to the
thermocouples occurs since these sensors provide the temperature at specific loca-
tions in the coil stack. However, the deficiency between both types of sensors is
considered relatively small and it is concluded that the thermocouples provide an
accurate means of measuring the coil temperature at the investigated locations.
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Figure 7.12: Transient temperature distribution of thermocouples T1, T2 and T3.

Figure 7.13: Transient temperature distribution of thermocouples T1 and T2 and 4-points
resistance measurement and the results from the fluent 2-D model.
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Figure 7.14: Modeled and measured power dissipation, Pd, per coil.

The power dissipation of the prototype is measured to assess the allowable current
density of the motor in continuous operation. Therefore, the power dissipation is
measured when the motor is thermally in steady-state. For a given inlet velocity of
the liquid, a dc current is supplied to phase A and B of the motor. Subsequently,
the power dissipation is measured for a steady-state operating temperature of the
motor, Top, of 100 ◦C. The results of the power dissipation measurement is com-
pared to the CFD model for a single coil and shown in Figure 7.14. A measured
power dissipation of 203 W is observed for a relative low inlet velocity, v f , of 0.06
m/s whereas an inlet velocity of 0.36 m/s results in a power dissipation of 343 W.
On average, a discrepancy of 7 % is observed with respect to the results of the CFD
model. Conversely, the achieved power dissipation allows current densities of 54.2
and 69.6 A/mm2 for fluid inlet velocities of 0.06 and 0.36 m/s, respectively.

7.3.3 Motor constant

The motor constant, Km, of the prototype is determined using electromotive force
(emf) measurements. The coil assembly above the permanent magnet track is dis-
placed manually along the propulsion direction while the induced emf is measured
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Figure 7.15: Electromotive force, Vem f , between phases B-A and phases C-A.

using differential probes (Tektronix P5200A). The position and velocity of the coil
assembly are recored by the encoder readhead. The emf between phase A-B and
C-A is shown in Figure 7.15a with the velocity of the coil assembly, v, given in Fig-
ure 7.15b. The induced emf is normalized by dividing the actually measured emf
by the instantaneous velocity of the coil assembly. After normalizing the emf of
each phase with respect to the velocity, the motor constant is given by

Km =
√

K2
m,a + K2

m,b + K2
m,c, (7.3)

where Km,a, Km,b and Km,c are the normalized amplitudes of each phase.

The emf is measured for different velocities of the coil assembly and post-processed
for obtaining the motor constant at the respective velocity. The motor constant, Mc,
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Figure 7.16: Motor constant, Km, of the prototype for different translation velocities, v.

as function of the velocity is shown in Figure 7.16. With respect to the quasi-static
situation, the motor constant decreases by 1% for a velocity of 1.05 m/s. Therefore,
eddy-currents in the enclosure have a negligible effect on the performance of the
motor.

7.4 Comparison with the state-of-the-art

The performance of the realized direct liquid cooled (DLC) coreless linear motor
is compared to an existing, state-of-the-art, counterpart. State-of-the-art coreless
linear motors are similar in construction to the indirect liquid cooled (ILC) concept
presented in Section 6.2. However, the existing state-of-the-art motors are rated
for an operating voltage of several hundreds of volts. The different motors are
compared on the rms current density, J, and the scaled rms current density, Js. The
scaled current density is a measure of the force density of the motor and represents
an equivalent current density if the entire motor volume is used as current-carrying
volume. Therefore, the current density is scaled with the actual filling factor of the
motor. The DLC prototype motor has a filling factor of 0.52 which includes the ratio
of active coil layers to the total volume and the packing factor of the coils.

In Figure 7.17a and b the current density and the scaled current density of the di-
rect liquid cooled prototype are shown for different operating temperatures of the
motor and flow rates of the cooling liquid. As can be observed from Figure 7.17a,
a current density of 69.6 Arms/mm2 can be obtained for an operating temperature
of the motor of 100 ◦C with a flow rate of 9 L/min. Consequently, lower flow rates
allow lower current densities for equal operating temperature. A flow rate of 1.5
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Figure 7.17: a) The rms current density as function of the operating temperature of the pro-
totype for different volumetric flow rates. b) The scaled rms current density as function of
the operating temperature of the prototype for different volumetric flow rates.

L/min allows a current density of 54.2 Arms/mm2. In Figure 7.17b the scaled cur-
rent density of the prototype is shown. For flow rates of 1.5 L/min and 9 L/min
in the DLC motor, the scaled current densities is equal to 27.5 Arms/mm2 and 36
Arms/mm2 for an operating temperature of 100 ◦C, respectively.

In Figure 7.18 the current density and scaled current density of the DLC motor
are compared to an industrial, state-of-the-art (SotA) coreless linear motor. In Fig-
ure 7.18a it is shown that higher current densities can be achieved in the DLC motor
for equal operating temperature. Compared to the state-of-the-art, the DLC motor
has a 39 % and 79 % higher current density for flow rates of 1.5 L/min and 9 L/min,
respectively, at an operating temperature of 100 ◦C.

The DLC motor has a lower utilization of the coil volume compared to the state-
of-the-art motor which affects the scaled current density.The scaled current density
of the DLC motor with a flow rate of 1.5 L/min is similar to that of the existing
state-of-the-art motor, as can be observed from Figure 7.18b. With a flow rate of 9
L/min, the scaled current density of the DLC motors is 20 % higher compared to
the state-of-the-art at an operating temperature of 100 ◦C.
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Figure 7.18: a) The rms current density for the state-of-the-art (SotA) and the DLC prototype
as function of the operating temperature. b) The scaled rms current density for the state-of-
the-art (SotA) and the DLC prototype as function of the operating temperature.

Compared to the state-of-the-art motor, the DLC motor has a lower utilization of
the coil volume which affects the scaled current density. For a flow rate of 1.5 L/min
the scaled current density of the DLC motor is similar to that of the state-of-the-art.
For a flow rate of 9 L/min the scaled current density of the DLC motor is 20 %
higher, compared to the state-of-the-art, at an operating temperature of 100 ◦C.

7.5 Conclusions

This chapter has demonstrated the performance of the direct liquid cooled (DLC)
coreless linear motor, optimized in the previous chapter, by experimental verifica-
tion of the power dissipation, motor constant and the partial discharge inception
voltage. Two measurement assemblies have been realized to quantify these motor-
related parameters.
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Partial discharge measurements have been performed on the coil assembly for a
stationary situation. A relative low noise floor of the measurement setup allowed
for the detection of partial discharges well below 1 pC. Up to a source voltage of
1.2 Vrms no partial discharge above the noise floor have been observed. A permis-
sible discharge magnitude of 1 pC has been considered which resulted in a partial
discharge inception voltage of 1.6 kVrms.

The power dissipation of the prototype has been investigated for a wide range of
fluid inlet velocities. Firstly, the readings of the thermocouples has been validated
in a transient thermal measurement where the temperature decay is compared to
the results of the 4-point resistance measurement and a computational fluid dy-
namics (CFD) model. The measurement data has been fitted with a one-term ex-
ponential which allowed the different thermal time constant to be compared. The
largest discrepancy between the different thermal time constants reached 10 %. For
a single coil and an inlet velocity of 0.36 m/s, a power dissipation of 343 W has
been observed whereas an inlet velocity of 0.06 m/s resulted in a power dissipa-
tion of 203 W. Subsequently, the achieved power dissipation allowed for current
densities of 69.6 Arms/mm2 and 54.2 Arms/mm2. On average, a discrepancy of 7 %
was observed between measurements and the results of the 3-D CFD model.

The electromotive force has been measured for different velocities of the coil assem-
bly. Subsequently, from the electromotive force the motor constant of the prototype
has been determined. The motor constant varied with 1 % over the investigated
velocities, hence, eddy-currents in the enclosure have a negligible effect on the per-
formance of the prototype.

The results of the DLC motor have been compared to an existing, industrial, state-
of-the-art coreless linear motor. It should be noted that the operating voltage of
existing state-of-the-art coreless linear motors is significantly lower compared to
the operating voltage of the prototype in this thesis. The motor has been compared
on the allowable current density and scaled current density for a given operating
temperature. For flow rates of 1.5 L/min and 9 L/min, the DLC motor allows 39 %
and 79 % higher current density, respectively, compared to the state-of-the-art.
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Chapter 8

Conclusions &

recommendations

This research has focused on solutions for thermal and electric-field problems to
enable a high force density in high-voltage coreless linear motors. A summary of
the conclusions related to the research objectives is given in this chapter. Further-
more, the scientific contributions of this thesis are stated, and recommendations for
future research are given.
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8.1 Conclusions

The goal of this research has been to derive solutions for the electric field problems
in high-voltage coreless linear motors while maintaining a high force density. Mod-
eling has been performed on methods to reduce the electric field strengths at critical
locations in the motor geometry. Furthermore, optimization of direct liquid cooling
topologies for coreless linear motors with multi-layer coil configurations have been
performed and experimentally verified.

Small-scaled features are often the cause of localized electric field enhancements in
electrical machines and, therefore, are important in the analysis of the electric field
distribution of these devices. A 2-D spectral element model has been researched in
Chapter 3 for a fast and accurate prediction of the electric field strength distribution
in motor geometries that include those features. In the spectral element method
the field solution is obtained by relatively few quadrilateral elements with a high-
order orthogonal polynomial description of the electrostatic potential. Applying
the transfinite interpolation allows arbitrary shaped quadrilaterals to be taken into
account. For the purpose of comparison, the spectral element model has been ap-
plied to an iron-cored linear motor, with and without air inclusions, and compared
to the finite element method. For an average and maximum discrepancy of 1.5 %
and 11.1 % in the distribution of the electric field strength, respectively, the spectral
element model requires over ten times less unknowns.

Localization of electric field enhancements in coreless linear motors with fine rect-
angular wire reveals critical points near the lateral sides of the conductor bundle.
Based on different electric field principles, five electric field control methods for
coreless linear motors have been composed in Chapter 4. These are compared on
their ability to mitigate electric stress and their sensitivity to geometry alterations
such as misalignment of the field control method and width of the wire insulation.
The geometrical, capacitive, resistive, combined field control method reduce the
maximum electric field strength by 60, 59, 53, 67 percent, respectively. It has been
shown that the refractive field control method has limited effectiveness with a re-
duction of only 10 %. Both positive and negative misalignments of the field control
methods negatively affect the mitigation of the electric field strength distribution.
The capacitive field control method is the least sensitive to misalignment with a
52 % reduction, with respect to a conductor bundle without field control, for a mis-
alignment of 0.1 mm. Except for the capacitive field method, larger widths of the
wire insulation deteriorate the level of mitigation.

In indirect liquid cooling (ILC) the coils are separated by an encapsulation mate-
rial from the water-cooled environment. Alternative means of realizing the heat
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transfer from the coil have been researched. Starting from the concept of direct liq-
uid cooling (DLC), where the cooling liquid is in direct contact with the coil, three
topologies with distinct flow patterns have been investigated in Chapter 5. Based
on the thermal performance, stackability and the design complexity, the longitudi-
nal topology has been selected. It has been shown that the longitudinal and axial
topologies have similar average heat transfer coefficients for fixed volumetric flow
rates whereas the transversal topology is on average 21 % lower. The longitudinal
and transversal topology are suitable for motor configurations with multiple coil
layers since the thermal performance is identical for each layer. On the contrary,
the flow pattern of the axial topology effectively only cools the top and bottom
coil layers and, therefore, is not suitable for configurations with more than two
coil layers. In terms of manufacturability the longitudinal and axial topologies are
less complex compared to the transversal topology, since the bobbin in this design
has to accommodate and distribute the liquid for each layer while simultaneously
acting as a force transfer medium.

The geometry of a direct liquid cooled and indirect liquid cooled motor configu-
rations have been optimized for force density over a wide range of commercially
available fine rectangular wires and pole pitches using a parametric search in Chap-
ter 6. For a single coil layer, the power dissipation is approximately 25 % higher in
the indirect liquid cooled motor configuration for a pole pitch of 28 mm. However,
the optimized direct liquid cooled motor has for the same pole pitch 50 % more ac-
tive coil volume. The lower penalty of adding subsequent coil layers allows a more
effective utilization of the available coil volume and, therefore, higher force densi-
ties are obtained by the direct liquid cooled topology. The force density of the direct
liquid cooled configuration is compared to the indirect liquid cooled configuration,
on average, 20 % higher over the investigated range of pole pitches.

A prototype high-voltage coreless linear motor with forced longitudinal direct liq-
uid cooling has been realized and described in Chapter 7 to experimentally validate
the power dissipation and the motor force constant. The experimental results of the
power dissipation have been obtained for a wide range of volumetric flow rates and
show good agreement with the 3-D computational fluid dynamics models with an
average discrepancy of 7 %. Thermal measurements have been conducted for cur-
rent densities up to 39 Arms/mm2, resulting in an increase of the coil temperature
by 25 ◦C. For an operating temperature of the prototype of 100 ◦C, current den-
sities of 54.2 Arms/mm2 up to 69.6 Arms/mm2 are achievable, depending on the
volumetric flow rate. The motor force constant of the prototype has been validated
via electromotive force measurements for a range of velocities of the coil assembly.
It was observed that the motor force constant is not affected by eddy currents in
electrically conducting parts of the motor enclosure and is in good agreement with
the modeled motor force constant.
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8.2 Scientific contributions

In this thesis, a unique concept of direct liquid cooling and multi-layers coils for
coreless linear motors has been designed, developed and proven, enabling a high
force density at a high operating voltage. The main scientific contributions of the
performed research can be summarized as:

• The extension of the two-dimensional spectral element method for the eval-

uation of electrostatic fields in motor geometries including small-scaled

features. The spectral element method has been applied to model the dis-
tribution of the electric field strength in linear motors including small-scaled
features such as protrusions, curved edges and air-filled voids. The spectral
element model requires significantly less degrees of freedom compared to,
commercially available, finite element software which allows rapid evalua-
tion of the geometry.

• The derivation and comparative evaluation of a family of electric field con-

trol methods for coreless linear motors using fine rectangular wire. To allow
high force densities in high-voltage coreless linear motors, a family of electric
field control methods has been introduced to reduce the electric field strength
at critical locations in the motor geometry. Five unique field control methods,
each working on a different principle, are derived and investigated. The de-
rived field control methods have been compared on their ability to mitigate
the electric field strength and their sensitivity to geometry alterations.

• The comparison, optimization and experimental validation of the selected

coreless linear motor topologies employing multi-layer coil configurations.

Three direct liquid cooling topologies have been investigated and assessed on
the thermal performance, stackability and manufacturing complexity.
3-D computational fluid dynamics models have been employed to charac-
terize the flow patterns and thermal performance of the different topologies.
Experimental results are included to support the numerical models. A di-
rect and indirect liquid cooled coreless linear motor topology have been op-
timized for force density. The motors has been optimized for a wide range
of pole pitches and commercially available fine rectangular wires. The opti-
mized motor geometries are evaluated on the force density and the interior
magnetic and thermal stresses. The optimized coreless linear motor employ-
ing direct liquid cooling is realized to verify the performance of the concept.
Measurements have demonstrated that the theoretical models can accurately
predict the high levels of power dissipation and current densities for a wide
range of volumetric flow rates with, subsequently, realizing a motor with a
high force density.
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8.3 Recommendations for future work

In this thesis, modeling of the electric field strength distribution in linear motors is
treated and several field control methods and cooling concepts for coreless linear
motors have been presented. Recommendations are given for several aspects that
require further research.

Part 1: Electric field modeling techniques

• Extending the spectral element model to include three-dimensional motor

geometries. The presented spectral element model assumes the motor ge-
ometry to be invariant in one of the directions of the coordinate system or at
least a negligible influence on the field distribution. By extending the spectral
element model to three dimensions a more accurate prediction of the actual
electrostatic field distribution can be achieved. This allows arbitrary shaped
voids and protrusions to be taken into account.

• Increasing the flexibility of the spectral element model. Currently, several
pre-processing steps of the problem in the spectral element model are per-
formed manually. Therefore, preparing complex problems with many dif-
ferent shapes and materials is time-consuming and limits the flexibility of the
model. Automated partitioning of the geometry, mesh generation and assign-
ment of the boundary conditions minimizes input of the user and, therefore,
saving time and enabling fast analysis of a multitude of geometries. Subse-
quently, the spectral element model can be employed to investigate the elec-
tric field control methods.

Part 2: Solutions to electric field problems in coreless linear motors

• Improving the heat transfer by the inclusion of turbulent flow patterns in

the direct liquid cooled topologies. In this thesis the investigated direct liq-
uid cooled topologies are limited to laminar flow patterns. As shown in other
applications, for instance, in heat exchangers [69, 77, 153] the heat transfer can
be improved by creating turbulent flow patterns. Estimation of parameters,
such as the turbulence intensity, should be performed for modeling the fluid
dynamics. Furthermore, this allows the investigation of vortex generators
to create turbulent flow patterns artificially, allowing enhanced heat trans-
fer [47, 49].

• Mechanical design and manufacturing of coil layers without epoxy encap-

sulation. Solely relying on the bonding layer of the magnet wire as a medium
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to transfer the electromagnetic force from the coil to the bobbin could lead to
delamination of the individual coil wires. Therefore, in the realized proto-
type the coils were encapsulated by a layer of epoxy (0.2 mm) to improve its
structural strength. However, this negatively affects the power dissipation of
the motor. By investigating and modeling the mechanical properties of the
bonding layer and accurately controlling the bonding process during the coil
manufacturing, the encapsulating layer could be omitted.

• Investigation of the lifetime of the direct liquid cooled coreless linear mo-

tor.

(a) Mechanical lifetime. As explained throughout this thesis, high levels of
mechanical stress due to thermal and magnetic forces occur in the coil as-
sembly. Over longer periods of time, these stresses may lead to delamina-
tion of the coil and bobbin interface or plastic deformation of the coil and
bobbin. Subsequently, this results in the failure of the motor and, therefore,
requires detailed analysis of the material properties and measurements of life-
time characteristics of the motor.
(b) Electrical lifetime. Deterioration of the mineral oil over time, such as
the adsorption of moisture and foreign particles, affects the properties and
quality of the liquid and can result in the occurrence of partial discharges at
lower than expected operating voltages. Therefore, measurements should be
conducted to investigate the effect of different type of contaminations and
quantities on the electrical performance of the liquid. Furthermore, chemi-
cal analysis should be performed on the liquid to assess its degradation for
long-term operation of the direct liquid cooled motor.
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Figure A.1: a) Schematic overview of the plane-to-plane configuration of the electrodes and
the insulating material. b) The electric field distribution for a sample with 1 mm thickness
and a potential difference of 2500 V.

The measurements of the partial discharges serve as a reference for the allowable
electric field strength in the insulation layers to remain free of partial discharges.
Hence, the height of the insulating layers in the optimization of the two coreless
linear motor configurations, as presented in Chapter 6, is based on these measure-
ments.

Partial discharge measurements are conducted on different solid insulating mate-
rials and curing temperatures over a wide range of operating temperatures. The
partial discharge behavior of the materials is obtained for a homogeneous electric
field distribution in the samples. A plane-to-plane configuration of cylindrical elec-
trodes with Rogowski profiles, arranged on a common axis, ensures that the field
enhancement at the edges is minimized as shown in Figure A.1a. The diameter of
the cylindrical electrode, de, is equal to 50 mm and the gap, ge, between the two
electrodes is equal to 0.3 mm. The modeled electric field distribution of a section
of the sample is shown in Figure A.1b for a gap, ge, of 1 mm with a electric poten-
tial difference of 2500 V between the electrodes. As can be seen, the electric field
enhancement at the edges of the electrodes is negligible.

Each of the solid investigated insulating materials is a 2-component mixture of a
resin and a hardener. The samples are obtained by pouring the mixture in a mold
which contains the electrodes, as shown in Figure A.2a. The stirring, mixing and
pouring of the components is performed in a vacuum environment with appropri-
ately 15 mbar pressure in the vacuum chamber during pouring. The surfaces of the
mold that come in contact with the mixture are treated with a specific agent to en-
able the release of the sample from the mold without applying severe mechanical
stress. A released sample with the embedded electrodes is shown in Figure A.2b.
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Table A.1: Material properties of the investigated solid insulating materials.

Property Polyurethane Silicone rubber Epoxy
Thermal conductivity 0.75 W/m·K 3 W/m·K 1.5 W/m·K
Dielectric breakdown strength 30 kV/mm 15 kV/mm 25 kV/mm
Relative permittivity 4.3 3.9 3
Dynamic viscosity 1600 mPa·s 35000 mPa·s 10000 mPa·s
Electrical volume resistivity 6·1014 Ω·cm 1·1014 Ω·cm 1.5·1014 Ω·cm
Tensile strength 10 MN/m2 2 MN/m2 42 MN/m2

The selected range of solid insulating materials involve a polyurethane, silicone
rubber and an epoxy compound with the relevant material properties given in Ta-
ble A.1 Furthermore, during the curing process of the materials the temperature of
the material is important with respect to its electrical and mechanical properties.
The curing temperature also affects the viscosity of the mixture in its liquid phase
and, subsequently, influences the entrapment of air pockets. Therefore, the curing
temperature, Tcure, and the relation to the partial discharge behavior of the mate-
rials is also investigated. To minimize stochastic variation in the measurements,
5 identical samples for each material and curing temperature are manufactured.
Subsequently, 40 samples divided over three different materials are measured. The
partial discharge inception voltage of each sample is obtained for an operating tem-
perature of 10 ◦C through to 120 ◦C. The measurements are conducted on the setup
described in Chapter 7 with equal inception criteria. The partial discharge incep-
tion electric field strength for the different materials is shown in Figure A.3. Fur-
thermore, the relative permittivity of each solid insulating material is measured for
a wide range of temperatures and is shown in Figure A.4.

The partial discharge inception voltage of the mineral oil Shell Diala S3 is measured
for the same electrode configuration as described in Figure A.1a. The measured
mineral oil samples have been exposed to unsteady humidity levels and, therefore,
an uncertain amount of moisture has been collected in the oil. Subsequently, the
measurement results are obtained for aged mineral oil samples. For an oil tem-
perature of 20 ◦C, a partial discharge inception stress of 3.8 kVrms/mm is observed.
The operating temperature of the oil in the direct liquid-cooled topologies rises only
a few degrees above the ambient temperature since an oil-to-water heat exchanger
ensures proper heat transfer.
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Figure A.2: a) A part of the mold assembly. b) The encapsulated electrodes after extraction
from the mold.
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(a) Polyurethane. (b) Silicone rubber.

(c) Epoxy.

Figure A.3: The partial discharge inception voltage for the different materials as function of
the operating temperature.
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(a) Polyurethane. (b) Silicone rubber.

(c) Epoxy.

Figure A.4: The measured relative permittivity of the different materials as function of the
operating temperature.
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Notation Unit Description
�A Wb/m Magnetic vector potential
Am m2 Cross-sectional area of the motor
a - Covariant and contravariant vector
�B T Magnetic flux density
Br T Remanent flux density of the permanent magnet
Ch J/kg·K Specific heat capacity
Copthc - Conductor bundle height constant
Coptwc - Conductor bundle width constant
Ct W/m2·K Heat transfer coefficient of the direct liquid cooling
�D C/m2 Electric displacement field
d1 m Distance between coil strands iron-cored motor
�E V/m Electric field strength
Ebr V/m Dielectric breakdown strength
�F N Force
F1 - - Contravariant flux 1
F2 - - Contravariant flux 2
Fn - - Normal contravariant flux
�f N/m3 Lorentz force density
fd N/m3 Force density
g m Length airgap of the iron-cored motor
�H A/m Magnetic field strength
hc m Conductor bundle height
hconv W/m2·K Convection coefficient
henc m Height of the enclosure
�J A/m2 Current density
Km N/A Motor force constant
k W/m·K Thermal conductivity
L - Legendre polynomial
l - Lagrangian interpolant
la m Length of the air gap
lc m Length of the conductor bundle
lm m Active length motor
�M A/m Magnetization
�Mr A/m Remanent magnetization
N - Polynomial degree
Nlay - Number of coil layers
Nt - Number of turns
�n - Unit normal vector
�P C/m2 Polarization
Pdiss W Power dissipation
Phyd W Hydraulic power
PLGL - Legendre-Gauss-Lobatto polynomial
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Notation Unit Description
�Pr C/m2 Residual polarization
Q C Instantaneous partial discharge magnitude
Qavg C Average partial discharge magnitude
Rp Ω Phase resistance
rc m Rounding radius
rcor m Tooth corner radius
rc m Corner radius of the fine rectangular wire
rep m Radius of the electrode profile
r1 m Radius of the coil strand
r2 m Radius of the coil strand and the insulation
rv1 m Radius of void 1
rv2 m Radius of void 2
S N2/W Steepness
T ◦C Temperature
Tamb

◦C Ambient temperature
Top

◦C Operating temperature of the motor
t s Time
thpl m Thickness of the high-permittivity layer
Vp V Potential difference
Vf m3/s Volumetric flow rate
Vm m3 Volume motor
v f m/s Inlet velocity
vp m/s Velocity of the particle
wt m Turn width
Wel J Electric energy
Wem J Electromagnetic energy
Wk J Kinetic work
wh m Wire height
ww m Wire width
wwi m Wire insulation width
wb m Bobbin width
wc m Conductor bundle width
T T2 Magnetic stress tensor

Table B.1: Roman symbols.
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Notation Unit Description
χm - Magnetic susceptibility
χe - Electric susceptibility
μr - Relative permeability
μ0 H/m Permeability of free space
εr - Relative permittivity
ε0 F/m Permittivity of free space
ρ C/m3 Free electric charge
ρ f kg/m3 Density of the fluid
ρm A/m2 Magnetic volume charge density
σm A/m Magnetic surface charge density
φe V Electric scalar potential
φm A Magnetic scalar potential
ν mm2/s Kinematic viscosity
τ mm Pole pitch
τt s Thermal time constant
λ Wb Flux linkage
λs - Singularity factor
ω m−1 Spatial frequency
ωj - Gauss quadratures
γ - Test function
τm m Magnet pitch of the iron-cored motor
τc m Coil pitch of the iron-cored motor
αm - Magnet width ratio of the iron-cored motor
αc - Coil width ratio of the iron-cored motor
ΔP Pa Pressure drop
ΔT ◦C Temperature difference

Table B.2: Greek symbols.

Abbreviation Description
2-D Two-dimensional
3-D Three-dimensional
BEM Boundary element method
CFD Computational fluid dynamics
dc Direct current
DLC Direct liquid cooled
emf Electromotive force
FEM Finite element method
ILC Indirect liquid cooled
SEM Spectral element method

Table B.3: Acronyms.
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