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Interfacial delamination in polymer coated metal sheet
A numerical-experimental study

Summary

An increasing amount of products are nowadays made of polymer coated metal
sheet. Polymer coated metal has several advantages compared to traditionally
Sn (tin) coated metal, such as costs savings and a more environmental friendly
production process. Beverage and food cans are formed by draw-redraw and wall
iron processes. These forming processes take place under extreme processing con-
ditions and may result in delamination of the polymer coating. Delamination leads
to a loss of attractive and protective properties of the product and must therefore
be prevented. If delamination can be predicted, the processing routes, parameters
and tooling can be adjusted a priori to prevent it. This work relies on an integrated
numerical-experimental approach to achieve these accurate predictive capabilities.

A successful numerical-experimental approach calls for an accurate numerical de-
scription of the interface and delamination process. Cohesive zones are known to be
a suitable tool to describe interface interaction. The often used exponential cohesive
zone law of Xu and Needleman is evaluated, whereby further improvements have
been revealed to describe a mixed-mode delamination process. An alternative
cohesive zone law is proposed to overcome the identified shortcomings and it is
shown how the parameters can be determined by dedicated experiments.

Experimental observation of the interfacial delamination in polymer coated steel
shows that the delamination process takes place by fibrillation. Additionally, large
displacements and deformations are present at the interface and in the surround-
ing bulk materials. Most cohesive zone models require a local coordinate system
to decompose the traction and opening displacement into a normal and tangential
contribution. The orientation of the local coordinate system cannot be chosen unam-
biguously and may result in significant differences in normal and tangential contri-
butions when large displacements are present at the interface. Therefore, a cohesive
zone model with a large displacement formulation is developed to overcome this
ambiguity by defining a direct constitutive relation between the traction and open-
ing displacement vector.
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Because the polymer and the steel have substantial different material properties, a
peel test is found to be one of the few suitable experimental set-ups for characteriza-
tion of the interface between the coating and the substrate. The coating thickness is
measured with an optical imaging profiler and it is shown that there are no residual
stresses present in the coating.
Full characterization of the interface requires zero and ninety degree peel tests in
conjuncture with accurate simulations of the peel tests and an inverse parameter
identification procedure. Plane-strain and 3D models, to be solved in a finite element
solution context, are built. The peel tests induce large deformations in the polymer
coating, which are properly accounted for by a non-linear visco-elastic constitutive
model. Attention is given to the intrinsic stress-strain response, the strain softening
behaviour and the strain rate dependency of the coating, and the corresponding
experimental characterization techniques.
A mixed-mode cohesive zone model with a large displacement formulation is
developed to discriminate between opening modes and their possible different
work-of-separation.
Zero and ninety degree peel tests are performed and the interfacial work-of-
separation is determined by an inverse parameter identification procedure. It is
shown that a plane-strain geometry is a good approximation for the modelling of
peel tests, which significantly reduces the computational time of the simulations.

Deep-draw and redraw forming processes induce large plastic strains in the materi-
als. Plastic strain leads to roughening of the substrate and consequently to a loss of
adhesion of the coating. From a surface height profile, the roughness is determined
by a height-height correlation function. This results in a root-mean-square roughness
parameter and a correlation length, where the latter is an indication of the typical
length scale involved in roughening. An orientation dependent correlation function
is formulated to provide anisotropic roughness and correlation length parameters.
The initial surface topography of unpolished specimens leads to an offset of the
roughness, whereas the evolution of the roughness as a function of the strain is
similar to the one found in polished specimens. The correlation length is related
to the underlying microstructure of the substrate and develops in an anisotropic
fashion during pre-straining.
The description of the cohesive zone model is extended to account for the loss
of adhesion due to substrate roughening by implementing a relation between the
work-of-separation and the effective plastic strain.
Stress relaxation and ageing take place in the time period between the pre-straining
of the specimens and the start of the peel test. Accurate characterization of the
interface of pre-strained specimens therefore requires the appropriate modelling
of the stress relaxation and the ageing by means of employing a multi-mode
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version of the constitutive model and the incorporation of ageing kinetics, in
addition to the determination of the involved material parameters. With the
adopted single-mode model without ageing kinetics, the interface of pre-strained
specimens is characterized by assuming a fully aged state of the material before
the initiation of the peel test. The combined numerical-experimental method
is used to quantify the loss of adhesion due to pre-straining and the results show
a clear deterioration of the adhesion as a function of the plastic strain in the substrate.

Finally, the experimentally characterized cohesive zones and constitutive models are
adopted in an industrial deep-draw model. The simulation results are assessed with
an adequate variable that quantifies the interfacial integrity. Several process param-
eters are varied to study their influence on the deterioration of the interface during
deep-drawing. The results point to the most relevant process parameters and the
critical areas where the interfacial damage and the boundary conditions may trigger
delamination.





CHAPTER ONE

Introduction

1.1 Motivation

Thin sheet packaging metals are used to make beverage and food cans, aerosols, bat-
teries, beer caps, closures and luxury products. Beverage and food cans are made
with draw-redraw (DRD) and draw and wall iron (DWI) processes. DRD is a man-
ufacturing technique where a circular blank of this sheet metal is drawn in a press
into a die to form a shallow cup and then subsequently redrawn on further dies to
produce a complete can body. With the DWI forming process a drawn cup is wall
ironed, by pressing the cup through several ironing rings, which results in stretching
and thinning of the can wall. DWI containers result in a high cup with a wall thick-
ness reduction of 65%. In figure 1.1, intermediate can geometries of the DWI process
are shown.

Figure 1.1: Several forming steps of a DWI can: (1) deep-draw step (2) redraw step
(3-9) wall ironing steps.

Packaging steel for beverage and food cans is traditionally pre-coated with a Sn (tin)
layer before the forming of the product. This layer provides corrosion resistance and
the protection of the steel is further improved by a sequence of lacquering steps after
forming.

1



2 1 INTRODUCTION

Figure 1.2: Applications of polymer coated steels: beverage and food cans.

Currently, more and more products are made from polymer coated steels (see fig-
ure 1.2), making the Sn layer and lacquering superfluous. This not only implies con-
siderable cost savings by reducing the number of process steps, but also eliminates
the emission of volatile organic compounds. The steel substrate is first coated with
a thin chromium layer which is several nanometres thick. The performance with
respect to the adhesion of the coating relies heavily upon this layer. The polymer
coating, poly-ethylene terephthalate (PET), adheres to this layer by hydrogen bonds.
During the subsequent forming processes, plastic strains are induced in the steel sub-
strate, resulting in surface roughening (see figure 1.3).

Figure 1.3: Surface profile of the packaging metal, undeformed (left) and after 20%
stretching (right). The initial stone finished surface topography and the forma-
tion of slip bands can be clearly seen. Scale bar: surface height µm. Dimensions:
60×80 µm2.

Surface roughening deteriorates the adhesion between the coating and the substrate
and in conjuncture with the extreme processing conditions delamination of the coat-
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ing may occur. Delamination leads to a loss in attractive and protective properties of
the product and must therefore be prevented.

1.2 Objective

Whenever a new polymer coated steel product or design is introduced, the tooling
and process parameters are adjusted in an empirical way to reduce the occurrence of
delamination, which is a costly process. If delamination can be predicted, the pro-
cessing routes, parameters and tooling can be adjusted a priori to prevent it.
To achieve accurate predictive capabilities, the objectives of this thesis can be formu-
lated as:

• The development of a numerical description of the interface based on the ex-
perimentally observed underlying physics of coating delamination at multiple
length scales.

• The realization of adequate experimental set-ups for interfacial and material
characterization, applicable to PET-coated packaging steel.

• The implementation of suitable constitutive models for both the coating and
the substrate and the quantification of the associated parameters.

• The development of a computational tool that can predict coating delamination
in industrial forming processes.

The present thesis relies on an integrated numerical-experimental approach to
achieve these objectives.

The governing equations will be solved in a finite element framework, where the
solids (steel, polymer) are to be characterized with their governing constitutive
equations. Whereas the identification of the parameters therein already requires
special attention, considerable emphasis will be put on the modelling and character-
ization of the interface.
In literature, interfaces are often described by cohesive zone models, typically
embedded in a finite element context by cohesive zone elements. Since a cohesive
zone element has an initial zero thickness, a strain measure cannot be defined. A
cohesive zone element therefore describes the relation between an opening and a
corresponding traction (Nm−2). Opening of the cohesive zone element dissipates
energy, rendering it an adequate tool to describe delamination and fracture.
Since the identification of the ’interface material’ is not possible, the traction-opening
relationship needs to be retrieved indirectly from dedicated experiments. Among
the broad range of experimental techniques, the peel test is the most suitable to
characterize the interface for the considered integral polymer-metal system, which
necessarily also involves the materials surrounding the interface (see figure 1.4).
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The most versatile manner to characterize and identify the interfacial properties,
is to use an inverse approach where a mixed numerical-experimental parameter
identification is employed. This well established approach will be adopted here for
the interfacial characterization.

Figure 1.4: During a peel test the coating delaminates, described numerically by
cohesive zone elements, which are located between the polymer and the steel and
have an initial zero thickness.

1.3 Outline of the thesis

In chapter 2, a literature review of existing cohesive zone (interface) models is con-
ducted. In this chapter, an improved description of the frequently used exponential
cohesive zone law of Xu and Needleman is proposed. In chapter 3, it is shown that
classical cohesive zone models may give ambiguous results when large displace-
ments and deformations are present at the interface. Here particularly, a large mis-
match between the large deformations of the coating and the small deformations of
the substrate, are of interest. A new cohesive zone model with a large displacement
formulation is introduced and extended with a 3D formulation in chapter 4. In chap-
ter 5, the constitutive model for the polymer coating is introduced, for which the
material parameters are determined from a variety of experimental tests. Peel tests
are employed to investigate the delamination in polymer coated steel. A numerical
model is built to simulate the peel tests and with an inverse parameter identification
procedure the interface parameters are determined. In chapter 6 the influence of sub-
strate roughening on the adhesion of the polymer coating is investigated. In chapter
7, an industrial deep-drawing process is simulated in order to assess the occurrence
of delamination. Finally, overall conclusions are drawn and recommendations for
further research are given.







If I have seen further it is by standing on the
shoulders of giants

Isaac Newton

CHAPTER TWO

An improved description of the
exponential Xu and Needleman cohesive

zone law for mixed-mode decohesion1

Delamination between a coating and a substrate is often an undesired phenomenon,
for which predictive numerical schemes are required. The interface between the coat-
ing and the substrate is commonly described by cohesive zones, for which several
different cohesive zone laws have been proposed in literature. Among the widen-
ing class of developed cohesive zone laws this paper focuses on the most frequently
adopted law of Xu and Needleman. It is shown that this cohesive zone law needs
improvement in order to describe a mixed-mode decohesion process. This conclu-
sion is based on investigations of the influence of the coupling parameters and the
assessment of the work-of-separation under mixed-mode conditions. Remedies for
this problem with the Xu and Needleman law are not yet available in literature. An
alternative exponential cohesive zone law, derived from the law of Xu and Needle-
man, is presented, which correctly describes mixed-mode decohesion. Attention is
also given to the practical determination of all the parameters.

2.1 Introduction

Cohesive zone models have attracted a growing interest in the scientific community
to describe failure processes and delamination in particular. A typical relevant
industrial example are polymer coated metals, which have been increasingly
used to decrease production costs of coated products [29, 49]. The problem with

1Reproduced from: M.J. van den Bosch, P.J.G. Schreurs and M.G.D. Geers, Engineering Fracture Me-
chanics, 73, 1220-1234, 2006

7



8 2 AN IMPROVED EXPONENTIAL COHESIVE ZONE LAW

polymer coated metals is that a relatively soft polymer layer is subjected to the
same deformation processes as its underlying substrate. During these deformation
processes delamination of the polymer layer is often encountered, causing the loss
of protective and attractive properties, which is unacceptable [16].
Therefore, simulations are required to predict the occurrence of delamination in
engineering forming processes. Evidently, this requires an adequate description
of the interfacial failure process under relevant loading conditions. Cohesive zone
models, describing the interface between the coating layer and the substrate, are
adequate tools for this purpose [17]. Cohesive zones project all damage mechanisms
in and around a crack tip on the interface, leading to a constitutive relation, or
cohesive zone law, between the traction and opening displacement. In literature
there is a large variety of cohesive zone laws. Most of them can be categorized into
the following groups:

a) Polynomial cohesive zone laws [103]
b) Piece-wise linear cohesive zone laws [104]
c) Exponential cohesive zone laws [110]
d) Rigid-linear cohesive zone laws [26]

These four cohesive zone laws mentioned above are depicted schematically in
figure 2.1, where in the upper row the normal traction is given as a function of the
normal opening Tn(∆n) and on the lower row the tangential traction as a function
of the tangential opening Tt(∆t). The maximum normal traction and the maximum
tangential traction are indicated by Tn,max and Tt,max respectively. δn and δt are
characteristic opening lengths for normal and tangential direction respectively. The
areas below the curves represent the normal and tangential work-of-separation φn

and φt respectively. Cohesive zone laws can be uncoupled or coupled . The normal

Figure 2.1: Four classes of cohesive zone laws. The upper row shows the
uncoupled normal traction (Tn) as a function of the normal opening (∆n).
The lower row shows the uncoupled tangential traction (Tt) as a function of
the tangential opening (∆t).
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traction in an uncoupled cohesive zone law is independent of the tangential opening
displacement and the tangential traction is independent of the normal opening
displacement. In a coupled cohesive zone law, both tractions depend on both the
normal and tangential opening displacement.
Uncoupled cohesive zone laws are intended to be used when the debonding process
occurs under one mode - normal (mode-I) or tangential (mode-II) loading - or is
largely dominated by one mode. Examples of applications of uncoupled cohesive
zone laws are the modelling of crazing in polymers [96] and fracture of cementitious
composites [97]. Hanson et al. [51] used a piece-wise linear uncoupled cohesive zone
law to analyse the mode-I debonding of an adhesively bonded sandwich structure.
Li et al. [67,68] used initial rigid and piece-wise linear uncoupled cohesive zone laws
to predict the fracture of polymer-matrix composites under mode-I loading. The
fatigue damage modelling in solder interconnects is modelled with an uncoupled
cohesive zone law by Abdul et al. [5].
The majority of cohesive zone laws have a (partial) coupling between normal and
tangential directions. There are two commonly used ways to achieve this coupling:
1) by making use of an effective opening displacement and/or 2) by using coupling
parameters. In general, the effective opening displacement λ is defined as:

λ =

√(
∆n

δn

)2

+
(

∆t

δt

)2

(2.1)

This relationship is introduced in [103] together with the polynomial cohesive zone law .
It is followed by others: e.g. [37,102]. Foulk et al. [45] formulated a three-dimensional
version of this polynomial cohesive zone law with an effective opening displace-
ment. The tractions take the general form:

Tn = Tn,max
∆n

δn
f (λ) Tt = Tt,max

∆t

δt
f (λ) = α Tn,max

∆t

δt
f (λ) (2.2)

where α is a coupling parameter. The function f (λ) is such that when 0 < λ ≤ 1 the
tractions are non-zero and when λ > 1 the tractions remain zero. This cohesive zone
law has four independent parameters and it uses an effective opening displacement
and a coupling parameter.
The piece-wise linear cohesive zone law proposed in [104] also uses λ to couple the trac-
tions. The shape is trapezoidal, or bi-linear when there is no plateau region (e.g. [47]).
The relation between the maximum tractions is defined as: Tt,max = δn/δt Tn,max.
Thus, the normal and tangential work-of-separation have the same value. A contin-
uously differentiable description of this cohesive zone law is proposed by Scheider
and Brocks [88] and is used to simulate cup-cone fracture.
The rigid-linear cohesive zone law proposed by Camacho and Ortiz [26] uses the
following expressions for the tractions (∆n > 0 and ∆t > 0):

Tn = Tn,max

(
1− ∆n

δn

)
Tt = Tt,max

(
1− ∆n

δn

)
(2.3)
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The normal traction is not a function of the tangential opening displacement and the
tangential traction is controlled by the normal opening displacement. This implies
that the interface can only fail due to decohesion in normal direction. Murphy and
Ivankovic [77] used this type of cohesive zone law to predict the dynamic failure
evolution in PMMA.
The coupling in the exponential cohesive zone law of Xu and Needleman [110] is con-
trolled by two coupling parameters: q and r, where q = φt/φn. The parameter r
is discussed in the next section. The tractions are functions of both the normal and
tangential opening displacements: Tn = Tn(∆n, ∆t) and vice versa: Tt = Tt(∆n, ∆t):

Tn =
φn

δn
exp

(
−∆n

δn

) {
∆n

δn
exp

(
−∆2

t

δ2
t

)
+

1− q
r− 1

[
1− exp

(
−∆2

t

δ2
t

)] [
r− ∆n

δn

]}
(2.4)

Tt = 2
φn

δt

∆t

δt

{
q +

(
r− q
r− 1

)
∆n

δn

}
exp

(
−∆n

δn

)
exp

(
−∆2

t

δ2
t

)
(2.5)

The coupling parameter q is mostly set equal to unity [40,84,115], implying φn = φt.
This assumption is often made in the absence of experimental proof to do other-
wise. However, multiple experimental studies show that the normal and tangential
work-of-separation are not equal, e.g. [8, 14, 35, 81, 106, 114]. Sometimes it is sug-
gested to take q ≈ 0.43 so that the maximum tractions have the same value when
δn = δt [4, 52].
Since Xu and Needleman introduced their exponential cohesive zone law in 1993,
several authors have extended and altered it. Originally this cohesive zone law did
not have a coupling controlled by an effective opening displacement. Ortiz and Pan-
dolfi [80] developed an irreversible exponential cohesive zone law that uses an ef-
fective opening displacement. Later, this cohesive zone law was used by other re-
searchers, e.g. [9, 62]. Roychowhury et al. [87] extended the 3D irreversible exponen-
tial cohesive zone law with a large-displacement description. Jin et al. [56] developed
a cohesive zone law for functionally graded materials, based on the one of Ortiz and
Pandolfi [80]. Zhang and Paulino [117] used the cohesive zone law of Jin et al. [56].
They concluded that using the effective opening displacement is not a good approach
to describe mixed-mode loading. The coupling with λ results in an identical work-
of-separation for normal and tangential loading. Therefore, Zhang and Paulino [117]
extended the original exponential cohesive zone law of Xu and Needleman [110],
without effective opening displacement, for modelling of the failure in functional
graded materials.
The exponential cohesive zone law is one of the most popular cohesive zone laws.
It has some advantages compared to other cohesive zone laws. First of all, a phe-
nomenological description of contact is automatically achieved in normal compres-
sion. Secondly, the tractions and their derivatives are continuous, which is attractive
from an implementation and computational point of view.
In this paper the exponential cohesive zone law is used because of the advantages
mentioned above. Besides that, the delamination of a polymer coating (of interest
here for polymer coated metal sheets) is a mixed-mode decohesion process and thus
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a cohesive zone law with coupling is required. First the background of the expo-
nential cohesive zone law is presented. Then, it will be shown that the exponential
cohesive zone law of Xu and Needleman [110] only realistically describes the cou-
pling between normal and tangential direction in a specific case: φn = φt. This limits
the application of this cohesive zone law in mixed-mode loading. Therefore, an alter-
native exponential cohesive zone law is introduced. It preserves all essential features
of the original one, but has a better controllable coupling between the normal and
tangential tractions and allows for different values of φn and φt. The predictability
of the alternative exponential cohesive zone law is validated by comparing it with
experimental results obtained under mixed-mode loading conditions. Finally, it is
shown how the cohesive zone parameters can be determined from an experimental
perspective.

2.2 Exponential cohesive zone law

The exponential cohesive zone law originates from the universal relationship be-
tween binding energies and atomic separation of bimetallic interfaces [85, 86]. The
exponential form for the normal traction Tn as a function of the atomic separation in
normal direction (∆n) and the slip of an atomic plane relative to another atomic plane
(∆t) is derived by Beltz and Rice [13]:

Tn =
[

f1(∆t)∆n − f2(∆t)
]

exp
(
−∆n

δn

)
(2.6)

where δn is a characteristic length associated with the decohesion process. The re-
lation between the tangential traction Tt as a function of the slip of atomic planes
relative to each other (∆t) is based on the analytical relation between the shear stress
on a slip plane and the relative atomic displacement:

Tt = f3(∆n) sin
(

2π∆t

δt

)
(2.7)

where δt is the length of the Burgers vector and f1(∆t), f2(∆t) and f3(∆n) are func-
tions that are determined by taking into account boundary conditions. A typical
potential with periodic shear dependence is then obtained [13]. A periodic shear de-
pendence represents the energy required to locally shear atoms with respect to one
another. It does not, however, allow for complete shear failure. The often used law
of Xu and Needleman [110] is based on the potential Φ:

Φ(∆n, ∆t) = φn +φn exp
(
−∆n

δn

) [{
1− r +

∆n

δn

} (
1− q
r− 1

)

−
{

q +
(

r− q
r− 1

)
∆n

δn

}
exp

(
−∆2

t

δ2
t

)]
(2.8)
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in which δt and δn represent characteristic lengths related to the debonding process
studied and r is a coupling parameter, defined as:

r =
∆∗

n

δn
(2.9)

In here, ∆∗
n is the value of ∆n after complete shear separation with Tn = 0.

Differentiating equation (2.8) with respect to ∆n and ∆t yields the tractions in normal
and tangential directions:

Tn =
∂Φ

∂∆n
=

φn

δn
exp

(
−∆n

δn

) {
∆n

δn
exp

(
−∆2

t

δ2
t

)

+
1− q
r− 1

[
1− exp

(
−∆2

t

δ2
t

)] [
r− ∆n

δn

]}
(2.10)

and

Tt =
∂Φ

∂∆t
= 2

φn

δn

(
δn

δt

)
∆t

δt

{
q +

(
r− q
r− 1

)
∆n

δn

}
exp

(
−∆n

δn

)
exp

(
−∆2

t

δ2
t

)
(2.11)

where Tn and Tt are the normal and tangential tractions respectively.
The uncoupled versions, Tn = f (∆n, ∆t = 0) and Tt = f (∆t, ∆n = 0), of equa-
tions (2.10) and (2.11) are graphically shown in figures 2.2 and 2.3. The normal trac-

Figure 2.2: The uncoupled normal
response of the exponential cohesive
zone law given by equation (2.10)
with the maximum traction Tn,max at
∆n/δn = 1.

Figure 2.3: The uncoupled tangen-
tial response of the exponential cohe-
sive zone law given by equation (2.11)
with the maximum traction Tt,max at
∆t/δt = 1/

√
2

tion increases with increasing normal opening until a maximum (Tn,max) is reached.
After the maximum has been reached, the normal traction gradually decreases to
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zero. In normal compression, the normal traction becomes negative and decreases
very rapidly, representing contact. For tangential separation there is first an increase,
then a maximum (Tt,max) and finally a gradual decrease to a zero traction. Shearing
in the opposite direction will change the sign of the shear traction. The characteristic
lengths δn and δt are given by:

δn =
φn

Tn,max exp(1)
and δt =

φt

Tt,max

√
1
2 exp(1)

(2.12)

Adequate coupling between the normal and tangential directions is required in a co-
hesive zone law to describe the physically occurring interface behaviour realistically.
If complete loss of interfacial integrity is important (e.g. in the case of a moving
delamination front) and a cohesive zone completely fails in shear, its load-carrying
capacity in normal traction should completely vanish as well and vise versa. The
coupling in the exponential cohesive zone law is controlled by the parameters q
and r. The influence of those parameters on the behaviour of a cohesive zone is
highlighted in the following subsections.

2.2.1 Influence of the coupling parameters on the tractions

The joint influence of r and q is shown in figure 2.4. As can be seen, the maximum
shear traction T∗t can become negative, when r > q and ∆n > 0. This does not
appear to be physical. For r < q, unrealistic results are observed when there is a large
normal compression: T∗t reduces with increasing normal compression and eventually
can become smaller or equal to zero. Due to the exponential decrease of the normal
traction (figure 2.2) as a function of the displacement, this effect will be small in
most cases. It is concluded from figure 2.4 that only for r = q the required tangential
traction increases with increasing normal compression, yielding a phenomenological
description of friction [3]. Next, for r = q the influence of the value of r on the
required normal traction after a certain amount of shear separation is scrutinized.
The results are shown in figure 2.5. The maximum normal traction T∗n after complete
shear separation equals:

T∗n = (1− r) Tn,max (∆t → ∞) (2.13)

This yields unrealistic results for r 6= 1 since T∗n can never decrease to zero even
after complete shear separation. Only for r = q = 1 a realistic coupling behaviour is
obtained: the required normal traction reduces to zero at complete shear separation.
However, choosing q = 1 implies φt = φn. As already stated, in many papers φt is
indeed taken as being equal to φn, since there was a lack of experimental evidence
to do otherwise.
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Figure 2.4: The maximum tangen-
tial traction (T∗t = max{Tt(∆t, ∆n)})
normalized by the maximum tangen-
tial traction without normal separa-
tion (Tt,max = max{Tt(∆t, ∆n =0)}) as
a function of the normalized normal
separation for r = 0.2, r = 0.5 and
r = 0.8. In all cases q = 0.5.

Figure 2.5: The maximum normal
traction (T∗n = max{Tn(∆n, ∆t)}) nor-
malized by the maximum normal
traction without tangential separation
(Tn,max = max{Tn(∆n, ∆t =0)}) as a
function of the normalized tangential
separation.

2.2.2 Influence of the coupling parameters on the work-of-separation

A second way of studying the behaviour of a coupled cohesive zone law is to ana-
lyze the total work-of-separation (Wtot) under combined normal and shear loading.
First the cohesive zone is loaded in normal direction up to a maximum normal dis-
placement of ∆n,max. The cohesive zone is kept at that normal displacement and sub-
sequently broken completely in shear (∆t → ∞). This is shown schematically in
figure 2.6. In figure 2.7 the normal work-of-separation (Wn), the tangential work-

Figure 2.6: Loading sequence to study the influence of the coupling parameters on
the work-of-separation. (1) the interface is loaded to ∆n,max and then (2) it is broken
in shear ∆t → ∞
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of-separation (Wt) and the total work-of-separation (Wtot = Wn + Wt) are given as
function of ∆n,max and are calculated by numerical integration:

Wtot =
∆n,max∫

0

Tn(∆n)
∣∣
∆t=0 d∆n

︸ ︷︷ ︸
Wn

+
∞∫

0

Tt(∆t)
∣∣
∆n=∆n,max

d∆t

︸ ︷︷ ︸
Wt

(2.14)

As a second case the interface is first loaded in shear up to ∆t,max and then com-
pletely broken in normal direction (∆n → ∞). The work-of-separation is shown as a
function of ∆t,max in figure 2.8. In both cases r = q = 0.8 is taken.

Figure 2.7: Work-of-separation as a
function of ∆n,max when the cohesive
zone is first loaded in normal direc-
tion up to ∆n,max and then broken in
shear. q = 0.8, r = 0.8, φn = 100 Jm−2

and φt = 80 Jm−2.

Figure 2.8: Work-of-separation as a
function of ∆t,max when the cohesive
zone is first loaded in tangential direc-
tion up to ∆t,max and then broken in
tension. q = 0.8, r = 0.8, φn = 100
Jm−2 and φt = 80 Jm−2.

In the first case (figure 2.7), as expected, Wtot = Wt = φt when ∆n,max = 0. Since there
is no normal separation and the loading is entirely driven in shear, it naturally yields
the work-of-separation required for complete tangential separation. Identical to this,
when ∆n,max → ∞ there is complete normal separation and no energy is required to
break the cohesive zone in tangential direction and, thus, Wtot = Wn = φn. Compli-
cations arise for intermediate values of ∆n,max. In the general case, Wtot is expected
to increase monotonically from φt to φn, since there is no physical ground to expect
otherwise. Instead there is a minimum. In the second case, shown in figure 2.8, at
∆t,max = 0 (complete normal separation without shear), Wtot has the expected value
of φn. However, after complete shear separation (∆t,max → ∞) Wtot does not have the
expected value of φt. This mismatch is due to the effect shown in figure 2.5: even
after complete shear separation energy is still required to break the cohesive zone in
normal direction. Substituting ∆t → ∞ or ∆n → ∞ into equation (2.8) also yields
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figures 2.7 and 2.8. This validates the numerical integration method.
In the case of q = 1, Wtot will be a horizontal line identical to the one in figure 2.8,
and the separate work-of-separation (Wn or Wt) will increase to this value and the
other will decrease to zero. So, only in the case q = 1, the work-of-separation under
mixed-mode loading evolves as expected.

2.3 Alternative exponential cohesive zone law

From figures 2.7 and 2.8 the same conclusions can be drawn as from figures 2.4
and 2.5: the coupling only yields realistic results for q = 1 and φt should thus be
equal to φn. As mentioned in the introduction, experimental studies show that in
general φn 6= φt and hence a cohesive zone law should allow for independent values
of φn and φt. Therefore, an adjusted exponential law based on the exponential law
of Xu and Needleman [110] is proposed here. As a starting point, the potential given
in equation (2.8) is considered for q = 1:

Φ(∆n, ∆t) = φn

[
1−

(
1 +

∆n

δn

)
exp

(
−∆n

δn

)
exp

(
−∆2

t

δ2
t

)]
(2.15)

Differentiating equation (2.15) with respect to ∆n and ∆t gives the normal and tan-
gential tractions. This has already been done by several other authors, e.g. [84, 115].
A new independent parameter is next introduced: the tangential work-of-separation
φt, which is substituted for φn in the equation for the tangential traction (see equa-
tion 2.17 below). This substitution allows for a different work-of-separation in nor-
mal and tangential direction. This adjustment makes the coupling behaviour more
realistic as will be shown later and yields the following equations for the normal and
tangential tractions:

Tn =
φn

δn

(
∆n

δn

)
exp

(
−∆n

δn

)
exp

(
−∆2

t

δ2
t

)
(2.16)

and

Tt = 2
φt

δt

(
∆t

δt

) (
1 +

∆n

δn

)
exp

(
−∆2

t

δ2
t

)
exp

(
−∆n

δn

)
(2.17)

The alternative exponential cohesive zone law has four independent parameters and
is next assessed in the same way as was done before for the exponential cohesive
zone law of Xu and Needleman. The normal traction without tangential separation
and the tangential traction without normal separation have an identical shape as the
exponential cohesive zone law of Xu and Needleman, shown in figure 2.2 and 2.3.
In figure 2.9, the evolution of the maximum shear traction is shown as a function of
the normal separation. As can be seen in this figure, the maximum shear traction
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Figure 2.9: The normalized maximum
shear traction as a function of the nor-
malized normal separation of the al-
ternative exponential law.

Figure 2.10: The normalized maxi-
mum normal traction as a function of
the normalized tangential separation
of the alternative exponential law.

decreases to zero for increasing normal separations. Theoretically, as shown in fig-
ure 2.9, this can also happen in compression. However, these negative values of ∆n

cannot be reached in practice since the normal compressive traction increases very
fast in this regime. Furthermore, in case of delamination, hardly any normal com-
pression occurs. In figure 2.10, the maximum normal traction as a function of the
tangential separation is shown. The maximum normal traction decreases to zero for
increasing tangential separation.

Figure 2.11: Work-of-separation when
the cohesive zone is first loaded in
normal direction until ∆n,max and then
broken in shear. φn = 100 Jm−2 and
φt = 80 Jm−2.

Figure 2.12: Work-of-separation when
the cohesive zone is first loaded in
tangential direction until ∆t,max and
then broken in tension. φn = 100
Jm−2 and φt = 80 Jm−2.
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The work-of-separation is shown in figures 2.11 and 2.12. The behaviour is as ex-
pected in both figures: in the case where there is first normal separation until ∆n,max

and then complete tangential separation, Wtot increases monotonically from the value
φt to the value of φn. In the other case where there is first tangential separation until
∆t,max and then complete normal separation, Wtot smoothly decreases from the value
of φn to φt. This evolution of Wtot clearly seems physically more realistic than the one
obtained from the original exponential cohesive zone law of Xu and Needleman.
The influence of the loading angle α on the total work-of-separation Wtot is studied
next. To this purpose, a cohesive zone is loaded under a constant angle α until com-
plete separation occurs as shown in figure 2.13. The corresponding value of Wtot is
calculated with the following expression, based on equation (2.14):

Wtot =
∞∫

0

Tn(∆n, ∆t) d∆n +
∞∫

0

Tt(∆n, ∆t) d∆t (2.18)

The evolution of ∆t is incorporated in the normal traction in the first term and
the evolution of ∆n is incorporated in the tangential traction in the second term.
Equation (2.18) is numerically integrated. Wtot is shown in figure 2.14 as a function
of the loading angle α for different values of the ratio γ = Tt,max/Tn,max. It can be seen
that Wtot = φn when the cohesive zone is only loaded in normal direction (mode-I:
α = 0o) and Wtot = φt when it is only loaded in tangential direction (mode-II:
α = 90o). When γ À 1 and thus Tt,max À Tn,max, one would expect the cohesive zone
to favour failure in normal direction. Due to the prescribed opening displacement,
~∆, this is not possible. Since, in this case δt ¿ δn, the major part of the energy is
dissipated in tangential direction and thus Wtot starts to approach φt, even at low
values for α.

2.3.1 Potential function

The cohesive tractions of Xu and Needleman are derived from a potential function
(equation 2.8). Such a potential function does not exist for the modified cohesive
zone law, which is the logical consequence of the path-dependency introduced. This
becomes clear when it is subjected to different loading paths between two states
as shown in figure 2.15. If a potential function would exist, the dissipated energy
would be independent of the loading path.
Path 1 consists of two steps: in the first step the cohesive zone is completely broken
in shear and thus an energy φt is dissipated. Secondly, the cohesive zone is opened
in normal direction. This does not dissipate further energy because T∗n = 0 (see
figure 2.10). So, when path 1 is followed the total dissipated energy equals φt.
In the case that path 2 is followed, the cohesive zone is first opened in normal
direction such that ∆n À δn, thus dissipating an energy φn. Subsequent shearing
does not dissipate any energy because T∗t = 0. Thus, for path 2 the total dissipated
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Figure 2.13: Loading of a cohesive
zone under a constant angle α until
complete separation occurs.

Figure 2.14: Influence of γ on Wtot af-
ter complete separation under load-
ing angle α. φn = 1.0 and φt = 2.0
Jm−2.

energy equals φn. This emphasizes that the proposed cohesive zone model is
path-dependent and that no potential function exists.

Figure 2.15: Two arbitrary loading
paths.

Figure 2.16: An idealized rough inter-
face with debonding under two arbi-
trary loading paths.

Note that this intrinsic path-dependency is in fact physical, for which several
examples can be given. Consider two idealized entangled interface edges as shown
in figure 2.16. Debonding takes place under two loading paths: 1) first shearing
and subsequent lifting in normal direction and 2) first lifting in normal direction
whereafter the interface is sheared. Due to the interface geometry, path 1 will
dissipate more energy than path 2 and the proposed cohesive zone model is capable
of describing this behaviour. Finally, it should be remarked that cohesive zones
are intended to describe an irreversible damage process in an interface, for which
path-dependency is not remarkable nor exceptional.



20 2 AN IMPROVED EXPONENTIAL COHESIVE ZONE LAW

2.4 Characterization of the cohesive zone parameters

In the previous section, an alternative cohesive zone law was proposed. The inde-
pendent parameters of this cohesive zone law are: φn, φt, Tn,max (or δn) and Tt,max

(or δt). This alternative and in a sense simplified cohesive zone law has no other
parameters that control the coupling between the normal and tangential direction.
The behaviour of the law under mixed-mode conditions is incorporated through the
terms present in the expressions for the normal and tangential tractions. It is im-
perative to verify whether the proposed law is capable of describing mixed-mode
experiments. This verification is performed by comparing the behaviour of the co-
hesive zone under mixed-mode loading conditions with experimental results from
literature. Subsequently, it is shown how the cohesive zone parameters can be de-
termined from dedicated experiments. In this paper, attention is restricted to the
definition of such experiments whereas actual tests are subject of forthcoming work.
The commercial finite element code MSC.MARC is used for the simulations and the
cohesive zone is implemented as a user element.
An experimental study where Wtot under mixed-mode loading conditions was mea-
sured is reported by Benzeggagh and Kenane [14]. They measured the mixed-mode
delamination fracture toughness of unidirectional glass/epoxy composites, using a
mixed-mode bending apparatus [33].
In figure 2.17, their experimental results are reproduced. The alternative cohesive
zone law proposed here has been fitted to these results and is plotted in the same
figure. As can be seen in the figure, the proposed cohesive zone law can describe
the work-of-separation under mixed-mode loading conditions, with reasonable ac-
curacy.
From the results of several calculations, it can be concluded that the curve in fig-
ure 2.17 is insensitive to changes in γ. Therefore only φn and φt can be determined
from these experimental results. To determine the values of Tn,max and Tt,max other
experiments are required. The mode-I cohesive zone parameters (φn and Tn,max) can
be determined by the approach described by Sørensen and Jacobsen [89]. As men-
tioned before, the parameters should be determined from experimental data, which
are here reproduced numerically to illustrate the approach.
As described by Sørensen and Jacobsen [89], a model of a double cantilever beam
(DCB) is loaded with pure bending moments and the crack opening displacement
is measured. The value of the J-integral is calculated and differentiated to obtain a
traction-separation curve, leading to cohesive zone parameters. The schematics of
the DCB set-up are shown in figure 2.18. Two linear elastic beams are connected by
an adhesive layer with negligible thickness. The beams are loaded with two mo-
ments, M1 and M2, where a moment oriented clockwise is positive. These moments
cause a crack opening ~∆, which can be decomposed in a normal and a tangential
opening ∆n and ∆t respectively. In the case of polymer coated metals, the specimens
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Figure 2.17: Experimental measurements (dots) and the best fit (line) with φn = 460
and φt = 3060 Jm−2 .

can be made by melting polymer granulate between two metal strips.

Figure 2.18: DCB with bending moments M1 and M2.

According to Sørensen and Jacobsen [89], under mode-I loading conditions
(M1 = −M2), the value of the J-integral can be expressed by:

J(∆n) = 12(1− ν2)
M2

1(∆n)
B2H3E

(2.19)

where ν, E, B and H are the Poisson’s ratio, Young’s modulus, the width and height
of the beams respectively. The J(∆n)-curve can be numerically differentiated with
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respect to ∆n, yielding the mode-I traction-opening curve:

∂J
∂∆n

= Tn(∆n). (2.20)

In figure 2.19, a Tn(∆n)-curve is shown by dots. The used parameters are: φn = 1
Jm−2, φt = 2 Jm−2, Tn,max = 180 Nmm−2 and Tt,max = 120 Nmm−2. With these pa-
rameters and equation (2.16) an analytical Tn(∆n)-curve can be plotted as well. As
expected, the traction-opening curve found from simulation results perfectly fits the
curve predicted by the analytical cohesive zone law, confirming the applicability of
the experimental procedure following equations (2.19) and (2.20). In the case of real
experiments, the fit will be evidently less perfect but the above followed approach
proves that the method used by Sørensen and Jacobsen [89] is capable of obtaining
the cohesive zone parameters φn and Tn,max of the proposed cohesive zone law. If

Figure 2.19: Differentiation of the J-
integral with respect to ∆n yielding
Tn(∆n). The grey line represents the
response calculated by using equa-
tion (2.16).

Figure 2.20: Wtot as a function of the
loading angle α. The five curves are
model predictions for different γ. The
markers represent simulation results
with φn = 1, φt = 2 Jm−2, Tn,max =
180 and Tt,max = 120 Nmm−2.

the experiment proposed by Sørensen and Jacobsen [89] is performed under mode-II
loading conditions, the Tt(∆t)-curve will be obtained. This curve will yield the val-
ues of φt and Tt,max and thus all the cohesive zone parameters will be known. When
Wtot is found for mixed-mode loading conditions and mode-I (but not mode-II), it is
possible to determined φn, φt and γ and thus Tt,max.
Five simulations are carried out with different ratios of M1/M2 for two reasons:
firstly, to show how the cohesive zone parameters can be determined and secondly
to verify the predictability of equation (2.18) to compute Wtot for models with a large
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amount of cohesive zone elements. The results are shown by markers in figure 2.20.
A best fit of the cohesive zone law can be made to obtain the cohesive zone parame-
ters φn, φt and γ. The fit is made by using equation (2.18) and correctly reproduces
the cohesive zone parameters. So, an additional conclusion is that resolving the ex-
pression for Wtot(α) permits to extract the cohesive zone parameters from the exper-
imental results.
In literature other approaches can be found that are capable of experimentally de-
termining the cohesive zone parameters. A good example is the work of Yang et al.,
who determined the mode-I parameters by using a DCB specimen [113] and for the
mode-II parameters they used an end-notched flexure (ENF) specimen [114]. With
the mode-I and mode-II parameters known, a mixed-mode cohesive zone model was
formulated and the fracture of adhesive joints under mixed-mode loading conditions
was successfully simulated [57, 69, 112].

2.5 Conclusions

In the general interest of analyzing delamination processes in metal-polymer inter-
faces, the wide class of cohesive models has been briefly analyzed. Further attention
has been focused on the exponential cohesive zone law of Xu and Needleman, which
is widely used and which has been chosen to describe the constitutive behaviour of
a delaminating interface.
The exponential cohesive zone law of Xu and Needleman was investigated in mixed-
mode loading. Firstly, the influence of the two coupling parameters q and r was as-
sessed. It was concluded that only for q = 1 a physically realistic coupling behaviour
can be obtained. However, setting q = 1 implies setting the normal and tangential
work-of-separation equal to each other, which is unrealistic for most interfaces en-
countered in engineering practice. To overcome this intrinsic shortcoming, an alter-
native and partially simplified cohesive zone law has been proposed based on the
original exponential cohesive zone law of [110]. This alternative cohesive zone law
describes the mixed-mode decohesion process better and provides the possibility to
account for different values for φn and φt.
It has been shown that using the mode-I and mode-II experiments as described by
Sørensen and Jacobsen [89], all the cohesive zone parameters can be determined.
If a mode-I (or mode-II) experiment and several mixed-mode experiments are per-
formed, all the cohesive zone parameters can also be extracted. However, most of the
experimental data given in literature is restricted to determine φn and φt only. The
maximum tractions need to be determined from additional experiments. A more ex-
tensive study of those experiments, other than the ones proposed by Sørensen and
Jacobsen [89], is presently ongoing. Its application to the delamination of a poly-
mer coating on a metal substrate and the full experimental characterization of the
cohesive zone are thereby the main focus for future work.





The supreme goal of all theory is to make the
irreducible basic elements as simple and as few
as possible without having to surrender the ade-
quate representation of a single datum of experi-
ence.

Albert Einstein

CHAPTER THREE

A cohesive zone model with a large
displacement formulation accounting for

interfacial fibrillation1

Interfacial fibrillation is a typical mechanism that frequently occurs during delami-
nation of a polymer coating from a steel substrate. It involves large displacements
at the interface as well as large deformations in the bulk material. Classical small
displacement cohesive zone formulations fail to describe such large deforma-
tions correctly. Therefore, a generic cohesive zone model is introduced that is
suitable to describe both uniform and non-uniform fracture at an interface with
large deformations in the delaminating bulk and large displacements at the crack tip.

3.1 Introduction

Polymer coated metals are used nowadays for a large variety of products, e.g. in
aerosol, beverage and food cans, beer caps and luxury products. The polymer layer
is applied to the substrate before the forming of a product. This yields several ad-
vantages compared to uncoated metals. A polymer coating protects the metal from
corrosion, does not influence the taste of the beverage or food and results in a glossy
surface with good printability. Costs savings are possible because there are no emis-
sions of volatile organic compounds and lacquering is superfluous [29, 49].
The disadvantage is that the polymer coating is subjected to the same deformation
processes as the metal substrate, which often leads to delamination of the polymer

1Reproduced from: M.J. van den Bosch, P.J.G. Schreurs and M.G.D. Geers, European Journal of Me-
chanics A/Solids, 26, 1-19, 2007
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coating. This causes the loss of protective and attractive properties of the prod-
uct [16] and is therefore unacceptable. If delamination can be predicted, the pro-
cessing routes, parameters and tooling can be adjusted a priori to prevent it. To this
purpose, numerical tools need to be employed. These numerical tools need input
and verification from experiments to achieve accurate predictive capabilities.
Delamination experiments on polymer coated metal sheets highlight that the delam-
ination process induces large displacements and deformations both in the bulk ma-
terial and at the interface between steel and coating. The delamination takes place by
initiation, growth and fracture of fibrils at the interface, a process called fibrillation.
Fibrillation has been studied experimentally, for example Zosel [118] and O’Conner
and Willenbacher [79] investigated the effect of molecular weight and temperature
on the adhesive properties of soft polymers. Fibrillation during delamination can
be compared to some extent with the formation of fibrils in crazes, which was ana-
lyzed through micromechanical models by Tijssens et al. [96] and Estevez et al. [38].
Marissen [74] used Linear Elastic Fracture Mechanics to predict craze growth rates.
Simulations of the growth of a single fibre have been performed by Tijssens et al. [95]
and Basu et al. [11].
Allen and Searcy [7] proposed a micromechanically based model to predict dynamic
damage evolution in ductile polymers. They used a representative volume element
(RVE) consisting of a collection of fibrils and simulated the response at different load-
ing rates.
Instead of the micromechanical modelling of an interface with individual fibrils,
the delamination process can be described conveniently by a cohesive zone model,
which projects all damage mechanisms in and around a crack tip on the interface.
This leads to a single constitutive relation, or cohesive zone law, between the traction
and opening displacement of the interface describing the whole process of delamina-
tion. Cohesive zones are typically implemented in finite element codes as interface
elements.
In recent years, a large variety of cohesive zone models has been developed in the
literature (see a.o. [17, 21, 27] for an overview). Most cohesive zone models propose
a constitutive law to describe the relation between the normal opening displacement
and the normal traction and a separate relation for the coupling between the tangen-
tial opening displacement and the tangential traction. To obtain two separate open-
ings, the total opening displacement between two interface edges is decomposed
along a normal and a tangential direction using a local basis. This approach is accu-
rate when small displacements are present at the interface, e.g. in the case of brittle
failure. Therefore, these cohesive zone laws are adequate for small displacements.
However, as will be shown in this paper, in the presence of large displacements at
the interface, these models may give unexpected results.
To overcome these problems, a large displacement formulation should be used. In
literature, there are only a few large displacement formulations available for cohesive
zones. For example, Qiu et al. [82], developed an interface element with geometrical
non-linearity and simulated a two-dimensional Compression After Impact test with
large deformations. Another large displacement formulation was presented by Roy-
chowdhury et al. [87]. They developed a three-dimensional formulation and studied
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mode-I crack growth in aluminum panels. In both cases, a cohesive zone model was
used to predict crack growth in aluminum, which involved large displacements in
the bulk material, however, the displacements at the interface prior to failure were
relatively small.
In this paper, a cohesive zone formulation is proposed to handle large displacements
in the bulk materials around the interface, as well as large displacements at the in-
terface before total failure takes place. First, the delamination of a polymer coating
is studied experimentally to validate the existence of fibrils and elucidate the pres-
ence of large displacements at the interface. After that, the potential problems of a
small displacement formulation are addressed. Next, a large displacement cohesive
zone formulation is proposed to handle fibrillation with large displacements. Then,
the transition from the small displacement regime to the large displacement regime
upon fibrillation is handled, leading to a generic integrated cohesive zone model
that may be used for other applications as well. The numerical implementation is
elaborated and finally an application is shown.

3.2 Experimental observation of fibrillation

The substrate of the considered polymer-coated metal sheet is a continuous annealed
hot rolled electro-chemically coated deep-draw steel (ECCS) with a thickness of 240
µm. It is coated by direct extrusion, on both sides, with poly-ethylene terephtha-
late (PET) layers with a thickness of 30 µm. Specimens were prepared by cutting

Figure 3.1: a) The final specimen geometry (specimen is shown upside down). b)
Specimen under uniaxial loading.

40×10 mm2 rectangular samples out of a sheet of polymer coated steel. A groove of
120 µm deep was milled in the middle on the back of the specimen (see figure 3.1a).
After that, the edges of the specimen were ground with SiC-paper in several suc-
cessive steps to remove the stress induced areas due to cutting. Subsequently, the
specimen was stretched in a tensile stage causing the steel substrate to fracture at
the location of the groove. The polymer coating remained intact and started to de-
laminate. The delamination was continued until approximately 5 mm of coating was
delaminated (see figure 3.1b). After that, a gold layer was sputtered on the specimen
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for observation of the delamination front in an ESEM as shown in figure 3.2a.
In addition to the gold sputtering, a low acceleration voltage of 2 kV was used to
prevent the charging of the specimen due to the non-conductivity of the polymer
coating. The specimen was mounted in the ESEM in such a way that the delamina-
tion could be continued by moving the z-stage.

Figure 3.2: (a) Imaging of fibrils in an ESEM. (b) Schematics of initiation, growth
and debonding of fibrils. (c) A single fibril.

During in-situ delamination, it was found that the electron beam influenced the in-
terfacial failure process by increasing the temperature of the material in the observed
area. In-situ visualization of fibrillation was therefore impossible. Heating the poly-
mer coating caused the fibrils to break at their centers. At other locations than the
observed one, there was no heating of the coating and the fibrils debonded from the
steel substrate. This experimental limitation is in agreement with the observations
of O’Conner and Willenbacher [79], which is attributed to the viscoelastic nature of
the polymer coating. From the experiments, it can be concluded that fibrillation is
the main mechanism by which the coating delaminates from the substrate under the
imposed loading conditions. Furthermore, fibrillation naturally encompasses large
displacements and large deformations in the bulk material (i.e. the PET) and the
interface. Adequate numerical tools are required to handle both mechanisms accu-
rately.
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Figure 3.3: SEM micrograph of the delamination front and the presence of fibrils.

3.3 Small displacement formulation

Most cohesive zone models that have been proposed in literature are used to describe
the quasi-brittle fracture of an interface or a cohesive crack in a bulk material. The
models consist of a constitutive relation, or cohesive zone law, describing the relation
between the tractions and opening displacements. Since the focus of this article is
on two-dimensional cohesive zone models, the opening displacements and tractions
have only two components.
In this article, amongst others, the modified version of the exponential cohesive zone
model of Xu and Needleman [110], proposed by Van den Bosch et al. [21] is used:

Tt = 2
φt

δt

(
∆t

δt

) (
1 +

∆n

δn

)
exp

(
−∆2
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δ2
t

)
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−∆n
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)
(3.1)

and

Tn =
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(
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)
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(
−∆n
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)
exp

(
−∆2

t

δ2
t

)
(3.2)

where T is the traction, φ the work-of-separation, δ a characteristic cohesive length
and ∆ the opening displacement. The subscripts ( )t and ( )n refer to the tangential
and normal directions with respect to a local basis. The details of two other used
small displacement cohesive zone models are given in appendix 3.A.
The normal and tangential opening displacements are typically determined by
decomposing the total opening displacement with respect to a local orthonormal
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basis {~et,~en} defined with respect to a reference line in the cohesive zone. In most
cases (e.g. [32, 37]), this reference line is chosen to be the cohesive zone mid-line,
which is the line A-B in figure 3.4. Figure 3.4 shows a quadrilateral cohesive zone
element with four nodal points and two integration points. In the implementation

Figure 3.4: Schematical representation of the initial and deformed geometry of a pla-
nar cohesive zone element with large displacements and three possible orientations
of a local basis.

of Qiu et al. [82], the basis was defined on line 1-2. The choice of the local basis has a
pronounced influence on the decomposition of the opening displacements, resulting
in different normal and tangential openings for different local bases, as already
emphasized by Cornec et al. [32].
In the case of small opening displacements, these differences can be ignored. How-
ever, in the case of large opening displacements the differences are not negligible.
To verify this statement, an initially undeformed (=zero thickness) cohesive zone is
subjected to large opening displacements by monotonically opening the cohesive
zone as shown in figure 3.4. The normal opening ∆n, normalized by the initial
element length `0, for integration point 1 (ip 1) is shown as a function of the relative
time t/τ in figure 3.5 for three different local bases. From this figure it is clear that
the normal opening cannot be determined unambiguously due to the differences in
orientation of the local bases.
The tractions of equations (3.1) and (3.2) are coupled because they both depend on
∆t and ∆n. The orientation of the local basis influences the magnitude of both ∆t and
∆n, and thus also the coupling. Therefore, it influences the contribution of φt and φn

to the total dissipated energy.
As discussed later in this paper, the cohesive tractions are integrated over the
length of the cohesive zone element. Most implementations presented in literature
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Figure 3.5: The calculated normal opening displacement (normalized by the initial
cohesive zone length `0) of integration point 1 (ip 1 in figure 3.4) for three different
local bases as a function of the time t normalized by time τ at which the maximum
opening is achieved.

use the length of the reference line to integrate the tractions. In the case of small
displacements the difference in length between the edges can be ignored. However,
when large displacements are present, there is no unique length available and
the choice made for the reference line influences the magnitude of the integrated
tractions.
So, there are three effects that need to be taken into account when using a cohesive
zone model with a small displacement formulation when large displacements
are present at the interface. Due to the choice of a local basis, its orientation will
influence: 1) the magnitude of both ∆t and ∆n 2) the coupling between the tangential
and normal traction and thus the total dissipated energy and 3) the magnitude of the
integrated tractions due to a non-unique choice for the length of the cohesive zone
element.

3.4 Large displacement formulation

Under large displacements (such as shown in figure 3.4) it is no longer physical to
discriminate between normal and tangential openings. In the case of polymer coated
steels, such large displacements are bridged by fibrils, which act more or less like
non-linear springs and can only transfer a load along their axes. A large displace-
ment formulation is therefore proposed to resolve the ambiguity induced by the
choice of a local basis, whereby no distinction will be made between normal and
tangential loadings at large displacements. The latter is typically relevant for fibrils
bridging the interface.
The first step is the elimination of the local basis. Instead of defining two separate
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constitutive relations for the normal and tangential direction as commonly done in a
small displacement formulation, only one constitutive relation between the traction
~T and the opening displacement ~∆ is forwarded:

~T = ~f (~∆) (3.3)

Due to the geometric nonlinear solution procedure, discussed in section 3.7, the trac-
tions are nominal first Piola-Kirchhoff tractions. This implies that the cohesive zone
length is defined as its initial length and can therefore be determined unambigu-
ously. The opening displacement is calculated between two points, on both sides of
the interface, which coincided initially as sketched in figure 3.6. The vectors are no
longer decomposed with respect to a local basis but resolved globally. Therefore, the
addressed issues of the small displacement formulation are overcome, since there is
no need for a local basis.

Figure 3.6: An interface between two materials with an opening displacement ~∆
between two points that coincided initially.

3.4.1 Cohesive zone laws

Three cohesive zone laws, which are used to describe the traction-opening relation
of fibrillation, are selected. They are based on the equations of the normal tractions
of the three small displacement formulation cohesive zone laws where ∆t = 0, equa-
tions (3.2), (3.32) and (3.35). They relate the traction ~T = T~e to the opening displace-
ment ~∆ = ∆~e , where ~e is a unit vector along the line between the associated points
of the interface. The first law is based on a simplified exponential cohesive zone
law [9, 21, 92]:

T =
φ

δ

(
∆

δ

)
exp

(
−∆

δ

)
(3.4)
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where φ is the work-of-separation and δ is a characteristic opening length. The max-
imum traction Tmax is related to φ and δ by:

Tmax =
φ

δ exp(1)
(3.5)

This cohesive zone law was originally introduced to simulate crack growth in brittle
solids [110]. It will be used to describe the process of fibrillation. The application
of this cohesive zone law, for the description of a completely different deformation
mechanism than it was originally intended for, is supported by the work of Allen and
Searcy [7]. They performed RVE calculations on fibrils and found a similar traction-
displacement shape as the simplified exponential cohesive zone law given in equa-
tion (3.4). This cohesive law has only a single work-of-separation, which results in
a mode-independent energy dissipation. The cohesive zone models with a small
displacement formulation have two works-of-separation which are coupled (in 2D).
Therefore, the total energy they can dissipate is mode-dependent. Additionally, the
cohesive zone law of equation (3.4) can be derived from a potential function, which
makes the amount of dissipated energy path-independent. The cohesive zone laws
with the small displacement formulation cannot be derived from a potential function,
which makes them path-dependent. However, path-dependency is not remarkable
nor exceptional [21].
It is noted that in the case of interfacial fibrillation the presence of a traction vec-
tor parallel to the opening displacement vector and a single work-of-separation are
valid assumptions, however, for other failure mechanisms this might not always be
the case.
Upon unloading, the cohesive zone law shows an irreversible response. Two types
of irreversible behaviour are considered: linear elastic unloading to the origin, i.e.
elasticity-based damage (i) and unloading with the initial stiffness of the cohesive
zone, i.e. plastically damaged (ii). Both cases are shown in figure 3.7 for cohesive
zone law I.
Cohesive zone law II is based on the experimental observations of Zosel [118] and
O’Conner and Willenbacher [79]. They performed experimental work on the adhe-
sive properties of soft polymers under mode-I loading. Fibrillation was observed
and the traction-separation curves were measured. The traction-separation curves
showed a plateau region after the initial peak.
A complementary exponential curve is added on top of the exponential curve from
equation (3.4) to obtain cohesive zone law II with a plateau region:
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In which q, r and δe are the shape parameters for the plateau and φ∗ is determined
such that:

∫ δe

0
T(∆) d∆ = φ (3.7)
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Figure 3.7: Irreversible behaviour
upon unloading of the cohesive zone.

Figure 3.8: The traction-separation
curves of the three cohesive zone
laws.

The maximum traction Tmax and characteristic length δ are related according to equa-
tion (3.5).
Cohesive zone law III is a standard bi-linear one, as used by several authors in liter-
ature. For example, Espinosa et al. [37] used it to simulate the delamination of fiber
reinforced composites. It has been used for the modelling of failure in functionally
graded materials [117]. Maiti and Geubelle [72] used a bi-linear cohesive zone law to
simulate the fatigue failure of polymers, which includes the formation of fibrils in a
crazing zone in front of a crack tip. The traction-separation curve, T(∆), reads:

T =





Tmax
∆

α δ
if ∆ < αδ

Tmax
(

δ−∆
δ−αδ

)
if αδ ≤ ∆ ≤ δ

0 if ∆ > δ

(3.8)

where α is a shape parameter which determines when the maximum traction is
achieved. The characteristic length is given by: δ = 2φ/Tmax. The three traction-
separation curves are shown in figure 3.8, where the three laws have the same
work-of-separation φ and the same maximum traction Tmax.

3.5 Contact

A cohesive zone typically describes the interface between two bulk materials. To
prevent penetration of those two materials into each other in local compression, a
cohesive zone should naturally incorporate a contact condition. In this section the is-
sues of contact are discussed for both the small and large displacement formulations.
First, intrinsic problems in handling contact at the local level of a single cohesive zone
element are addressed in a small displacement context. Next, the implications for a
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large displacement formulation are presented.
In most small displacement formulations, the cohesive zone is in contact when the
normal opening displacement becomes negative and a resulting contact traction ap-
pears. However, the magnitude of the normal opening displacement depends on the
choice of the local basis, as was shown in figure 3.5. This approach does not trigger
particular problems as long as displacements remain small at the interface. To em-
phasize possible complications using this approach in the presence of large displace-
ments at the interface, a cohesive zone element is next subjected to very large defor-
mations as shown in figure 3.9 (as would occur in a large angle peel-off test). The

Figure 3.9: (a) A planar cohesive zone element subjected to large displacements
with the local basis orientated with respect to line A-B and (b) the resulting nor-
mal opening ∆n along line A-B.

normal openings in the integration points (∆n,ip1 and ∆n,ip2) are obtained through in-
terpolation between the normal opening displacements in the points A and B, which
are defined as:

∆n,A = un,4 − un,1 and ∆n,B = un,3 − un,2 (3.9)

where un,i is the current normal displacement of node i with respect to the local basis
{~et,~en}. Due to the large displacements and the orientation of the local basis (fig-
ure 3.9a) un,1 > un,4 and thus ∆n,A < 0. It is clear from figure 3.9b that in this case
∆n,ip1 < 0 and thus integration point 1 is identified as being in contact, which is not
the case considering the represented actual deformation. If the local basis is oriented
with respect to line 1-2, both the integration points have positive openings, and thus
in that case, no contact would be found. This is inconsistent, since in general the
choice of the local basis should not influence the contact state of a cohesive zone
element. Secondly, under large (tangential) displacements, the upper and lower in-
terface edge might completely separate. In that case, the initially bonded material
points (1 versus 4 and 2 versus 3) have no physical means of detecting contact with
each other. So, when large displacements are present, contact is no longer a local phe-
nomenon related to the reference state of a single cohesive zone element, but it be-
comes a global issue encompassing distinct cohesive zone elements. Consequently,
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contact can only be detected consistently by checking penetration of the nodes in
other (bulk material) elements. The most straightforward method to resolve this is
e.g. to apply standard FE contact algorithms, as implemented in most commercial
FEM codes.
Because of the intrinsically global character of the contact identification the same re-
mark holds for a large deformation formulation where contact is handled at the level
of a single cohesive zone. Therefore, classical contact algorithms should be preferred
in this case as well. Generally, these contact algorithms tend to be computational
expensive. If displacements remain small at the interface, a locally based cohesive
zone contact algorithm can be used after all. The opening displacement ~∆ of the seg-
ment PQ is decomposed in a normal and tangential component with respect to the
local basis {~et,~en} (used for contact only), orientated with respect to line A-B (see
figure 3.10):

Figure 3.10: A cohesive zone in contact. The displacements are magnified.

∆c,n = ~∆ ·~en (3.10)

The influence of the orientation of the local basis on ∆c,n, with small displacements, is
negligible. If ∆c,n < 0, there is contact and an extra compressive traction ~Tc = Tc~en is
added to ~T (the traction associated with the opening displacement ~∆). The penalizing
traction for contact is taken equal to:

Tc = −kc

(
∆c,n

δ

)2

(3.11)

in which kc can be tuned to optimize the numerical convergence in relation to a
realistic contact behaviour.

Summarizing, if there are small displacements at the interface, the cohesive zone
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itself can detect contact and a contact traction is added. However, when large dis-
placements are present, detection of contact may lead to inconsistencies, for which
classical contact algorithms can be used as a remedy. This yields a consistent contact
behaviour at the expense of computational recourses.

3.6 Generic integrated cohesive zone model

The proposed large displacement formulation has several advantages over the small
displacement formulation, in particular through its simplicity and its intrinsic rela-
tion to the behaviour of a fibril (or other crack bridging entities). However, at the
onset of deformation, there are no fibrils at the interface. The interface still acts as
an evolving continuously bonded surface with a (possible) different constitutive be-
haviour in normal and tangential directions. The large displacement formulation
does not capture this difference in the small displacement regime since it inherently
couples the normal and tangential direction through a single relation between the
traction vector and opening displacement vector.
To obtain a realistic behaviour in small and large displacement regimes, both formu-
lations can be easily combined. This yields a generic integrated cohesive zone model
of an interface or material with either small or large deformations, applicable to uni-
form and non-uniform fracture.
The two formulations are coupled in a straightforward manner through a weighted
sum of the corresponding tractions, using two weight factors, wS and wL for the small
and large displacement formulation respectively. The weight factors are defined with
respect to the total opening displacement ∆:

wS =

{
1
2 + 1

2 cos
(

π∆
βδ

)
if ∆

βδ
< 1

0 if ∆
βδ
≥ 1

wL = 1− wS

(3.12)

where the parameter β controls the relative opening displacement upon which the
transition from the SDF to the LDF is complete. An example with β = 1.5 is shown
in figure 3.11. The value of β depends on the cohesive zone parameters used for both
the SDF and LDF cohesive zone laws and is discussed in more detail in section 3.8.2.
Under an increasing opening displacement, the values of wS and wL decrease and in-
crease respectively, until wS = 0 and wL = 1, upon which bridging mechanisms are
present at the interface and the cohesive zone is no longer considered a continuously
bonded interface.
This integrated formulation is suitable for the simulation of fibrillation, but also,
for example, crack growth in composites. Initially large differences in normal and
tangential work-of-separation are present, whereas under larger deformations fibers
will bridge the crack.
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Figure 3.11: An example showing possible weight functions of equation (3.12) that
control the transition from the small displacement formulation to the large displace-
ment formulation.

3.7 Geometric nonlinear solution procedure

The cohesive zone is implemented in the commercial finite element code
MSC.MARC as a user element. For the particular case of interest here, the inter-
face and bulk materials show large displacements and therefore the implementation
in a large displacement framework is next presented. As will be emphasized, large
surface changes may occur in either side of the cohesive zone. The weak form of the
weighted residual integral of the equilibrium equation reads:

∫

V

(
~∇~w

)c
: σ dV =

∫

V

~w ·~q dV +
∫

A

~w ·~t dA ∀ ~w(~x) (3.13)

where ~∇ is the gradient operator and ~w is an arbitrary continuous weighting func-
tion. The boundary tractions at the external boundary A are given by ~t = σ ·~n,
whereas the body forces ~q apply to the volume V. The two integrals with the ex-
ternal load vectors are abbreviated as the external force integral fe. The remaining
integral is the internal force integral fi. The weighted residual integral equation is
then compactly written as:

fi(~w,σ) = fe(~w,~t,~q) ∀ ~w (3.14)

Considering the weighting function as a kinematically admissible virtual displace-
ment, the internal load integral expresses the virtual work of the internal stresses.
A planar cohesive zone element with a constant thickness d (in ~ez direction, see fig-
ure 3.12) is considered. The length ` of the element is the length of the mid-line A-B.
Along this line, a local coordinate η is introduced, which spans the range [-1 1]. In
the deformed state a traction ~T connects associated (= with the same η-coordinate)
points P and Q on edge 1-2 and edge 4-3 respectively. Focussing attention to the co-
hesive zone element, traction equilibrium at the interface is expressed in terms of the
(Cauchy) traction ~σ : σ1 A1 = −σ2 A2, with A1 = d · `12 and A2 = d · `43. Integration



3.7 GEOMETRIC NONLINEAR SOLUTION PROCEDURE 39

Figure 3.12: Cohesive zone element with the local coordinate η and length `.

over the cohesive zone element in the current configuration yields:

fi =
∫

A1

∆~w ·~σ1 dA1 +
∫

A2

∆~w ·~σ2 dA2 (3.15)

where ∆~w contains the difference of ~w between the two edges 4-3 and 1-2. Especially
during delamination of a polymer coating from a steel substrate, there may be a large
difference between `12 and `43 (e.g. see figure 3.12). Therefore, a pull-back to the
initial undeformed state is performed, where the integration is performed over the
initial length. In the initial state the lengths `12 and `34 are equal to `0. Accordingly,
equation (3.15) becomes:

fi = d0

∫

`0

∆~w · ~T d`0 (3.16)

where ~T is the first Piola-Kirchhoff traction vector. The weighting function and the
traction are decomposed with respect to the global orthonormal basis {~ex,~ey} and
interpolated between their values in the points A and B. The integration is expressed
in the local coordinate η and the internal load integral becomes:

fi = w~
T d0`0

2

1∫

−1

PT NT(η)T~(η) dη = w~
T f
~i

(T~) (3.17)

where N is the matrix with the interpolation functions and P an operator matrix,
which transforms the nodal quantities to points A and B. f

~i
(T~) is the column with

internal nodal forces for the cohesive zone element.
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3.7.1 Iterative procedure

The internal force integral must equal the external force integral for any admissible
weighting function:

w~
T f
~i

(T~) = w~
T f
~e

∀ w~ (3.18)

The internal load column f
~i

is a nonlinear function of the tractions T~. The unknown
opening of the cohesive zone must be solved from nonlinear (global) equations us-
ing a standard Newton-Raphson iterative procedure, i.e. each unknown quantity is
written as its approximate incremental value ( )∗ and an iterative correction δ( ):

T~ = T~
∗ + δT~ (3.19)

which is substituted in the internal load column, resulting in:

w~
T f
~i

= w~
T f
~
∗
i
+ w~

Tδ f
~i

(3.20)

with

f
~
∗
i
=

d0`0

2

1∫

−1

PT NT(η)T~
∗(η) dη (3.21)

and

δ f
~i

=
d0`0

2

1∫

−1

PT NT(η) δT~(η) dη (3.22)

The iterative changes of the traction can be expressed in the iterative nodal displace-
ments δu~ of the cohesive zone element and are calculated in appendices 3.B:

δT~ = M N P δu~ (3.23)

The iterative internal load column can now be written as:

δ f
~i

=


d0`0

2

1∫

−1

PT NT M N P dη


 δu~ = K∗ δu~ (3.24)

where K∗ is the stiffness matrix of the cohesive zone element. Finally, the iterative
element equation reads:

w~
T K∗ δu~ = w~

T f
~e
− w~

T f
~
∗
i
∀ w~ → K∗ δu~ = f

~e
− f

~
∗
i

(3.25)

The element stiffness matrix and the internal load column are evaluated by nu-
merical integration, using two Gauss points on the line A-B with local coordinates
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η = {η1, η2} = {−1/
√

3, 1/
√

3}:

f
~
∗
i
=

d0`0

2 ∑
ip=1,2

[
PT NT(η) T~

∗(η)
]ip

(3.26)

K∗ =
d0`0

2 ∑
ip=1,2

[
PT NT(η) M(η) N(η) P

]ip
(3.27)

3.8 Numerical application

In section 3.4 three cohesive zone laws, used to describe fibrillation, have been in-
troduced. In this section these cohesive zone laws are compared to each other. The
purpose is to determine which cohesive zone law is the most suitable to describe fib-
rillation. Additionally, the response of a cohesive zone formulated in the integrated
large displacement setting is shown.

3.8.1 Cohesive zone law for fibrillation

The influence of the choice for a particular cohesive zone law is assessed by compar-
ing the simulated macroscopic responses of a laminate structure with an interface.
The laminate structure is loaded to induce a local moving delamination front (re-
ferred to as non-uniform delamination) or a sudden, i.e. global, complete debonding
(referred to as uniform delamination). The orientation of the load and the boundary
conditions are varied to obtain a mode-I or a mixed-mode delamination, as shown in
figure 3.13.
The laminate structure consists of two linear elastic plates of 1× 1 mm2 with a thick-
ness of 0.1 mm. The Young’s modulus is 2 GPa and the Poisson’s ratio is 0.3. The
macroscopic response is calculated for cohesive zone models with a small or a large
displacement description, respectively. The cohesive zone parameters are given in
table 3.1. For the three cohesive zones with the small displacement formulation,
the work-of-separation and the maximum traction in normal direction are the same.
Likewise, the work-of-separation and the maximum traction in tangential direction
are identical for the three models as well. Cohesive zone law II uses fine-tuned values
of φt, φn and Tt,max and Tn,max to obtain identical work-of-separation and maximum
tractions as the other two cohesive zone laws. Finally, the work-of-separation and
the maximum traction are also the same for the three cohesive zone laws used for the
large displacement formulation.
A displacement u is prescribed on the laminate structure at point A (see figure 3.13)
to obtain the desired interface failure. For uniform delamination the maximum dis-
placement umax equals 0.15 mm and for non-uniform delamination umax = 0.5 mm.
The simulations are performed in 2D plane-strain and the maximum displacement is
reached in a sequence of load increments.



42 3 A COHESIVE ZONE MODEL WITH A LARGE DISPLACEMENT FORMULATION

Figure 3.13: The four loading conditions of the laminate structure with an interface.

The simulation results are quantified by the dissipated energy Wd and an average
correlation index χm. The dissipated energy is expressed per unit area since the dif-
ferent cohesive zone laws lead to different delaminated areas. Wd is calculated by
numerically integrating the traction-separation curve(s) in a representable integra-
tion point, depicted in figure 3.13.
The correlation index χa,b quantifies the differences between two macroscopic force-

Table 3.1: The cohesive zone parameters for the three cohesive zone laws with
the small displacement formulation (SDF) and the large displacement formulation
(LDF).

φt φn Tt,max Tn,max φ Tmax q r δt,e δn,e δe α

Jm−2 Jm−2 MPa MPa Jm−2 MPa - - m m m -
law I 500 300 30 10

SDF law II 500 300 30 10 0.5 0.3 4δt 9δn

law III 500 300 30 10 0.1
law I 300 10

LDF law II 300 10 0.5 0.3 9δ
law III 300 10 0.1
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displacement curves a and b and is defined as:

χa,b = 1− 1
n

n

∑
i=1

√(
Fa

i − Fb
i

max(Fa
max, Fb

max)

)2

(3.28)

where n is the amount of increments in the analysis and Fa
i and Fb

i are the reac-
tion forces at increment i. If the two curves are identical χa,b = 1. Three force-
displacement curves are calculated (one for each cohesive zone law) in every loading
case and for both the small and the large displacement formulation. In each case, this
leads to three correlation indexes: χI,I I , χI I,I I I and χI,I I I , where the subscripts refer to
the cohesive zone laws used to calculate the force-displacement curves. The average
correlation index χm is the average of those three values. Both Wd and χm are given
in table 3.2.

Figure 3.14: Responses of a laminate
structure with mode-I uniform delam-
ination. The LDF curves are on top of
the SDF curves.

Figure 3.15: Responses of a laminate
structure with mixed-mode uniform
delamination.

In the case of uniform delamination in mode-I the dissipated energy per unit of area
equals the adopted φn and φ for the SDF and LDF respectively, for all three cohe-
sive zone laws. However, due to the uniform delamination the shape of the cohesive
zone law has a clear influence on the macroscopic response, see figure 3.14, and con-
sequently χm < 1. This can easily be explained by the fact that during loading all
the cohesive zone elements are loaded simultaneously. Chandra et al. [27] simulated
silicon carbide fiber push-out from a titanium matrix with two different (small dis-
placement formulation) cohesive zone laws. It was observed that the macroscopic
response follows the shape of the used traction-separation curve. Their debonding
process is uniform in nature and thus their observations are in agreement with the
results shown in table 3.2.
Uniform delamination in mixed-mode with the small displacement formulation has been
assessed by Espinosa et al. [37]. They observed different responses under mixed-
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Table 3.2: The dissipated energy Wd (×10−6 J) and the average correlation index χm

for the four loading cases depicted in figure 3.13 for the three cohesive zone laws
with the small displacement formulation (SDF) or the large displacement formula-
tion (LDF).

Uniform Non-uniform
Mode-I Mixed-mode Mode-I Mixed-mode

(figure 3.14) (figure 3.15) (figure 3.16) (figure 3.17)
Wd χm Wd χm Wd χm Wd χm

law I 300 438 300 342
SDF law II 300 0.925 300 0.929 300 0.995 251 0.888

law III 300 518 300 418
law I 300 300 300 300

LDF law II 300 0.925 300 0.925 300 0.995 300 0.990
law III 300 300 300 300

mode loading due to different cohesive zone laws. In the case of mixed-mode load-
ing (with the small displacement formulation), there is always an influence of the
cohesive zone law [32]. The influence is due to the fact that it is impossible to create
two cohesive zone laws with different shapes but with the same coupling between
the normal and tangential direction. Figure 3.15 and the results in table 3.2 substan-
tiate their conclusions: not only are the force-displacement curves different (for the
same reason as given for uniform delamination in mode-I) but also the amount of
dissipated energy differs due to the distinct coupling between the normal and tan-
gential direction. For the large displacement formulation the amount of dissipated
energy per unit area is equal to φ, since coupling is not an issue for this case. How-
ever, in the mixed-mode and uniform loading case the force-displacement curves are
influenced by the shape of the cohesive zone law and thus χm < 1.
In the case of non-uniform delamination in mode-I both formulations and all cohesive
zone laws yield the same values for Wd and χm (see table 3.2). There is no influ-
ence of the small or large displacement formulation since the orientation of the local
basis (line A-B) does not change. A significant difference in macroscopic response
for different cohesive zone laws is not observed (see figure 3.16), which is consis-
tent with the analysis made by Yang et al. [113, 114], who simulated the mode-I and
mode-II delamination in adhesive joints. There is, however, a small difference in
macroscopic response during mode-I delamination: the shape of the cohesive zone
law is reflected initially in the force-displacement curve; once the delamination front
is fully developed, this influence vanishes. This phenomenon has also been observed
by Alfano [6], who simulated similar debonding processes with four different cohe-
sive zone laws.
The responses in mixed-mode non-uniform delamination of the laminate structure are
shown in figure 3.17. It this figure it can already be seen that the simulations, which
have cohesive zones with the small displacement formulation, yield different val-
ues for Wd (which is related to the area under the curve) and different values for
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χm. The responses of the laminate structures, with cohesive zones that use the large
displacement formulation, are nearly identical. Delamination of a polymer coating
by fibrillation can typically be characterized by mixed-mode non-uniform fracture of
the interface. From table 3.2 it is clear that only a cohesive zone model with a large
displacement formulation describes this process in a consistent way. Furthermore,
the shape of the cohesive zone law is not significant since its has a negligible influ-
ence on the macroscopic response.

Figure 3.16: Responses of a laminate
structure with mode-I non-uniform
delamination. All the curves are on
top of each other.

Figure 3.17: Responses of a lami-
nate structure with mixed-mode non-
uniform delamination.

3.8.2 Small, large and integrated formulations

To illustrate the application of the integrated formulation, a single cohesive zone el-
ement is deformed and the response is next scrutinized. The load case considered is
identical to the one shown in figure 3.4 and resembles the mixed-mode opening of a
single cohesive zone element.
Since the example in this section merely has an illustrative purpose, the quantitative
values of the cohesive zone parameters and the measured response are not of great
relevance. The ratio between the cohesive zone parameters, however, influences the
responses. Without experimental evidence proving otherwise, the cohesive zone pa-
rameters are given meaningful values, such that the use of an integrated formulation
becomes evident.
The integrated formulation is based on the assumption that the initial stiffness at
the interface is different in normal and tangential direction. Therefore, the normal
and tangential work-of-separation are given a different value: φn = 100 Jm−2 and
φt = 200 Jm−2 respectively. An interface with plastically deforming fibrils is likely
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to dissipate more energy than debonding without fibrils. Therefore, the work-of-
separation for the large displacement formulation is taken higher than both φn and
φt: φ = 600 Jm−2. Smaller characteristic lengths for the SDF than for the LDF are
assumed: δn = δt = 1 µm and δ = 2.5 µm, which leads to: Tn,max = 37 MPa,
Tt,max = 172 MPa and Tmax = 88 MPa. The cohesive zone has a length of 10 µm and
an in-plane depth of 1 mm.
The transition between the SDF and the LDF (i.e. from continuous debonding to
fibrillation) is realized with the weighting functions given by equation (3.12). The
value of the transition parameter β depends on the chosen cohesive zone parame-
ters. β should be small enough such that the transition to the LDF takes place before
the SDF responses start to diverge too much. On the other hand, β should be high
enough to ensure a proper interface description in the initial stage of delamination.
In the case presented here β = 0.5.
The force-displacement response at node 3 is recorded (see figure 3.4). The small dis-
placement formulation yields three different responses due to the choice of the local
basis. The large displacement formulation and the integrated displacement formu-
lation both yield a unique response curve. It can be seen in figure 3.19 that the re-
sponse of the integrated displacement formulation is initially following the responses
of the small displacement formulation. Before the geometrical divergence of the SDF
curves becomes too large, the IDF starts to follow the LDF response. It can be con-

Figure 3.18: Force-displacement curve
of node 3 (see figure 3.4) for the small
(SDF), large (LDF) and integrated dis-
placement formulations (IDF).

Figure 3.19: Magnification of the
small opening displacement regime of
figure 3.18.

cluded that the integrated displacement formulation consistently describes the evo-
lution from a continuously bonded surface, with a different constitutive behaviour
in normal and tangential direction, to an interface bridged by discrete fibrils. How-
ever, compared to the large displacement formulation, the integrated displacement
formulation augments the amount of cohesive zone parameters from two to six (for
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cohesive zone law I), which makes the experimental determination of those parame-
ters more cumbersome.

3.9 Conclusion

In this paper the delamination process of a polymer coating has been observed exper-
imentally. These experiments showed that this process involves large displacements
and deformations at the interface and in the bulk materials. Cohesive zones are an
adequate tool to describe this delamination process.
Most cohesive zone models have a small displacement formulation, i.e. they have
separate constitutive laws for normal and tangential directions. These two directions
are defined with respect to a local coordinate basis. This approach is accurate when
small displacements and deformations are present at the interface. However, when
large displacements are present, a small displacement formulation yields inconsis-
tent results. A large displacement formulation has been proposed that resolves the
ambiguity by rendering the use of a local basis superfluous. A particular case, rep-
resentative for a fibrillation process, has been proposed, which uses a single relation
between the opening displacement and the traction. A continuously bonded inter-
face may have a different stiffness in normal and tangential loading and therefore a
generic integrated formulation has been developed by combining both the small and
the large displacement formulations.
The handling of contact in cohesive zones has been briefly discussed. At the local
cohesive zone element level, it is not possible to detect contact correctly when large
displacements are present at the interface. The most straightforward method to re-
solve contact issues remains the use of classical contact algorithms.
The large displacement cohesive zone has been implemented in a geometrically non-
linear framework.
Simulations have been carried out to investigate the influence of cohesive zone laws
with different traction-separation curves on the macroscopic response of a laminate
structure. Both non-uniform and uniform delamination were enforced in this struc-
ture by loading it with different boundary conditions. The macroscopic response is
quantified by Wd and χm, representing the dissipated energy and the variation of the
force-displacement curves with respect to each other. It can be concluded that only
under pure mode-I (or mode-II) loading, there is no difference between the responses
obtained by using cohesive zones with the small or large displacement formulation.
Significant differences occur at mixed-mode loading of the interface. The results ob-
tained from models with cohesive zones that rely on a small displacement formula-
tion show that the cohesive zone law has a pronounced influence on the macroscopic
response. This is mainly due to the use of a local coordinate basis and the distinct
coupling mechanisms between the normal and tangential cohesive responses.
It is shown that the large displacement formulation does not suffer from cohe-
sive zone law dependent responses during mixed-mode non-uniform delamination.
Therefore, it is proposed to use the large displacement formulation for delamination
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simulations of polymer coated steel due to interfacial fibrillation, where large dis-
placements and deformations are present and the materials delaminate in a mixed-
mode and non-uniform manner.
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3.A Appendix: The small displacement formulation cohesive
zone laws

In this section the small displacement formulation of the three cohesive zone laws,
introduced in section 3.4, are given. The tangential and normal traction of the expo-
nential cohesive zone law I are:

Tt = 2
φt

δt

(
∆t

δt

) (
1 +

∆n

δn

)
exp

(
−∆2

t

δ2
t

)
exp

(
−∆n

δn

)
(3.29)

and

Tn =
φn

δn

(
∆n

δn

)
exp

(
−∆n

δn

)
exp

(
−∆2

t

δ2
t

)
(3.30)

where the subscripts ( )t and ( )n refer to the tangential and normal directions with
respect to a local basis. The tractions of cohesive zone law II are given by:

Tt = 2
φ∗

t

δt
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∆t
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) (
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∆n
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)
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(
−∆2
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)
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(
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)
(3.31)

+
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(3.32)

for ∆n ≤ δn,e, otherwise Tn = 0. The parameters: q, r, δt,e and δn,e control the shape of
the plateau. φ∗

t and φ∗
n are determined such that:

∫ δt,e

0
Tt(∆t) d∆t = φt and

∫ δn,e

0
Tn(∆n) d∆n = φn (3.33)

The tractions of the bi-linear cohesive zone law III are given by:

Tt =





0 if ∆t < −δt

−Tt,max

(
δt−|∆t|
δt−αtδt

)
fn if − δt ≤ ∆t < −αtδt

Tt,max
∆t

αtδt
fn if −αtδt ≤ ∆t ≤ αtδt

Tt,max

(
δt−∆t

δt−αtδt

)
fn if αtδt < ∆t ≤ δt

0 if ∆t > δt

(3.34)
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and

Tn =





Tn,max
∆n

αnδn
ft if ∆n < αnδn

Tn,max

(
δn−∆n

δn−αnδn

)
ft if αnδn ≤ ∆n ≤ δn

0 if ∆n > δn

(3.35)

in which αt and αn are shape parameters and ft and fn are coupling variables:

ft = max
(

0
1− |∆t|

δn

)
and fn = max

(
0

1− ∆n
δt

)
(3.36)

3.B Appendix: The tangent operator

The relation between the iterative traction and the iterative opening represents the
stiffness of the cohesive zone.

δT~ = M δ∆~ (3.37)

where M is the tangent operator. It is determined by adding the contributions of
the tangent operators for the small displacement formulation, large displacement
formulation and the contact operator. For the small displacement formulation, the
tangent operator equals:

MS =
(

∂Tt

∂∆t

)∗ [
c2

2 c2s2

c2s2 s2
2

]
+

(
∂Tn

∂∆n

)∗ [
s2

2 −c2s2

−c2s2 c2
2

]
(3.38)

where ci and si represent cos(θi) and sin(θi) respectively (see figure 3.10). The tan-
gent operator for the large displacement formulation follows from the analysis of a
2D truss element under large displacements and rotations:

ML =
(

∂T
∂∆

)∗ [
c2

1 c1s1

c1s1 s2
1

]
+

T∗

∆∗

[
s2

1 −c1s1

−c1s1 c2
1

]
(3.39)

which equals for cohesive zone law I:

ML =
1

∆(δc − ∆)

[
δc∆− ∆2

x −∆y∆x

−∆y∆x δc∆− ∆2
y

] (
∂T
∂∆

)∗
(3.40)

In which δc refers to the characteristic length of the cohesive zone. The tangent oper-
ator for the iterative change of the contact traction T~

T
c = [Tcs2 − Tcc2] is:

Mc =
[

s2
2 −c2 s2

−c2 s2 c2
2

] (
∂Tc

∂∆c,n

)∗
(3.41)
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The total tangent operator becomes:

M = wS MS + wL ML + Mc (3.42)

The iterative opening is interpolated analogously to the interpolation of the weight-
ing function and expressed in the iterative nodal displacements in the global direc-
tions.

δ∆~ = N P δu~ (3.43)

The iterative tractions are now expressed in the iterative nodal displacements:

δT~ = M N P δu~ (3.44)

with δu~:

δu~ =
[

δu1
x δu1

y δu2
x δu2

y δu3
x δu3

y δu4
x δu4

y
]T

(3.45)





The usual approach of science of constructing a
mathematical model cannot answer the question
of why there should be a universe for the model
to describe.

Stephen Hawking

CHAPTER FOUR

On the development of a 3D cohesive
zone element in the presence of large

deformations1

Delamination is typically modelled using cohesive zone models. In this paper, it
is shown that the validity of most models is limited to small displacements and/or
deformations at the interface and the surrounding bulk materials. A large displace-
ment formulation is proposed that overcomes issues of the classical formulation with
large displacements and deformations at the interface. Subsequently, a 3D cohesive
zone element with this LDF is introduced and its numerical implementation is elab-
orated. Then, a 3D FEM model is proposed and the determination of several model
parameters are substantiated. Finally, the implementation is validated by comparing
numerical results with experimental observations.

4.1 Introduction

Polymer coated metals are used nowadays for an extending variety of products, e.g.
beverage cans and aerosols. A polymer coating is applied to the metallic substrate
prior to forming a product. Polymer coated metals have several advantages over un-
coated metals. The polymer coating protects the substrate from corrosion, without
influencing the taste of the beverage or food. Moreover, costs savings are possible
because there are no emissions of volatile organic compounds and lacquering is su-
perfluous [29, 49].
The polymer coating may delaminate because it is subjected to the same deformation

1Reproduced from: M.J. van den Bosch, P.J.G. Schreurs and M.G.D. Geers, Computational Mechanics,
Accepted.
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as the metal substrate. This causes the loss of protective and attractive properties of
the product [16] and is therefore unacceptable. Adequate material description and
process simulations are required to predict delamination, which allows the adjust-
ment of process parameters to prevent it.
In-situ observation of the delamination process of polymer coated steel reveals the
presence of large deformations and displacements in both the interface and the bulk
materials. The delamination occurs by the initiation, growth and fracture of fibrils at
the interface, a process called fibrillation.
In the numerical tool, the delamination process is described by cohesive zone mod-
els, which represent a relation between the traction and the relative displacement of
associated points of crack surfaces. Cohesive zones are typically implemented in fi-
nite element codes as interface elements.
Most (2D) cohesive zone models provide a constitutive relation between the normal
opening displacement and the normal traction and a separate relation between the
tangential opening displacement and the tangential traction (see a.o. [17,21,27] for an
overview). The tractions are sometimes coupled by making them a function of both
the normal and tangential opening displacement [103, 110]. The normal and tangen-
tial direction are defined with respect to a local coordinate basis that is placed inside
the cohesive zone element. This approach is accurate when there are small displace-
ments present at the interface, e.g. when the cohesive zones are used to simulate
the indentation-induced delamination of a brittle film [3]. Therefore these models
are next referred to as cohesive zone models with a small displacement formulation
(SDF). However, in the presence of large displacements at the interface, these mod-
els, as shown later, may give unexpected results. To overcome the problems of the
SDF, a large displacement formulation (LDF) for fibrillation is proposed.
Large displacement cohesive zone models have already been developed [82, 87].
However, these cohesive zone models were used to predict crack growth with large
displacements in the bulk material but the displacements at the interface prior to fail-
ure were relatively small and should therefore be considered as SDF models.
In this paper first some experimental results on the delamination of the polymer coat-
ing are shown, illustrating the formation of fibrils. Secondly, the SDF and its prob-
lems to describe large displacements unambiguously are discussed. Subsequently,
the LDF is introduced and it is shown how it handles large displacements correctly.
Then, the formulation of a 3D cohesive zone element with a LDF is elaborated. Fi-
nally, the constitutive model for the coating is introduced, on the basis of which a 3D
peel test model is built and compared with experiments.

4.2 Experimental observation of fibrillation

The substrate is a batch annealed steel. It is extrusion coated on one side with poly-
ethylene terephthalate (PET). The substrate is 210 µm thick and the PET layer has a
thickness of 30 µm.
Peel tests were performed in-situ inside a Scanning Electron Microscope (SEM) as
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shown in figure 4.1 [22]. At the delamination front, the formation, growth and
debonding of fibrils was observed (see figure 4.2). This process is called fibrillation
and is considered to be the main mechanism by which the coating delaminates from
the substrate under the imposed loading conditions.

Figure 4.1: In-situ delamination
set-up.

Figure 4.2: SEM micrograph of the delam-
ination front and the presence of fibrils.

4.3 Small displacement formulation

Most cohesive zone models in literature use a small displacement formulation (SDF)
to describe quasi-brittle fracture. These models may have two or three constitutive
relations (2D/3D), that describe the relations between the tractions and the opening
displacements. Here a reversible exponential cohesive zone law is used [21]:

Tt = 2
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) (
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and
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where T represents a traction, φ a work-of-separation, δ a characteristic cohesive
length and ∆ an opening displacement. The subscripts ( )t and ( )n refer to the tan-
gential and normal directions with respect to a local basis.
Figure 4.3 shows a quadrilateral cohesive zone element with four nodal points and
two integration points. The opening displacements are determined by decomposing
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the total opening displacement with respect to a local orthonormal basis {~et,~en}. The
local basis is commonly defined with respect to a reference line. In most cases this is
the cohesive zone mid-line, which is line A-B in figure 4.3.

Figure 4.3: Schematical representation of the initial and deformed geometry of a pla-
nar cohesive zone element with large displacements and three possible orientations
of a local basis.

If there are small displacements at the interface, all reference lines within a cohesive
zone element are parallel to each other, i.e. the choice for a specific reference line
will not significantly influence the magnitude of the normal and tangential opening
displacement. However, when large displacements are present at the interface, the
choice of a reference line may influence the orientation of the local basis and hence
the decomposition of the total opening displacement in a normal and tangential con-
tribution [32]. To illustrate this, a single cohesive zone element is monotonically
deformed in a typical deformation mode shown in figure 4.3. The normal open-
ing displacements, calculated with respect to the three local bases, are shown in fig-
ure 4.4. From figure 4.4 it is clear that the normal opening displacement cannot be
determined unambiguously due to the differences in orientation of the local bases.
So, the use of a local basis has several consequences when large displacements occur
at the interface. First, the orientation of the local basis will influence the magnitude
of ∆t and ∆n and consequently the contribution of φt and φn to the total dissipated
energy. Secondly, in most SDF implementations the integration of the tractions is
performed over the length of the reference line. Upon large displacements in one of
the joined materials, the lengths of the reference lines will change during deforma-
tion and as a result, the integrated tractions will have different magnitudes.
Since delamination in polymer coated steel is characterized by fibrillation and large
displacements at the interface, a solution is required to remedy the inconsistencies
that may result from the choice of the local basis.
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Figure 4.4: The calculated normal opening displacement (normalized by the initial
cohesive zone length `0) of integration point 1 (ip 1 in figure 4.3) for three different
local bases as a function of the time t normalized by time τ at which the maximum
opening is achieved.

4.4 Large displacement formulation

If there are large displacements present at the interface, it is no longer physical to
uniquely distinguish between a normal and tangential opening. In the particular case
of polymer coated steels, the interfacial gap is bridged by fibrils that can only transfer
a load along their axes. A large displacement formulation is therefore proposed to
resolve the ambiguity induced by the choice of a local basis, where no distinction will
be made between normal and tangential loadings. Only a single constitutive relation
between the traction ~T and the opening displacement ~∆ is proposed:

~T = ~f (~∆) (4.3)

The opening displacement is calculated between two points, on both sides of the in-
terface, which coincided initially as sketched in figure 4.5. The vectors are no longer
decomposed with respect to a local basis but are resolved globally. Therefore, the
deficiencies of the small displacement formulation are overcome, since there is no
need for a local basis. Adopting the geometrically nonlinear solution procedure
proposed in Van den Bosch et al. [22], tractions are resolved as Piola-Kirchhoff trac-
tions. In here, the required cohesive zone length is the initial length, which can be
determined unambiguously.
The constitutive relation (4.3) is next explicated on the basis of the normal traction of
the small displacement formulation cohesive zone law (equation 4.2). It relates the
traction ~T = T~e to the opening displacement ~∆ = ∆~e , where~e is a unit vector along
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Figure 4.5: An interface between two materials with an opening displacement ~∆
between two points that coincided initially.

the line between the associated points of the interface:

T =
φ

δ

(
∆

δ

)
exp

(
−∆

δ

)
(4.4)

where φ is the work-of-separation and δ is a characteristic opening length, see fig-
ure 4.6. The maximum traction Tmax is related to φ and δ by:

Tmax =
φ

δ exp(1)
(4.5)

Figure 4.6: Cohesive zone law of equation (4.4) with the maximum traction ∆ = δ

and three types of unloading behaviour.

As shown in figure 4.6, upon unloading, the cohesive zone law can show a reversible
response (i) or two types of irreversible behaviour: linear elastic unloading to the
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origin, i.e. elasticity-based damage (ii) and unloading with the initial stiffness of the
cohesive zone, i.e. plastically damaged (iii). All three cases are shown in figure 4.6.
It has been shown previously that the shape of the cohesive zone law, even when
a large deformation formulation is used, has no significant influence on the macro-
scopic response of the model [22]. In this paper, an exponential cohesive zone law is
used because its traction and derivative are continuous in forward loading, which is
attractive from a computational point of view.
There are a number of advantages of a LDF cohesive zone model compared to a
SDF one. Firstly, there is no local basis, rendering the decomposition of the total dis-
placement superfluous. Therefore, the total work-of-separation is always equal to φ,
independent of the mode-mixity. This is a valid simplification of a mode-dependent
cohesive zone law if there are only fibrils at the interface. Secondly, the cohesive
zone law of equation (4.4) can be derived from a potential function, which makes the
dissipated energy intrinsically path-independent. Finally, the first Piola-Kirchhoff
tractions are integrated in a consistent unambiguous manner by using the initial
cohesive zone element length.

4.5 Three-dimensional cohesive zone element

The cohesive zone is implemented in the commercial finite element code
MSC.MARC as a user element in a large displacement framework. The weak form
of the weighted residual integral of the equilibrium equation reads:

∫

V

(
~∇~w

)c
: σ dV =

∫

V

~w ·~q dV +
∫

A

~w ·~t dA ∀ ~w(~x) (4.6)

where ~∇ is the gradient operator and ~w is an arbitrary continuous weighting func-
tion. The boundary tractions at the external boundary A are given by ~t = σ ·~n,
whereas the body forces ~q apply to the volume V. The sum of the two integrals with
the external load vectors are denoted as the external force integral fe. The remain-
ing integral on the left hand side is the internal force integral fi, which expresses the
virtual work of the internal stresses and the cohesive zone tractions. The weighted
residual integral equation is then compactly written as:

fi(~w,σ) = fe(~w,~t,~q) ∀ ~w (4.7)

A three-dimensional cohesive zone element is shown in figure 4.7. Both the local
coordinates,ξ and η, span the range [-1 1]. In the deformed state a traction ~T connects
associated (= with the same (ξ ,η)-coordinate) points P and Q located on the faces
S1 and S2 respectively. Focussing attention to the cohesive zone element, traction
equilibrium across the interface involves the (Cauchy) traction vector ~σ rather than
the full stress tensor σ . Integration over the cohesive zone element volume with area
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Figure 4.7: An eight-noded three-dimensional cohesive zone element with four in-
tegration points.

A yields:

fi =
∫

A

∆~w ·~σ dA (4.8)

where the weighting function can be considered as a kinematically admissible virtual
displacement. A pull-back to the initial undeformed state is performed, where the
integration takes place over the initial area A0. Accordingly, equation (4.8) becomes:

fi =
∫

A0

∆~w · ~T dA0 (4.9)

where ~T is the first Piola-Kirchhoff traction vector. The weighting function ~w and the
traction ~T are a function of the local coordinate η. The integration is expressed in this
coordinate, leading to:

f
~i

=
A0

4

1∫

−1

1∫

−1

PT NT(ξ , η) T~(ξ , η) dξ dη (4.10)

where T~(ξ , η) is the column with the tractions and P is an operator matrix that trans-
forms the nodal quantities to the points A,B,C and D:

P = [−I12 I12] (4.11)
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in which I12 is a 12 × 12 unity matrix. N(ξ , η) is the matrix with the interpolation
functions:

N(ξ , η) =




ψ1 0 0 ψ2 0 0 ψ3 0 0 ψ4 0 0
0 ψ1 0 0 ψ2 0 0 ψ3 0 0 ψ4 0
0 0 ψ1 0 0 ψ2 0 0 ψ3 0 0 ψ4


 (4.12)

in which ψi are the four shape functions associated with the points A, B, C and D:

ψ1 =
1
4

(1−ξ) (1− η) ψ2 =
1
4

(1 +ξ) (1− η)

ψ3 =
1
4

(1 +ξ) (1 + η) ψ4 =
1
4

(1−ξ) (1 + η)
(4.13)

Following a standard iterative procedure, similar to the classical 2D implementa-
tions, yields the approximate incremental value of the internal load integral and the
element stiffness matrix:

f
~
∗
i
=

A0

4

4

∑
ip=1

[
PT NT(ξ , η) T~

∗(ξ , η)
]ip

(4.14)

and

K∗ =
A0

4

4

∑
ip=1

[
PT NT(ξ , η) M(ξ , η) N(ξ , η) P

]ip
(4.15)

where ( )∗ denotes the incremental value and M is the cohesive tangent operator.
Finally, the iterative element equation reads:

K∗ δu~ = f
~e
− f

~
∗
i

(4.16)

where δu~ is a column with the iterative nodal displacements.

4.5.1 Contact

A contact algorithm is required to detect the penetration of surface S1 into S2, or
vice versa. The opening displacement in the large displacement formulation is al-
ways positive (∆ = ||~∆||) and can therefore not be used to detect penetration. The
approach presented here firstly determines a normal vector ~n to the middle surface
Sm of the cohesive zone. Then, it decomposes ~∆ to find the component parallel to
~n. If this component is negative, there is penetration and a contact penalization is
invoked.
This approach apparently introduces a local basis into the formulation. However,
this only affects the solution in the case of contact without significant influences on
the solution in relation to other local bases.
Since the surface Sm has four nodes, it can be curved and there is no consistent nor-
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mal vector. The normal vector is determined by taking the cross product of two tan-
gent vectors. The two tangent vectors,~tξ and~tη, are determined with respect to the
isoparametric coordinate directions in the isoparametric mid-point M (ξ = 0,η = 0),
as shown in figure 4.8. The tangent vectors are given by:

~tξ =
∂~x
∂ξ

∣∣∣∣
M

and ~tη =
∂~x
∂η

∣∣∣∣
M

(4.17)

The normal vector is given by the normalized cross product of the two tangent
vectors:

~n =
~tξ ×~tη

||~tξ ×~tη||
(4.18)

The magnitude of penetration parallel to the surface normal ~n is ∆c = ~∆ ·~n, which
leads to a contact penetration vector:

~∆c = ∆c~n =
(
~∆ ·~n

)
~n (4.19)

Figure 4.8: The normal vector ~n is determined in point M by the cross product of
two tangent vectors.
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4.5.2 Tractions

The adopted constitutive relation that relates the opening vector ~∆ to its correspond-
ing traction is given by the exponential cohesive zone law [22]:

T =
φ

δ

∆

δ
exp

(
−∆

δ

)
(4.20)

where ∆ = ||~∆|| and φ and δ are the cohesive zone parameters. The traction vector
becomes:

~T = T ~m (4.21)

where ~m is a unit vector directed along ~∆. In the case contact is present, i.e. ∆c < 0,
an extra penetration term Tc is present, directed along the normal of the plane:

Tc = −kc

(
∆c

δ

)2

and ~Tc = Tc~n (4.22)

where kc is the contact stiffness. The contact penetration term is added to the consti-
tutive traction resulting from the physical opening displacement ~∆. This yields the
total traction vector:

~T = ~T + ~Tc (4.23)

4.5.3 Tangent operator

The consistent tangent stiffness tensor M relates infinitesimal variations of the trac-
tion vector to infinitesimal variations of the opening displacement vector:

δ~T = M · δ~∆ (4.24)

With respect to a Cartesian basis,
{
~ex,~ey,~ez

}
, equation (4.24) becomes:

δT~ = M δ∆~ (4.25)

where components are stored in columns δT~ and δ∆~ and matrix M. The consistent
tangent stiffness matrix M for the large displacement formulation follows from a
standard analysis of a 3D truss element under large displacements and rotations:

M =
(

∂T
∂∆

)∗
m~m~

T +
T∗

∆∗ m~ 2m~
T
2 +

T∗

∆∗ m~ 3m~
T
3 (4.26)

where m~, m~ 2 and m~ 3 are columns containing the components of the vectors ~m, ~m2

and ~m3 that constitute an orthonormal vector basis. For the exponential cohesive
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zone law, with characteristic length δ, it can be verified that:

T∗

∆∗ =
δ

δ− ∆∗

(
∂T
∂∆

)∗
(4.27)

which leads to:

M =
(

∂T
∂∆

)∗ 1
∆∗(δ− ∆∗)


δ∆∗ − ∆2
x −∆x∆y −∆x∆z

−∆x∆y δ∆∗ − ∆2
y −∆y∆z

−∆x∆z −∆y∆z δ∆∗ − ∆2
z


 (4.28)

where ∆i = ~∆∗ ·~ei, with i the global x, y and z directions. The tangent operator for
the contact penalization equals:

Mc =
(

∂Tc

∂∆c

)∗ (
n~n~

T)
(4.29)

So, in the case of contact the total tangent operator becomes:

M = M + Mc (4.30)

4.6 Constitutive modelling

A 3D constitutive model is used for description of large strain, time dependent me-
chanical behaviour of the polymer layer. The constitutive model is a compressible
generalization of the Leonov model [65], proposed by Baaijens [10]. In the model
a distinction is made between the contribution of secondary interactions between
polymer chains, which determine the (visco-) elastic properties at small deforma-
tions and plastic flow, and the entangled polymer network, which governs the strain
hardening (see figure 4.9). Accordingly, based on the original work of Haward and
Thackray [53], the total Cauchy stress σ is decomposed in a driving stress σ s and a
hardening stress σ r:

σ = σ s +σ r (4.31)

The hardening is modelled with a neo-Hookean relation [93]:

σ r = Gr B̃d (4.32)

where Gr is the strain hardening modulus and B̃d is the deviatoric part of the iso-
choric left Cauchy-Green deformation tensor. The driving stress is decomposed into
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Figure 4.9: (a) Compressible Leonov model (b) Schematic true stress-strain curve
of with decomposition of the intrinsic deformation behaviour.

a deviatoric stress σ d
s and a hydrostatic stress σ h

s :

σ d
s = G B̃d

e and σ h
s = κ (J − 1) I (4.33)

where G is the shear modulus, B̃d
e the deviatoric part of the isochoric elastic left

Cauchy-Green strain tensor, κ the bulk modulus, J the volume change ratio, and
I the unity tensor. The evolution of J and B̃d

e is given by the following kinematical
equations:

J̇ = J tr(D) (4.34)

and
◦
B̃e = (Dd − Dp) · B̃e + B̃e · (Dd − Dp) (4.35)

Here
◦
B̃e is the objective Jaumann rate of B̃e and Dd the deviatoric part of the rate of

deformation tensor. The plastic deformation rate tensor Dp is related to the deviatoric
part of the driving stress σ d

s :

Dp =
σ d

s

2η
(4.36)

The viscosity η was originally described by an Eyring relationship [39]. It was ex-
tended to incorporate pressure dependency and intrinsic strain softening in [48]:

η(T, p, τ̄ , S) = η0,r(T) exp
(

µp
τ0

)
exp(S)

τ̄/τ0

sinh(τ̄/τ0)
(4.37)

where η0,r denotes the zero-viscosity for the completely rejuvenated state, T is the
temperature, µ is the material parameter describing the pressure dependence and
S is a parameter that captures the thermal and mechanical history of the material.
The hydrostatic pressure p, the characteristic stress τ0 and the effective stress τ̄ are
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defined as:

p = −1
3

tr(σ) (4.38)

τ0 =
kT
V∗ (4.39)

τ̄ =

√
1
2

tr(σ d
s ·σ d

s ) (4.40)

with k Bolzmann’s constant and V∗ the activation volume. The state parameter S is
decomposed into a factor Sa, which captures the thermo-mechanical history of the
material, and Rγ(γ̄p), which describes the softening kinetics [60]:

S(γ̄p) = Sa Rγ(γ̄p) (4.41)

where γ̄p is the effective plastic strain. The initial value of S equals Sa since the value
of Rγ is normalized at 1 and decreases towards 0 with increasing plastic strain. The
Carreau-Yassuda function describes the softening characteristic:

Rγ(γ̄p) =
(1 + (r0 exp(γ̄p))r1)(r2−1)/r1

(1 + r0
r1)(r2−1)/r1

(4.42)

where r0, r1 and r2 are fitting parameters. The material parameters for PET have been
determined in a previous study [1] and are given in table 4.1:

Table 4.1: PET material parameters
E ν Sa η0,r τ0 µ Gr r0 r1 r2

[GPa] [−] [−] [MPas] [MPa] [−] [MPa] [−] [−] [−]
1.25 0.4 28.4 0.486 0.95 0.047 28.2 0.990 200 -4

4.7 Numerical model

A 3D FEM model of the peel experiment is made. The model geometry and bound-
ary conditions are shown in figure 4.10. The model consists of a polymer coating
layer, a cohesive zone layer and a substrate. The steel is modelled as an isotropic
linear elastic solid with a Young’s modulus of 210 GPa and a Poisson’s ratio of 0.3.
The interface has a initial zero thickness and is modelled with 3D cohesive zones and
the presently proposed large displacement formulation. The constitutive model of
the coating layer was outlined in section 4.6. The coating and substrate are meshed
with eight-node hexahedral element with trilinear interpolation functions. Due to
symmetry conditions the model only encompasses a quarter of the specimen, which
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is properly incorporated in the boundary conditions applied. The model is loaded
by a displacement ux on one end of the polymer coating, as shown in figure 4.10.

Figure 4.10: The 3D peel model with boundary conditions.

A mesh convergence study is performed to find the optimum element discretization,
which is a compromise between the accuracy and required computational time. The
mesh is divided into a coarse and a fine region, as depicted in figure 4.10. Only the
part of the coating that delaminates (and thus deforms) needs to have a fine mesh,
whereas the bulk coating can be handled with a relative coarse mesh. In this section
the discretization of the fine coating part is further scrutinized.
The number of elements in x, y and z direction are varied and responses of the
models are compared by considering the quasi-static peel-force, where a fine mesh
should provide the best accuracy. Therefore, the peel-force F is normalized by the
peel-force Fr calculated by the model with the most refined mesh. Evidently, the
resulting conclusions are only valid for the range of geometries and discretization
studied.
In figure 4.11a the influence of the amount of elements in y-direction (width) of the
model is shown for two model widths. With four elements in y-direction the relative
error is 0.5%, which is considered as acceptable. The two models with different
widths yield almost identical results. This might indicate that the width of the
model has little influence on its response and that the geometry can be reduced to
plane-strain. This is investigated in section 4.9.
The amount of elements in z-direction have a more pronounced influence on the
peel force, up to 2% when only a single element over the thickness is used (see
figure 4.11b). An error smaller than 0.5% is achieved with at least nine elements over
the coating thickness.
The influence of the element size in the x-direction is shown in figure 4.11c, where it
is also clear that the characteristic length, δ, does not have a pronounced influence
on the convergence. An element length of `e = 2 µm leads to a maximum error of
0.5%.
The amount of elements in a model approximately equals: nelem = (1 + nz) nxny.
For the number of degree-of-freedoms (DOFs) an empirical expression is used:
nDOF = 4nelem. The computational time for a single load step is related to nDOF as:
tinc = (nDOF)

n, where n = 1.34 (see figure 4.11d).
Simulations with different load step sizes have been carried out and it was found
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Figure 4.11: The normalized quasi-static peel forces as a function of the number of
elements in y-direction (a), z-direction (b) or element length (c). The influence of the
number of DOF on the CPU time of a single increment (d).

that the relative error remains well below 1% for all step sizes. However, with
increasing step sizes, not surprisingly, convergence may be lost. The largest step size
that resulted in a stable simulation was 100 nm/inc. It was found that this step size
is dictated by the stability of the PET constitutive model.
It may be worth verifying whether the steps are not too large compared to the
characteristic length of the cohesive zone (δ). Theoretically, a cohesive zone should
dissipate the interfacial energy (per unit area) φ, which is equal to the area under the
curve in figure 4.6. If, however, the incremental steps are too large, the numerical
integration of the traction-separation law may yield an inaccurate dissipated energy.
On this basis, a simple analysis is performed to estimate the error as a function of
the incremental opening of a cohesive zone. From this analysis it follows that the
incremental cohesive zone opening should be smaller than 1

3 δ in order to dissipate
more than 99% of φ.
Since the displacement is controlled at the end of the polymer coating and the
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coating stretches at least 50%, the maximum incremental step size increases to 1
2 δ.

For a stable simulation the step size may not be larger than 100 nm/inc. So, as long
as δ > 200 nm, this maximum load step size can be retained.

4.8 Application

A 3D peel model is made with 10 elements in y-direction and with three elements
in z-direction. The elements have a length of 2 µm in the x-direction. The load step
size is 0.1 µm/inc. Numerical results are here compared qualitatively with the experi-
ments. These results will be used in future work to identify the interfacial parameters
also quantitatively. Here the interfacial parameters are taken as φ = 200 Jm−2 and
Tmax = 20 MPa, which are in a realistic range.

Figure 4.12: Optical microscope image
of the tensile specimen during a peel
experiment after 3.7 mm of delamina-
tion.

Figure 4.13: Model predictions of the
deformed geometry and the equiva-
lent Von Mises stress after a delami-
nation of 1.0 mm. Element edges and
cohesive zones are made invisible.

In figure 4.12 an image is shown of the peel specimen. The deformed geometry can
be compared with the results of the simulations, shown in figure 4.13 and a good
qualitative agreement is found. The three types of unloading behaviour of the cohe-
sive zones (see figure 4.6) do not have a noticeable influence on the simulation results
because of the continuous tensile loading conditions of the structure.
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4.9 Plane-strain and 3D

3D simulations are computational expensive, so it is worthwhile to investigate the
possibility to use a model with a 2D plane-strain geometry instead. In figure 4.14
the 3D and 2D models are compared by plotting their force-displacement curves.
Clearly, the plane-strain model overestimates the quasi-static peel force by 4%. This
overestimation is caused by the plane-strain condition, which prevents deformations
in y-direction. The advantage of the 2D model with respect to the 3D model is the
significant reduction in calculation time. Depending on the width of the model and
thus the element discretization in the width direction, the calculation time is typically
reduced by a factor 15-50. This makes a plane-strain model an attractive alternative
to perform qualitative parameter studies and useful in the first steps towards an
iterative fitting procedure on quantitative experimental results.

Figure 4.14: The peel force as a function of the displacement as calculated by a 3D
and a plane-strain model.

4.10 Conclusion

It is shown that delamination in polymer coated steels typically takes place through
a process of fibrillation. This mechanism involves large displacements and deforma-
tions at the interface and in the surrounding bulk materials. Cohesive zone models
are a convenient tool to describe this failure mechanism. However, classical cohesive
zone models cannot cope with large displacements and deformations in a consistent
way because these models use a local coordinate basis to decompose the opening
displacement. A large displacement formulation (LDF) is proposed to overcome the
shortcomings of the classical, small displacement formulation. In the LDF a global
basis is used and only one relation between the traction and the opening displace-
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ment is defined. As a consequence there is only a single mode-independent work-
of-separation, which is a valid assumption regarding the presence of fibrils at the
interface. A more general LDF cohesive zone model with a mode-dependent work-
of-separation may be more relevant for other material systems.
A 3D cohesive zone element with the LDF is developed and implemented in a finite
element solution framework. The detection of contact in a cohesive zone element
with the LDF is no longer straightforward and has been solved by defining a normal
vector with respect to the cohesive zone element mid-plane.
The simulation of a peel experiment with the use of the presented 3D model illus-
trates the added value of the developed 3D cohesive zone element with the LDF.
Good qualitative agreement is found between the model predictions and experimen-
tal observations of a peel test. Future work consists in quantitative determination of
the interface parameters on the basis of detailed experimental measurements.





Measure the measurable, make measurable which
is not measurable.

Galileo Galilei

CHAPTER FIVE

Identification and characterization of
delamination in polymer coated metal

sheet1

In this paper, a mixed numerical-experimental approach is adopted to quantitatively
investigate and characterize delamination in polymer coated steel. The integral bi-
material system is analyzed and special attention is given to the constitutive mod-
elling of the polymer coating, the interface and the determination of all involved
parameters. An extended cohesive zone model for large displacements is proposed,
allowing for a mode-dependent behaviour in large deformations. Finally, peel tests
are used to characterize the interface, whereby the interfacial properties are deter-
mined through an inverse identification procedure.

5.1 Introduction

Traditionally, products like aerosols, beverage and food cans, beer caps and luxury
products are made from sheet metal. After the forming steps, the product is cleaned
and lacquered to prevent corrosion, to give its surface a glossy appearance and to
assure good printability. Currently, more and more products are made from polymer
coated sheet metal, making subsequent lacquering superfluous. This naturally im-
plies considerable cost savings and eliminates the emission of volatile organic com-
pounds [29, 49].
Because the coating is subjected to the same deformation processes as the metal sub-
strate, delamination may occur, leading to the loss of protective and attractive prop-
erties of the product [16] which is unacceptable. If delamination can be predicted,

1Based on: M.J. van den Bosch, P.J.G. Schreurs and M.G.D. Geers, submitted.
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the processing routes, parameters and tooling can be adjusted to prevent it. To this
purpose, a combined numerical-experimental approach is proposed, providing ac-
curate predictive capabilities.
The goal is to develop a numerical tool (based on the finite element method), which
is able to describe the whole production process from coated metal sheet to finished
product. The first step in this direction is to develop adequate constitutive models
for coating, substrate and the interface and accurately determine their (material) pa-
rameters through dedicated experiments.
This paper focusses on the interface properties, properly identified using a combined
numerical-experimental approach. The success of such an approach has been proven
by many researchers. For example, Yang et al. [113, 114] characterized an interface
with two different experimental set-ups. With these interfacial properties, the frac-
ture of adhesive joints under mixed-mode loading conditions was successfully sim-
ulated [57, 69, 112].
It has been emphasized that the delamination process between a metal substrate and
a polymer coating generally takes place by the formation of fibrils as shown in fig-
ure 5.1 [22]. Instead of the micromechanical modelling of an interface with individual
fibrils, the delamination process can be described conveniently by a cohesive zone
model, which projects all damage mechanisms in and around the delamination front
on the interface. This leads to a single constitutive relation, or cohesive zone law,
between the traction and opening displacement of the interface describing the whole
failure process. Cohesive zones are typically implemented in finite element codes as
interface elements.

Figure 5.1: Scanning electron microscope image of the delamination front between
a steel substrate and a polymer coating. Fibrillation, i.e. the initiation, growth and
detachment of fibrils, is the main delamination mechanism.

A variety of cohesive zone models has been developed in recent years (for an
overview see a.o. [17, 21, 27]). The majority of these cohesive zone models use a
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local coordinate system, i.e. a coordinate system that is oriented with respect to the
(un)deformed geometry of the cohesive zone element. This local coordinate system
is used to decompose the opening displacement in a normal and tangential contribu-
tion. It has been shown in previous work that this approach may result in ambiguous
results when large openings occur at the interface [22]. This approach is further de-
notes as a small displacement formulation. The delamination of a polymer coating
from a steel substrate typically involves very large displacements and deformations
at the interface due to the formation of fibrils (see figure 5.1). Therefore, a large dis-
placement formulation has been developed, which does not rely on a local coordinate
system, thereby overcoming ambiguities that may result from a small displacement
formulation.
Accurate modelling of the mechanical behaviour of the polymer coating is of great
importance to successfully combine delamination experiments and simulations used
to indirectly characterize the interface. Therefore, this paper necessarily addresses
the constitutive model of the polymer coating and the required experiments to deter-
mine its material parameters. Attention is given to the intrinsic stress-strain response
of the coating, i.e. the macroscopic response in homogeneous deformation and ex-
perimental characterization techniques. Polymers typically show strain softening,
which is a decrease in true stress after reaching the yield stress. In conjuncture with
its strain rate dependent behaviour this poses considerable modelling challenges.
A vast amount of literature exists related to polymer coated metals. The majority
of the research is focused on the corrosion protection or the corrosive delamina-
tion of the polymer. Little attention was given to the industrial forming processes
of the polymer-metal laminate by means of wall-ironing [1, 2, 16, 55] or deep-, and
redrawing [28, 64, 71]. To the best of our knowledge, rigorous attempt was made
earlier to numerically predict the delamination of the polymer coating as relevant
for the above mentioned forming processes. Therefore, a motivated and quantitative
numerical-experimental method is here developed, enabling the accurate assessment
of delamination of the coating.
In some recent papers, the polymer-metal interface has been characterized with a
numerical-experimental approach [42, 99, 100]. In those papers, no attention was
given to the properties of the coating and the interface was described by a small-
displacement cohesive zone model with five parameters, which cannot be related
uniquely to the available experimental data. In this paper, a large displacement cohe-
sive zone model is used with a reduced parameter set, allowing for a more rigourous
parameter identification using a mixed numerical-experimental approach.
In this paper, first a suitable experimental method to characterize delamination is
discussed. Then, the material system and delamination experiments are presented.
Subsequently, the behaviour and constitutive model of the polymer are described
and material parameters are identified. A cohesive zone model based on a large
displacement formulation is proposed and its parameters are quantified in a mixed
numerical-experimental identification procedure, linking up peel simulations to the
conducted delamination tests.
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5.2 Experimental set-up

In this section, several experimental set-ups are considered that are widely used
for characterization of interfaces. Polymer coated steel consists of two distinct
materials with substantially different material properties. For experimental testing,
polymer coated steel specimens need to be manufactured from a larger sheet without
influencing the interfacial properties nor the material properties. Additionally, the
experimental set-up should provide the possibility to study the influence of different
delamination modes.

Figure 5.2: Several frequently used experimental delamination test set-ups.

In figure 5.2, several experimental delamination set-ups are shown. One of the
most frequently used tests is a double cantilever beam (DCB) test, or closely related
to that, a wedge test. Both are shown schematically in figures 5.2a and 5.2b. The
DCB only allows for mode-I delamination. Crews and Reeder [33] developed a
mixed-mode bending (MMB) apparatus, which is capable of delaminating in the
whole range of mode-I until mode-II. Both experimental set-ups are successfully
used to quantitatively characterize an interface. Li et al. [67] measured the interface
toughness of an adhesively-bonded polymer-matrix composite with a DCB test and
numerically predicted the response. Sørensen and Jacobsen [89] tested a carbon
fibre/epoxy composite with a modified DCB test which applies pure bending
moments to the specimen. The mixed-mode delamination fracture toughness of
a glass/epoxy composite was determined with a MMB test by Benzeggagh and
Kenane [14].
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A wedge peel test is similar to a DCB test. The delamination is induced by a wedge
that is pushed between two layers (see figure 5.2b). For example, Guillemenet
and Bistac [50] measured the adhesion energy of a steel-polymer-steel sandwich
structure. An extensive numerical study of the wedge peel test was made by
Ferracin et al. [43].
Both the double cantilever beam and the wedge peel test require two layers with a
comparable stiffness. In the case of polymer coated steel, this can be achieved by
attaching a stiffener on top of the polymer coating [105]. However, this requires
custom-made specimens, which will have other interface characteristics than the
particular material system of interest. Therefore, the DCB and wedge peel tests are
not further considered here.
The pressurized blister test (see figure 5.2c) is widely used to measure adhesion
between a coating and a substrate. The technique was first presented by Dan-
nenberg [34]. He measured the adhesion of organic coatings to metal by injecting
mercury under pressure between the coating and the substrate. An alternative way
of creating a blister is by pushing up the coating with a shaft (shaft loaded blister),
which was first proposed by Malyshev and Salganik [73]. More recently it has been
used o.a. by Xu et al. [109] and O’Brien et al. [78]. The drilling of a hole through
the steel damages the coating even if electrical discharge machining (EDM) is used,
and consequently leads to premature failure of the coating during the test. Due to
the industrial nature of the coating process it is not possible to create a hole in the
substrate before the coating process.
A third method to create a blister is laser-induced delamination of the coating
proposed by Meth et al. [75]. A laser-pulse locally evaporates the substrate, thereby
creating a gas pressure, which causes delamination and the growth of a blister. This
method does not rely on a special specimen preparation technique, which is a clear
advantage [41].
Four point bending is a well established technique for mechanical testing of mate-
rials. The technique yields a uniform stress along the specimen and a stable crack
growth along the interface. The test is mainly used for relative brittle laminates.
For example, Stout et al. [90] and Lagunegrand et al. [63] used the test to study the
failure of carbon/epoxy composites. A four point bending test on a polymer coated
steel does not trigger delamination since both the substrate and the coating are too
ductile.
Indentation experiments (figure 5.2e) are widely used to measure mechanical
properties of materials and can also be used to assess the interfacial energy, see
e.g. [91]. The appearance of plastic deformation prior to interface failure makes
the quantification of the adhesion energy a complex matter. Indentation-induced
delamination tests are mainly performed on coating-substrate systems where at
least one layer is brittle. For example, Li et al. [66] observed delamination of a
thin polystyrene film, triggered by cracks in the underlying brittle glass substrate.
Abdul et al. [3, 4] simulated the indentation-induced delamination of a strong elastic
film on a ductile substrate. A numerical study of the mechanics of indentation
induced delamination of a ductile coating on an elastic substrate has been per-
formed by Li and Siegmund [70] where special attention was given to the differences
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between a strong and weak interface. In contrast with the laminate of Li et al. [66],
the polymer coated steel has a ductile substrate and delamination generally does
not occur during nano-indentation experiments.
The peel test is illustrated schematically in figure 5.2f and is a frequently used test
method for assessing the delamination of flexible laminates. The main requirement
is that the delaminating coating must be able to withstand the peel force. The
mechanics of the peel test has been reported extensively in literature (see [58] and
references therein). The total dissipated energy in a peel test is a combination of (i)
the energy dissipated by plastic deformation of the coating and (ii) energy dissipated
at the interface. Hence, the main challenge using a peel test is the proper separation
of these two contributions to obtain the correct energy dissipation at the interface.
The peel test and the laser blister test are the only feasible experiments to charac-
terize the interface of the considered polymer coated steel. Laser blistering results
in eventual changes of material behaviour through the special conditions thereby
applied. A peel test can be performed with standard mechanical testing equipment,
which makes it a suitable experimental testing method to characterize the polymer
coated sheet metal. Details of specimen preparation and the entire test set-up will be
described in detail in section 5.3.

5.3 Material and specimens

The material system of interest is shown schematically in figure 5.3. The substrate is
a batch annealed temper 52 soft deep-drawing steel. The yield stress is 250 MPa, the
ultimate (engineering) tensile stress is 310 MPa and the (engineering) linear strain at
break is 25%. The steel is coated with chromium in order to improve the adhesion of
the polymer layer by means of hydrogen bonds [12].

Figure 5.3: Schematic representation of the material system.

The polymer coating consists of two layers: a thin adhesion layer and a significantly
thicker poly-ethylene terephthalate (PET) layer. The overal thickness is 30 µm. The
adhesion layer is made from PETG (which is a modification of PET with glycol side
groups) and several additives to make it stronger.
The PET is extruded at its melt temperature (270 oC) and brought in contact with the
substrate. Immediately after, the polymer coated steel is quenched in water. The fast
cooling leads to a nearly amorphous polymer coating.
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In this section, it is first investigated whether the manufacturing method introduces
residual stresses in the materials. Then, the peel test specimen preparation proce-
dure is discussed. Subsequently, the experimental process to determine the coating
thickness is elaborated and finally the actual experimental set-up is discussed.

5.3.1 Residual stresses

The high cooling rate and the large difference between the thermal expansion co-
efficient of steel and PET, may cause residual stresses in the coating. To create an
accurate numerical model, it is important to identify the eventual pressure of resid-
ual stresses.
The procedure to measure residual stresses is depicted in figure 5.4. A regular grid
of 25×25 mm2, with x0 = y0 = 5 mm spacing, is indented in the polymer coating of
two specimens with a micro Vickers hardness tester. The position of the indents is
measured with approximately 1 µm accuracy. Subsequently, the metal substrate of
one specimen is removed through etching by submerging it in a 18% HCl solution
for 24 hours, thereby allowing the coating to relax its residual stresses. The second
specimen acts as a reference. The indent positions of both specimens are measured
again and compared with the initial positions, leading to a quantification of the de-
formation after relaxation. The coordinates of the indents are adjusted for alignment

Figure 5.4: Sequence to qualify the residual stresses in the polymer coating: apply-
ing a pattern by indentation, removing the steel and finally measuring the pattern
again.

errors and subsequently correlated to the initial coordinates, leading to stretch fac-
tors in x and y-direction, λx = x1

x0
and λy = y1

y0
(see figure 5.4). From the reference

specimen it follows that both stretch factors are reproducible within 0.1%.
If a linear elastic material behaviour is assumed with a constant thermal expansion
coefficient, the expected stretch is λ = 1 +∆α ∆T, where ∆α is the difference between
the thermal expansion coefficients of steel and PET (5.8 · 10−5 oC−1) and ∆T the tem-
perature drop from melt to room temperature (−248 oC), leading to λx = λy = 0.983.
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The relaxed specimen only yields: λx = 0.9998 and λy = 0.9993. Therefore it is con-
cluded that there are no residual stresses left in the coating, or that they are so small
that they cannot be measured with the used technique. Consequently, they will be
neglected in the sequel of this paper.

5.3.2 Free-standing PET specimens

The coating is next analyzed as a homogeneous PET layer, because the difference in
mechanical behaviour between PET and PETG is small [36] and the PET layer is rel-
atively thick compared to the PETG layer.
Characterization of the mechanical behaviour of a PET coating is preferentially done
by tensile tests rather than compression tests. First of all, standard compression
tests on thin polymer films are not trivially possible, and would require cylindrical
bulk PET specimens, with possibly different mechanical properties. Secondly, ten-
sile loading with inhomogeneous deformations dominates in the peel tests and thus
characterization of the coating in similar loading conditions is expected to improve
the accuracy. Nevertheless, compression tests will be required to capture the intrinsic
softening behaviour of PET. In this context, nano-indentation has been assessed as a
possible method to determine the mechanical properties of PET as well. However,
the retrieval of material parameters remains not trivial. The deformation under the
indentor tip is not uniform and it is essential to estimate the contact area between the
indentor and the polymer in order to extract the correct properties. Even with a flat
tip indentor, with a well defined contact area, the material parameters can only be
accurately determined up to the yield point of the polymer [101].
To allow (tensile) testing of the coating, it needs to be detached from its steel sub-
strate. Care has to be taken that the coating is not damaged during the removal and
further specimen preparation. Dog bone shaped tensile specimens (see figure 5.5) are
created by pushing a sharp punch through the coating into the steel before submerg-
ing the material in a hydrochloric solution. This results in well-dimensioned free-
standing PET tensile specimens with almost no observable flaws along the edges. To
investigate whether the coating properties may be changed due to the influence of
the hydrochloric acid, a verification analysis has been conducted, which is reported
in section 5.5.3.

Figure 5.5: The geometry of the dog bone shaped, free-standing PET specimen, de-
tached from its steel substrate. Dimensions are in mm.
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5.3.3 Delamination specimens

A sheet of adhesive tape was applied on the polymer coating to prevent dam-
age of the layer during the preparation of the peel specimens. First, specimens of
40 × 8 mm2 were cut out of the polymer coated sheet. Secondly, the width of the
specimen was reduced to 3.5 mm by grinding the edges with SiC-paper, which also
removed possible burrs. Next a groove was milled in the back of the specimen with
a table top precision cut-off machine, as shown in figure 5.6a. The specimens were
clamped in a standard tensile tester and loaded uniaxially with a speed of 30 µms−1

until the steel substrate fractured at the location of the groove. The test set-up for
the zero degree peel tests and 90 degree peel tests is shown in figure 5.6b. The 90
degree peel specimens consist of two peel specimens of which half the lengths are
adhesively bonded. The bonded part is placed vertically between to parallel steel
plates, allowing vertical displacements only. The advantage of this set-up is that the
peel angle remains consistently equal to 90 degrees.

Figure 5.6: (a) The grooved specimen geometry (specimen is shown up-
side down). (b) Experimental set-up of a zero degree peel tests and a 90
degree peel test.

Since the specimens present small variations in width and coating thickness (as in-
vestigated in section 5.3.4), it is necessary to measure the width and coating thick-
ness of every individual specimen before testing. The specimens were peeled in a
Kammrath&Weiss micro tensile stage with a clamp speed of 25 µms−1 and the reac-
tion forces were measured with a 20 N (± 0.01 N) load cell. The temperature (23±2
oC) and the relative humidity (27±9%) both influence the mechanical behaviour of
PET [36, 54] and were monitored during the experiments. During testing, the tensile
stage is installed in a closed plexiglass box to minimize environmental disturbances.
The peel force F, measured during the peel test, is normalized to account for in-
evitable variations in the initial cross-section of the as-received coating A0:

F∗ =
F A∗

A0
(5.1)
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where F∗ is the normalized peel force and A∗ = 3.5 · 0.030 = 0.105 mm2 a refer-
ence cross-section, representative for the whole specimen series. Using F∗ restricts
the scatter resulting from geometrical variations. However, the contribution of the
interface only scales with the width of the specimen and not the coating thickness.
This second-order effect is verified to be small and therefore neglected.

5.3.4 Coating thickness

The thickness of the coating was measured with a Sensofar Plµ 2300 optical profiler
in confocal mode (see figure 5.7a). Due to the use of pinholes only the reflected light
of the in-focus plane reaches the detector and images at various focus heights can
be taken and combined to create a 3D image of the surface. In a similar fashion, the
coating thickness can be measured. At every point (x,y) of the specimen an intensity

Figure 5.7: (a) Set-up of a confocal microscope (b) A height-intensity graph that is
used to measure the coating thickness.

plot in thickness direction is measured, as schematically shown in figure 5.7b. The
highest intensity is the light reflected by the solid steel substrate, the lower peak
is the reflected light from the transparent coating surface. The coating thickness
is calculated from the z-distance ∆zm between the two intensity peaks, which is
compensated with the index of refraction of PET (n = 1.575). An example of a
typical measurement is shown in figure 5.8. The top plane is the surface of the
coating and the (rough) bottom plane is the surface of the substrate.
The coating thickness of a polymer coated steel sheet was measured at 247 locations
in a regular 19×13 grid with a spacing of 5 mm. At every location the average coating
thickness was calculated from a thickness profile of 500×360 µm2. In figure 5.9 the
coating thickness profile is shown for a specimen of 60×85 mm2. As can be seen from
figure 5.9 the coating thickness varies considerable at the surface of the specimen.
The thickness variation is caused by the preparation of the materials on a pilot line
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facility. Due to the variation, it is necessary to measure the coating thickness of every
specimen separately in order to normalize the experimental peel force. Another
observation is the apparent anisotropy resulting from the oriented variations in
coating thickness: perpendicular to the rolling direction of the steel, which is also
the extrusion direction of the PET coating, the variation in the coating thickness is
much larger than parallel to the rolling direction (parallel to the y-axis in figure 5.9).

Figure 5.8: The surface profiles of the
coating and the substrate (100×100
µm2).

Figure 5.9: The thickness profile of
a polymer coated sheet (85×60 mm2).
Extrusion direction of the PET is par-
allel to the y-axis.

5.4 Modelling and characterization of the coating

The intrinsic deformation behaviour is defined as the response of a material under
homogeneous deformation. The general intrinsic behaviour of PET is visualized in
figure 5.10a through its true stress-strain curve (or σ(ε) curve), presenting several
distinctive regimes. Initially, the material behaves in a (nonlinear) visco-elastic man-
ner with no permanent deformations. At increasing stress, the material starts to yield
and deforms plastically. The plastic deformation leads to a structural evolution that
reduces the material’s resistance against plastic deformation, i.e. strain softening. Fi-
nally, at large deformations the molecular chains become oriented, resulting in strain
hardening.
In general, polymers like PET show a time-dependent behaviour. An increase in
strain rate ε̇ results in an upward shift of the stress-strain curve, as shown in fig-
ure 5.10a. It leads to an increased yield stress but does not influence the slope of the
curve in the hardening regime.
When a polymer is cooled down from above its glass transition temperature Tg
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(≈ 70oC for PET), the material is in a non-equilibrium thermodynamic state. Be-
low Tg, the molecular chains are still mobile and over time, the material gradually
approaches equilibrium. This process is called physical ageing. The effect of phys-
ical ageing is an increase in yield stress but does not affect the behaviour at large
strains, as shown in figure 5.10b.

Figure 5.10: (a) Schematic representation of the intrinsic deformation behaviour of
PET. (b) Schematic representation of the influence of the ageing time on the yield
stress and the post-yield behaviour.

In figure 5.11, the behaviour of a free-standing PET film under tensile load is shown.
During a tensile test the specimen is stretched (a.1)-(a.2). If at a location in the spec-
imen the yield stress has been reached, a neck immediately initiates (a.3) causing
an instant drop in the tensile force (see figure 5.11b). After that, the neck starts to
propagate at a constant speed and at a constant tensile force (a.4)-(a.5). A schematic
representation of the cross-section P-Q, from the (undeformed) bulk material into the
neck, is shown in figure 5.11c. The transition zones travel with a speed proportional
to the speed of the clamps. The transition zone is a relatively small area where most
of the deformation takes place and therefore, locally, high strain rates are achieved.
The tensile σ(ε) curve can be calculated from tensile test data by assuming incom-
pressibility:

εL +εW +εT = 0 (5.2)

where εL, εW and εT are the true strain in length (L), width (W) and thickness (T)
direction respectively. If isotropy in the cross-sectional plane is assumed (εW = εT),
the current cross-section A follows from the initial thickness T0, initial width W0 and
the current width W, which is measured during a test:

A = W T = W T0
W
W0

(5.3)
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which leads to the true stress and true strain:

σ =
F
A

and ε = 2 ln
(

W0

W

)
(5.4)

where F is the measured tensile force.

Figure 5.11: (a) Schematic representation of a uniaxial tensile test on free-standing
PET films. (b) The force-displacement curve of a unixaxial tensile test on free-
standing PET film. (c) Schematic representation of the cross-section from the ’bulk’
film material (P), through the transition zone into the neck (Q).

5.4.1 Constitutive modelling

A 3D constitutive model is used for the description of the isotropic, large strain
and time dependent mechanical behaviour of the polymer coating. The constitutive
model is a compressible generalization of the Leonov model [65], originally proposed
by Baaijens [10]. In the model, a distinction is made between the contribution of sec-
ondary interactions between polymer chains, which determine the (visco-) elastic
properties at small deformations and plastic flow, and the entangled polymer net-
work, which governs the strain hardening. Accordingly, based on the original work
of Haward and Thackray [53], the total Cauchy stress σ is decomposed in a driving
stress σ s and a hardening stress σ r:

σ = σ s +σ r (5.5)
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Figure 5.12: (a) Compressible Leonov model (b) Schematic σ(ε) curve of PET.

The hardening is modelled with a neo-Hookean relation [93]:

σ r = Gr B̃d (5.6)

where Gr is the strain hardening modulus and B̃d is the deviatoric part of the iso-
choric left Cauchy-Green deformation tensor. The driving stress is decomposed into
a deviatoric stress σ d

s and a hydrostatic stress σ h
s :

σ d
s = G B̃d

e and σ h
s = κ (J − 1) I (5.7)

where G is the shear modulus, B̃d
e the deviatoric part of the isochoric elastic left

Cauchy-Green strain tensor, κ the bulk modulus, J the volume change factor, and
I the unity tensor. The evolution of J and B̃d

e results from the following kinematical
equations:

J̇ = J tr(D) (5.8)

◦
B̃e = (Dd − Dp) · B̃e + B̃e · (Dd − Dp) (5.9)

Here,
◦
B̃e is the objective Jaumann rate of B̃e and Dd represents the deviatoric part of

the rate of deformation tensor. The plastic deformation rate tensor Dp is related to
the deviatoric part of the driving stress σ d

s by:

Dp =
σ d

s

2η
(5.10)

The viscosity η was originally described by an Eyring relationship [39], which was
extended later to incorporate pressure dependency and intrinsic strain softening [48]:

η(T, p, τ̄ , S) = η0,r(T) exp
(

µp
τ0

)
exp(S)

τ̄/τ0

sinh(τ̄/τ0)
(5.11)
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where η0,r denotes the zero-viscosity for the completely rejuvenated state, T is the
temperature, µ is the material parameter describing the pressure dependence and S
is a state parameter. The hydrostatic pressure p, the characteristic stress τ0 and the
effective stress τ̄ are defined as:

p = −1
3

tr(σ) ; τ0 =
kT
V∗ ; τ̄ =

√
1
2

tr(σ d
s ·σ d

s ) (5.12)

with k Bolzmann’s constant and V∗ the activation volume. The state parameter S is
decomposed into a factor Sa, which captures the thermo-mechanical history of the
material, and Rγ(γ̄p), which describes the softening kinetics [60]:

S(γ̄p) = Sa Rγ(γ̄p) (5.13)

where γ̄p is the effective plastic strain. The initial value of S equals Sa since the value
of Rγ is initially normalized to 1 and decreases towards 0 with increasing plastic
strain.

5.4.2 Inverse parameter identification

The material parameters can be determined by making use of an inverse mixed
numerical-experimental approach. In this section, first an overview is given of the
material parameters and the required experimental methods to determine them.
Next the numerical model is discussed, which is used to reproduce the test results
from the materials description. Subsequently, the parameter identification procedure
is elaborated and finally the material parameters are determined.
The characteristic stress τ0 describes the strain rate dependency of the yield stress,
where τ0 is a function of the strain rate [44]. Therefore, to determine τ0, the strain
rate range during peel tests needs to be known and tensile tests with those strain
rates need to be performed. Within certain assumptions, τ0 can be determined
during the actual peel tests. The latter procedure is described in section 5.5.2.
The parameters Gr and η0,r are determined from the tensile σ(ε) curve of a free-
standing PET film, where the σ(ε) curve is constructed in a local point, see also
equation (5.4). The thermo-mechanical history parameter Sa is determined from
the experimentally measured shape of the transition zone, which is related to the
softening instability.
The softening parameters r0, r1 and r2 are determined from the strain softening
regime in a σ(ε) curve. Strain softening cannot be observed globally in tensile tests
because, at the onset of yielding, the neck instantly grows and the tensile force
immediately drops (see figure 5.11b). Hence, the measured force drives the propa-
gating neck. In compression tests the softening regime can be measured because the
specimen deforms homogeneously. To this purpose, cylindrical bulk PET specimens
have been used to determine the softening parameters [1]. The pressure parameter
µ follows from the dependency of the yield stress on the hydrostatic pressure. Its
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value as well as the Young’s modulus E and the Poisson’s ratio ν, have been taken
from the work of Van der Aa et al. [1].

Computational model of the PET tensile test

The material parameters Gr, η0,r and Sa are identified from a tensile test on a free-
standing PET film. Due to symmetry conditions only one eighth of the free-standing
PET specimen is modelled, as shown in figure 5.13. Consistent with the experimen-
tal conditions, a constant clamp speed (u̇x = 164 µms−1) is applied. The model is
discretized with (3D) eight-node hexahedral elements.

Figure 5.13: 3D FEM model of a free-
standing PET specimen. Only one-
eighth is modelled (symmetry).

Figure 5.14: The measured geometry
in the transition zone of a tensile spec-
imen.

First, the material parameter Sa is determined, which is related to the height of the
yield drop. The transition zone reflects the strain localization and its geometry is
directly related to the height of the yield drop and thus Sa. Therefore, the value of Sa

is determined from this geometrical characteristic.
The geometry in the transition zone was measured with a SensoFar optical imaging
profiler and is shown in figure 5.14. The maximum slope of the transition zone equals
0.68 m/m (0.68 µm drop over a distance of 1 µm). The element discretization in the
finite element model needs to be sufficiently detailed to capture the geometry of the
transition zone correctly. Simulations with different element sizes have been carried
out as shown in figure 5.15. Clearly, the calculated slope of the transition zone con-
verges with decreasing element size and the converged value depends on the value
of Sa. Interpolation of the data leads to Sa = 12.4. The required local element size
has to be smaller than 1 µm. The element size does also influence the strain rates at
which the material locally deforms near the neck, see figure 5.16. With Sa = 12.4
it follows that the maximum strain rate during the tensile test equals ε̇ = 7.46 s−1.
Models with a coarse mesh will underestimate the strain rate and thus tend to un-
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derestimate the tensile force (due to the strain rate dependency of the material). A
coarse discretization is therefore not suited to determine material parameters.

Figure 5.15: The slope of the transition
zone as a function of the element size.

Figure 5.16: The strain rate in the tran-
sition zone as a function of the ele-
ment size.

The parameter η0,r is determined by minimizing the difference between the simu-
lated and experimental σ(ε) response. Typically, the simulated σ(ε) curves are re-
trieved from a specific location (e.g. point R) in the model of a free-standing PET
film (shown in figure 5.13). Since computational analyses with element sizes below 1
µm are rather expensive, simulations on the basis of a single material point with the
3D constitutive model were carried out. Although the deformations during a tensile
test are highly inhomogeneous due to the formation of a neck, the material point
model directly reflects the desired σ(ε) curve. The material is mostly deformed in
the transition zone. The propagation speed of the transition zone is related to the
clamp speed, which is constant. Obviously, all material points undergo the same
deformation history, yet shifted in time, as dictated by the position of the transition
zone. Hence, the σ(ε) curve of a point in the material can be easily constructed by
imposing the correct experimental loading path. The real evolution of the strain ε(t)
is shown in figure 5.17, which constitutes the imposed loading path on a single mate-
rial point in tensile direction. The directions perpendicular to the tensile direction are
stress free. The single material point model, with the correct loading conditions, is
used in conjuncture with an automated parameter identification procedure to reveal
the material parameter η0,r.

Mixed numerical-experimental parameter identification

An inverse parameter identification procedure is a frequently used tool to determine
material parameters in complex models, where interacting parameters cannot be de-
termined directly or trivially [15, 31, 46, 76].
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Figure 5.17: The strain-time history of a material point in the tensile specimen (t = 0
upon entering the transition zone).

Figure 5.18 shows a block diagram of a combined numerical-experimental approach.
In this figure, u~ denotes the input for the experimental and numerical analysis, m~
is the measured experimental response, h~ the calculated response, θ~ the parameter
set with θ~

0 the initial estimates. The purpose of an estimator algorithm is the de-

Figure 5.18: Block diagram of the combined numerical experimental approach.

termination of a set of parameters θ~ for which the model response h~(θ~) is in closest
agreement with the experimental measurements θ~. An objective function must be
defined which quantifies the quality of the agreement. The following quadratic form
is used:

G(θ~) = [m~ − h~(u~,θ~)]T V [m~ − h~(u~,θ~)] (5.14)

where V is a positive definite symmetric weighting matrix and is used to express
confidence in the measurements, where large values correspond to a higher confi-
dence. A Gauss-Newton algorithm is here used to minimize the objective function
G(θ~). Without going into details, this algorithm results in an iterative scheme to
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update the parameters:

θ~
i+1 = θ~

i + δθ~
i (5.15)

with

δθ~
i =

{
HiT

V Hi
}−1 {

HiT
V

[
m~ − h~

i
]}

(5.16)

where Hi is the sensitivity matrix in iteration i:

Hi =
δh~(θ~

i)
δθ~

(5.17)

It is often not possible to analytically differentiate h~
i(θ~) and therefore a finite dif-

ference approach is used. In this approach the parameters are perturbed one after
the other and for each perturbed parameter, the response of the model is calculated.
Then the sensitivity matrix is calculated from the difference between the response of
the initial parameter set and the response of each perturbed parameter set:

Hi
k j ≈

hk(θ~
i + ∆θ je~j)− hk(θ~

i)
∆θ j

(5.18)

where ∆θ j is a small variation of parameter j and e~j is a column with zeros except
for the jth entry, which equals 1.

Extracting material parameters

In this section the results are given of the parameter identification by using the single
material point model and experimental results. Before η0,r can be determined, it is
required to determine the value of τ0. To obtain its value, peel tests and simulations
are used, resulting in τ0 = 2.13 MPa. For reasons of clarity, the detailed analysis of
this is given in section 5.5.2.
The strain hardening parameter Gr is determined according to Klompen et al. [60].
The true stress is decomposed into three separate contributions as shown in fig-
ure 5.19:

σ(ε̇, S,ε) = σre j(ε̇) + ∆σy(S) +σr(ε) (5.19)

where σre j is the flow stress of the fully rejuvenated state (see figure 5.10b), σr is
the strain hardening stress and ∆σy is the yield drop that depends on the thermo-
mechanical history of the material. The strain hardening stress follows a typical Neo-
Hookean response, i.e.:

σr = Gr (λ2 − λ−1) (5.20)
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The hardening parameter Gr equals the slope of the hardening part of the curve
shown in figure 5.20. This curve is derived from theσ(ε) data and leads to Gr = 11.45
MPa.

Figure 5.19: Schematic representation
of the decomposition of the true stress
in three separate contributions.

Figure 5.20: The hardening parameter
Gr equals the slope of the stress-strain
curve for a large λ.

The zero-viscosity of the rejuvenated material, η0,r, is determined by fitting the model
response of the rejuvenated material (Sa = 0) on the strain hardening regime of the
experimental curves (see figure 5.21), giving η0,r = 5.35 · 103 Pa s.

Figure 5.21: Simulation results with
Sa = 0 are matched with experiments
to determine η0,r.

Figure 5.22: Rγ as a function of γ̄p

of uniaxial compression tests at three
strain rates and the best prediction of
the Carreau-Yassuda function.

Compression tests are required to determine the strain softening parameters. The
driving stress σs can be isolated from the experimental (compression test) data by
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using equations (5.19) and (5.20): σs = σre j(ε̇) + ∆σy(S) and S(γ̄p) = SaRγ(γ̄p). Since
Rγ is taken to be equal to 1 at the onset of plastic deformation, Rγ can be expressed
as [60]:

R(γ̄p) =
σs −σre j

|∆σy| (5.21)

where γ̄p is the effective plastic strain for uniaxial compression:

γ̄p =
√

3 |ε̇| (t− ty) (5.22)

The experimental data is shown in figure 5.22. Klompen et al. [60] made use of the
Carreau-Yassuda function to describe the softening characteristic:

Rγ(γ̄p) =
(1 + (r0 exp(γ̄p))r1)(r2−1)/r1

(1 + r0
r1)(r2−1)/r1

(5.23)

where r0, r1 and r2 are material parameters. The parameter identification of equa-
tion (5.23) with the experimental compression test data leads to: r0 = 0.99, r1 = 237
and r2 = −11.6.
The material parameter that describes the pressure dependency is obtained from the
work of Van der Aa et al. [1] and equals: µ = 0.047. Due to the quasi-linear elastic
behaviour of the model prior to yield, the Young’s modulus E is determined such
that the yield strain in the model approximately equals the experimental observed
strain-at-yield. This leads to a Young’s modulus of 2.03 GPa. The Poisson’s ratio is
taken from Van der Aa et al. [1] and equals 0.4.
In table 5.1 an overview of the PET material parameters is given.

Table 5.1: Overview of the PET material parameters
E ν Sa η0,r τ0 µ Gr r0 r1 r2

[GPa] [−] [−] [Pas] [MPa] [−] [MPa] [−] [−] [−]
2.03 0.4 12.4 5.35·103 2.13 0.047 11.45 0.99 237 -11.6

5.4.3 Interface model

Because of the formation of fibrils at the interface, the delamination of a polymer
coated steel involves large displacements and deformations. Instead of modelling in-
dividual fibrils, the delamination process can be described by a cohesive zone model,
which projects all damage mechanisms in and around the crack tip on the interface. If
opening is associated with fibrillation, as was observed in the peel tests, it is not phys-
ical to discriminate between normal and tangential directions as commonly done in
most cohesive zone models, because fibrils can only transfer a load along their axes.
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Moreover, the large displacements at the interface might lead to ambiguous results,
if a normal-tangential decomposition is preserved [22]. Therefore, a large displace-
ment formulation for a cohesive zone element has been developed that relies on a
single relation between the traction ~T and the opening displacement ~∆:

~T = ~f (~∆) (5.24)

which is particularly relevant for the fibrillation studied here. The opening displace-
ment is calculated between two points, on both sides of the interface, which coin-
cided initially as sketched in figure 5.23. Xu and Needleman [110] proposed an

Figure 5.23: Interfacial opening dis-
placement ~∆ between two initially
bonded material points.

Figure 5.24: A traction-separation
curve (Eq. 5.25) with φ = 100 Jm−2

and δ = 1 µm.

exponential cohesive zone law that has been improved to describe mixed-mode de-
lamination better [21]. The cohesive zone law used here is based on the normal trac-
tion relation of that exponential cohesive zone law:

~∆ = ∆~e ; ~T = T(∆)~e ; T =
φ

δ

(
∆

δ

)
exp

(
−∆

δ

)
(5.25)

with~e a unit vector between two associated material points at the interface (see fig-
ure 5.23). The work-of-separation φ is the dissipated energy after complete opening:

φ =
∫ ∞

∆=0
T(∆) d∆ (5.26)
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and δ is the characteristic opening length for which T reaches the maximum value
Tmax:

Tmax =
φ

δ exp(1)
(5.27)

Equation (5.25) is shown graphically in figure 5.24. The adopted cohesive zone model
relies on the formation of fibrils, which have been observed when the interface is
loaded in mode-I during a 180o peel test [22]. It is experimentally cumbersome to
visualize the presence of potential fibrils in other loading geometries. Therefore,
the surface of the delaminated coating has been mapped with the optical profiler in
order to find traces of snapped fibrils. In the case of the zero degree peel test, no no-
ticeable traces of fibrils were found, which might be due to other local deformation
mechanisms, possibly dissipating a different amount of energy. The large displace-
ment cohesive zone model is therefore extended to describe this mode dependent
work-of-separation. All geometrical considerations hereafter, only involve the open-
ing vector and the individual geometries of each face. No assumptions are made on
’intermediate’ planes as often the case for small displacements.

Figure 5.25: The opening mode of a cohesive zone is determined from components
of the edge/face normals perpendicular to the opening displacement vector.

The opening mode of the cohesive zone is quantified by a mode-mixity parameter d:

d = ||~d1 − ~d2|| (5.28)

In a two-dimensional cohesive zone, as shown in figure 5.25a, ~d1 and ~d2 are the com-
ponents of the normals~n1 and~n2 of the two cohesive zone edges perpendicular to ~∆.
In a 3D element, ~d1 and ~d2 are projected on Sn, which is a plane with normal direction
~∆ (see figure 5.25b).
Parameter d has a value between 0 (mode-I) and 2 (mode-II). Intermediate values
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of d represent a mixed-mode opening. Equation (5.25) is extended with this mode-
mixity d, where a parameter α controls the influence of mode-mixity behaviour: the
interface is stronger (α > 0) or weaker (α < 0) in mode-II than in mode-I. The more
general, yet simple, cohesive zone law reads:

T =
φ

δ

(
∆

δ

)
exp

(
−∆

δ

)
exp

(
α

d
2

)
(5.29)

To investigate the behaviour of a cohesive zone with equation (5.29), a single cohesive
zone is opened under an angle β and the total dissipated energy is quantified. The
two faces are kept parallel to each other and β is defined as the angle between one
of the faces and the vector ~∆, as shown in figure 5.25a. The results are shown in
figure 5.26. Obviously, the energy dissipated in mode-I (β = 90o) is independent of α

and equals φ. In the case of mixed-mode or mode-II (β = 0o) opening of the cohesive
zone, the total dissipated energy depends on α. In figure 5.27, equation (5.29) is
plotted for three values ofα in mode-II, where the total dissipated energy (area under
the curve) depends on the parameter α.

Figure 5.26: The dissipated energy as
a function of the opening angle β.
Mode-I corresponds to β = 90o and
mode-II to β = 0o. φ = 100 Jm−2.

Figure 5.27: The traction-opening dis-
placement curves for cohesive zones,
opened in mode-II, with different val-
ues for α. φ = 100 Jm−2, δ = 1 µm.

5.5 Peel tests

In section 5.2, it was argued that the peel test is an adequate experiment to char-
acterize delamination in polymer coated steel. In this section, the interface is char-
acterized using a mixed numerical-experimental parameter identification approach.
The experimental test results are presented and the details of the finite element peel
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model are discussed. First, the material parameter τ0 is determined from peel tests,
after which the actual interface parameters are quantified.

5.5.1 Peel test set-up and modelling

The experimental set-up of the peel test is described in section 5.3.3. During the
experiments the force and displacement are monitored. The normalized peel force
as a function of the clamp displacement is shown in figure 5.28 for both the zero and
90 degree peel tests.

Figure 5.28: Normalized peel force-displacement curves of the peel experiments.

The average normalized peel force for the zero degree peel test is F̂∗0 = 4.85 N with a
standard deviation of 0.07 N. For the 90o peel test the average normalized peel force
is F̂∗90 = 4.16 N, with a standard deviation of 0.06 N. The scatter in the experimental
results is caused by small variations in experimental conditions, limited accuracy
of the set-up used and possible variations in specimen width, coating thickness,
ambient temperature and relative humidity. Considering all these sources of scatter,
the results seem remarkable consistent.
Two models (3D and plane-strain) are created in a finite element solution context.
Due to symmetry conditions, only half of the experimental set-up needs to be mod-
elled, see figure 5.29 [19]. The 3D model is discretized with eight-node hexahedral
elements and the plane-strain model with four-node quadrilateral elements. The
steel substrate is modelled as a stiff linear elastic solid (for which a single element
suffice). The cohesive zones are located between the coating and the substrate and
have an initial zero thickness. The bottom nodes of all the cohesive zones are tied
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to the upper nodes of the steel element. The coating is loaded at the right side
with a constant velocity of u̇x = 12.5 µms−1, which is half the experimental clamp
movement velocity.

Figure 5.29: The 3D peel test model
with boundary conditions.

Figure 5.30: The ratio between nor-
malized peel forces of 2D and 3D sim-
ulations as a function of the 3D model
half-width.

The determination of the interface or material parameters through the adopted
parameter identification procedure requires a sequence of simulations to be carried
out. Using 3D peel simulations to this purpose is computational expensive. There-
fore, it is investigated whether a peel test model with a plane-strain geometry can
be used instead. Several 3D simulations, with different widths, have been carried
out and the ratio F∗3D/F∗2D of the normalized peel forces in 3D versus the ones in
2D (plane-strain) is shown in figure 5.30. Obviously, the wider the 3D model the
more accurate the assumption of plane-strain is. Experiments were conducted with
specimens that have a half-width of 1.75 mm. Figure 5.30 indicates that this leads to
an error in the normalized peel force of approximately 0.2%. This error is acceptable,
since it falls well within the experimental measurement errors. The parameter
identification simulations are therefore carried out with a plane-strain geometry to
significantly reduce the calculation time, typically with a factor 15-50.

5.5.2 Extracting the characteristic stress and the interfacial parameters

The characteristic stress τ0 is the material parameter that describes the strain rate
dependency of the yield stress. The strain rate is linearly related to the propagation
speed of the transition zone, which is linearly related to the clamp speed. Assumed
that the interface does not show a significant rate dependent behaviour, the in-
crease in peel force will be solely due to an increase in clamp speed. As sketched
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in figure 5.10, an increase in strain rate shifts up the whole stress-strain curve,
including the yield stress. Therefore, it is assumed that, in the experimental velocity
regime, the dependency of the peel force on the clamp speed is proportional to the
dependency of the yield stress on the strain rate.
In figure 5.31, the experimental normalized peel force is plotted as a function of
the tensile stage clamp speed. Simulations are carried out with different values
for τ0 and the results are plotted in figure 5.31. The value of τ0, providing the best
numerical-experimental approximation, is identified to be τ0 = 2.13 MPa, which is
a realistic value [44].

Figure 5.31: The normalized peel force versus peel speed of the experiments and
simulations with different values for τ0.

The interface parameters φ and α are determined with the same procedure men-
tioned before (see section 5.4.2). The input is the quasi-static normalized peel force
level of both the zero and 90 degree peel tests. The characteristic cohesive zone
length, δ, follows from experimental observations of the delaminating interface
and has a typical value of 1 µm [22]. The interface parameters are determined as
φ = 194 Jm−2 and α = 0.01. The stress-displacement curves of the simulations are
plotted in figure 5.28. The small value of α indicates that there is a small difference
only in dissipated interfacial energy between mode-I and mode-II. If φ would be
determined with α = 0, it follows that φ = 194.5 Jm−2, still providing model
predictions within the experimental range.
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5.5.3 Influence of preparation method on the material parameters

Several material parameters of PET are determined by experiments on free-standing
films. These films are created by removing the steel substrate by submerging the
specimens in diluted hydrochloric acid (see section 5.3.2). It is important to investi-
gate whether the acid influences the mechanical properties of PET. To this purpose,
free-standing specimens are manufactured by removing the steel with an aqueous
solution of 25%, 50%, 75% and 100% HCL. For each concentration six specimens are
made. The tensile tests carried out on these specimens, did not reveal any differences
in the mechanical response related to the concentration. Therefore, it is assumed that
the acid does not influence the mechanical properties of the PET, which is consistent
with [25].
All the tensile experiments on the free-standing PET film were performed parallel to
the extrusion direction of the coating. Due to the processing of the coating, it may
be expected that the mechanical behaviour is not really isotropic in-plane. Tensile
tests have been performed with free-standing PET specimens that are oriented par-
allel and perpendicular to the extrusion direction of the PET. The results are shown
in figure 5.32 and do not show a substantial influence of the coating orientation on
the mechanical behaviour. Therefore, the coating is considered to be isotropic in the
plane.

Figure 5.32: Force-displacement curves of tensile tests on free-standing PET films
with orientations parallel and perpendicular to the extrusion direction of the PET.
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5.6 Conclusion

In this paper, a combined numerical-experimental approach is successfully em-
ployed to characterize delamination in polymer coated steel. With respect to the
delamination analysis, the following conclusions are drawn:

• The peel test is a suitable technique to study the delamination of a PET coating
from a steel substrate.

• Experimental results on the as-received material have shown that: 1) There are
no measurable residual stresses present in the coating. 2) The coating thickness
varies considerably across the polymer coated sheet. 3) The coating is isotropic
in-plane and 4) Submersion of PET in diluted hydrochloric acid does not influ-
ence the mechanical properties.

• Due to the large inelastic deformations of the coating during a peel test, it is
important to establish an accurate constitutive model of the PET. Therefore, a
non-linear visco-elastic constitutive model is adopted, for which the material
parameters have been determined from a variety of tests in conjuncture with
simulations.

• The identification of the viscosity of the rejuvenated state is achieved with a
single material point model, which saves computational time.

• Strain rates in a uniaxial tensile test are inhomogeneous and particularly high
in the transition zone (ε̇ = 7.46 s−1). The latter necessitates the use of a fine
discretization of the finite element models, with elements of less than a micron,
to capture these high strain rates.

• The interface is described by a cohesive zone model that is based on a large
displacement formulation. The description is extended with a mode-mixity
parameter to enable discrimination between different opening modes. An ex-
tra parameter controls the ratio between the work-of-separation in mode-I and
mode-II.

• It has been shown that a plane-strain model suffices to simulate the peel tests,
since the difference with a 3D model in the predicted normalized peel force is
only 0.2%.

• Zero and 90 degree peel tests are performed and the normalized peel force is
used to determine the interface parameters with an inverse parameter identifi-
cation procedure.

Within this context, a number of somewhat more general original contributions have
been realized, among which:

• New experimental insights in the physical and mechanical behaviour of coat-
ing, interface and laminate.
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• New insights in the computational assessment of the coating-interface-
substrate system under complex, yet realistic, loading conditions.

• The exploitation of a test, used to characterize a coating and its interface, in-
volving large inhomogeneous deformations.

• The identification of interfacial and material parameters through a mixed
numerical-experimental approach.

• The development of a mixed-mode cohesive zone model with a large displace-
ment formulation.







An experiment is a question which science poses
to Nature, and a measurement is the recording of
Nature’s answer.

Max Planck

CHAPTER SIX

Interfacial characterization of
pre-strained polymer coated steel by a

numerical-experimental approach1

In this paper, the delamination in pre-strained polymer coated steel is quantitatively
characterized through a combined numerical-experimental approach. The surface
roughening of the steel substrate is analyzed by a correlation technique and cou-
pled to the pre-deformation of the coating. The polymer coating shows a clear stress
relaxation after pre-deformation, which requires special attention for the correct nu-
merical characterization of the interface. A large displacement cohesive zone model
is extended with an interfacial pre-damage parameter representing the loss of adhe-
sion due to substrate roughening. Finally, peel tests are performed on pre-strained
specimens, on the basis of which the interface is characterized by an inverse param-
eter identification procedure.

6.1 Introduction

Traditionally, products like aerosols, beverage and food cans, beer caps and luxury
products are made of sheet metal. After the forming steps, the product is cleaned
and lacquered to prevent corrosion, giving its surface a glossy appearance and as-
suring a good printability. Currently, more and more products are made of polymer
coated sheet metal, making subsequent lacquering steps partially superfluous. This
naturally implies considerable cost savings and eliminates the emission of volatile
organic compounds [29, 49].

1Reproduced from: M.J. van den Bosch, P.J.G. Schreurs and M.G.D. Geers, M.P.F.H.L. van Maris,
submitted.
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The first manufacturing step of beverage and food cans is the Draw Redraw (DRD)
process, which is a technique where a circular blank is drawn into a die to form
a shallow cup (see figure 6.1). The cup is redrawn on a second die to produce a
redrawn cup. Such severe stretching-drawing introduces large plastic strains in the
steel substrate and thus causes roughening of its surface. The surface roughening
results in a partial loss of adhesion of the coating, which may trigger delamination
during further processing.

Figure 6.1: A shallow cup of polymer coated steel is formed in a deep-drawing step.

Delamination leads to a loss of protective and attractive properties and if it can be
adequately predicted, the processing parameters and conditions of the manufactur-
ing process may be adjusted a priori to prevent it.
Most research activities on polymer coated metals focus on corrosion protection or
corrosive delamination. Less attention is given to the industrial forming of coated
metals by means of deep-drawing [28, 64, 71]. Some recent papers deal with loss
of adhesion and recovery of polymer coated steel. For example, Fedorov et al. [42]
experimentally measured the loss of adhesion before, and the recovery of the adhe-
sion through the annealing of pre-strained specimens. Van Tijum [98] numerically
investigated the loss and recovery of adhesion of strained polymer-metal laminates.
To the best of our knowledge, no rigorous attempt was made earlier to quantitatively
predict the occurrence of delamination, during a forming process, using adequate
computational models.
In this paper, a computational model is developed and quantified, for which parallel
experimental analyses are conducted. It describes the delamination of a polymer-
metal laminate and the degradation of its interface due to plastic deformation. The
associate model parameters are characterized by a mixed numerical-experimental
approach.
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In previous research, a cohesive zone model was found to be a suitable tool to
describe the interface of a polymer coated steel [21]. A peel test was used as the most
adequate experimental technique to characterize the metal-PET interface, whereby
the materials surrounding the interface have been characterized along with the
required constitutive models [18].
In this paper, the interface model is extended with an interfacial pre-damage contri-
bution, which accounts for the gradual loss of adhesion due to substrate roughening.
Surface roughening partially deteriorates the adhesion between the coating and
the substrate, and thus a relation between the roughness and the adhesion is to be
established. The evolution of the surface topography is not modelled explicitly, as
was done by e.g. Van Tijum et al. [100]. Instead, the roughness is coupled to the
effective plastic strain in the substrate and the loss of adhesion is related to this
plastic history variable.
The relation between the roughness and the accumulated strain is investigated ex-
perimentally by uniaxially stretching the polymer coated steel and by determining
the roughness at different strain levels. The adhesion of the coating is quantified by
peel tests on pre-deformed specimens in conjuncture with peel simulations, making
use of a mixed numerical-experimental parameter identification procedure.
Materials and experimental set-up are first discussed. Next, the methodology of
pre-deforming specimens is described and the experimental quantification of the
surface roughness is detailed. Subsequently, the numerical and constitutive models
are described. Experimental results are discussed and the proper characterization of
the relevant parameters is made.

6.2 Materials and experimental set-up

The substrate of the studied material system is a batch annealed deep-drawing steel.
The yield stress is 250 MPa, the ultimate (engineering) tensile stress is 310 MPa and
the (engineering) linear strain at break is approximately 25%. The steel is coated with
chromium in order to improve the adhesion of the polymer layer [12]. The polymer
coating consists of two layers: a thin adhesion layer and a significantly thicker poly-
ethylene terephthalate (PET) layer. The overal thickness is 30 µm. The adhesion layer
is made of PETG (which is a modification of PET with glycol side groups) and sev-
eral additives to make it stronger.
During the preparation of the peel specimens the polymer coating was covered with
adhesive tape to prevent damage. First, specimens of 40× 8 mm2 were cut from the
polymer coated sheet with a conventional steel cutter. Secondly, the width of the
specimen was reduced to 3.5 mm by grinding the edges with SiC-paper, which also
removed the burrs induced by the cutting. The specimens were pre-deformed to 5%,
10%, 15% or 20% strain by uniaxial stretching with a clamp speed of 50 µms−1 in a
Kammrath&Weiss micro tensile stage using a 500 N loadcell. Subsequently, a groove
was milled in the back of the specimens, as shown in figure 6.2a. The 90 degree peel
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specimens consist of two peel specimens, firmly glued together at one side of the
groove. The 90 degree peel specimens were first loaded uniaxially, as shown in fig-
ure 6.2b, until the steel substrate fractures at the location of the groove, keeping the
polymer layer intact. The bonded part is placed between two parallel steel plates,
allowing it to move vertically. The advantage of this set-up is that the peel angle re-
mains consistently equal to 90 degrees (as shown in figure 6.2c). Since the specimens
show statistical variations in width and coating thickness, it is necessary to measure
the width and coating thickness of every individual specimen prior to testing [18].

Figure 6.2: (a) The grooved pre-strained specimen geometry (specimen is shown up-
side down). (b) Fracturing of the substrates initiates delamination. (c) Experimental
set-up of a 90 degree peel test.

The specimens were peeled in a micro tensile stage with a clamp speed of 25 µms−1.
The temperature (23±2 oC) and the relative humidity (27±9%) both influence the
mechanical behaviour of PET [36, 54] and were therefore monitored during the ex-
periments. Before starting the peel test, the tensile stage is installed in a closed plex-
iglass box to minimize environmental disturbances.
Regarding the variations in the initial cross-section A0 of the coating, the peel force
F, recorded during the peel test, is normalized:

F∗ =
F A∗

A0
(6.1)

where F∗ is the normalized peel force and A∗ = 3.5 · 0.030 = 0.105 mm2 is a
reference cross-section, representative for the whole specimen series [18].
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6.3 Roughness and surface mapping

The roughness is quantified from surface height profiles, which are measured with a
Sensofar Plµ 2300 optical profiler in confocal mode. An objective with 50× magnifi-
cation was used and a surface height profile was determined at 15 locations on every
specimen. At each location an area of 660× 500 µm2 was covered by stitching 3× 3
individual measurements. The surface of the substrate was measured at its uncoated
side, since it is identical to the surface of the coated side and since it allows for better
measurements in the absence of an intermediate, optically disruptive, layer.
A surface height profile of an undeformed steel substrate is shown in figure 6.3. In
this image a clear surface texture can be seen, resulting from the rolling of the sheet
metal.

Figure 6.3: Surface profile of an undeformed steel substrate measured with an opti-
cal imaging profiler (250×170 µm2).
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6.3.1 Quantifying roughness

Steel is a poly-crystalline metal and surface height profiles comprise several length
scales [83]: sub-grain scale, grain scale and multi-grain scale. At the sub-grain scale
dislocation glide results in the appearance of slip steps at the surface, which can be
observed in a surface height map, as shown in figure 6.4. Grains have different out-
of-plane surface displacements depending on their orientations, resulting in orange
peel at the grain scale level. At the multi-grain scale, several grains may collectively
deform, inducing ridging and roping of the surface.
The microstructure of the substrate and the grain orientations are analyzed with Ori-
entation Imaging Microscopy (OIM) of which a typical micrograph is shown in fig-
ure 6.5. In this figure, a representable microstructure of the rolled steel can be seen.
The area averaged grain size is 46 µm, where the orientations of the grains are indi-
cated.

Figure 6.4: Height profile of a 20%
stretched specimen revealing slip bands
(80×60×2.5 µm3).

Figure 6.5: Micrograph cre-
ated with OIM showing mi-
crostructure and grain orienta-
tions of the undeformed steel
(475×500 µm2).

A classical method of representing roughness is the root-mean-square (Rq) value of
the surface topography, which reads for a discretized surface height profile:

Rq =

√√√√ 1
Ny Nx

Ny

∑
j=1

Nx

∑
i=1

h2
i, j (6.2)

where hi, j is the height of a point (i, j) on the surface with a total number of Nx × Ny

points. A disadvantage of the root-mean-square value is that it does not discrimi-
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nate between directions and does not yield directional characteristic length scales of
the surface topography. In this paper, the roughness parameters are extracted from
height-height correlation functions. The correlation function is commonly defined
along a line [108, 116]. Here a correlation function is presented that correlates the
height h of a point with coordinates (x, y) in an area

{− L
2 ≤ x≤ L

2 ,−H
2 ≤ y≤ H

2

}
, with

the height of the points on a circle with radius r centred on (x, y) (see figure 6.6):

g(r) =
1

H L 2πr

H
2∫

y=− H
2

L
2∫

x=− L
2

2π∫

θ=0

[h(x+r cos(θ), y+r sin(θ))− h(x, y)]2 dθ dx dy

(6.3)

Applied to a discretized digital surface height map, hi, j, equation (6.3) becomes:

g(r) =
1

Ny Nx Nr

Ny

∑
j=1

Nx

∑
i=1

Nr

∑
k=1

[
hi(k), j(k) − hi, j

]2 (6.4)

where Nx and Ny are the dimensions of the height map matrix with indices i and j
and Nr is the number of points hi(k), j(k) on the circle.

Figure 6.6: The correlation function is
calculated over all points on a circle
with radius r and centre h(x, y). A
directional correlation function with
angle θ̂ is determined by using four
points.

Figure 6.7: Directional correlation
function at evolving radii.
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The height-height correlation function can be written as [98]:

g(r) = 2w2 f (r) with
{

f (r) = r2α for r ¿ ξ

f (r) = 1 for r À ξ
(6.5)

where w is the root-mean-square of the height distribution, ξ a correlation length and
α a scaling exponent. A directional dependent correlation function, and correspond-
ing roughness parameters, can be derived from equation (6.3). This is achieved
by summation over the points (i, j), which are located on the circle with radius r
and, based on the rolling symmetry, at the angles θi, j =

{
θ̂, π−θ̂, π+θ̂, 2π−θ̂

}
. An

example for θ̂ = 0.4π is shown in figure 6.6. Obviously, orientations parallel to the
x- and y-axis yield only two points. An example of a correlation function (θ̂ = 0)
is plotted on a double logarithmic scale in figure 6.7. The function is linear with a
slope 2α until the distance r is in the order of ξ . For larger values of r, the correlation
function reaches a constant value of 2w2. Points where r < ξ are correlated to each
other, whereas points with r > ξ are not. The deviations from a horizontal line for
high values of r are caused by the averaging over a limited number of available data
points.
Analyzing the roughness with a correlation function has the advantage that the pa-
rameters yield a correlation length. However, the methodology and small variations
in the experimental set-ups and post-processing may influence the determined value
of ξ . Therefore, ξ is to be interpreted as a length scale qualifier instead of a quantifier.

6.4 Constitutive and computational model

In this section, relevant aspects of the underlying theoretical and numerical model
are discussed. First, the constitutive models of the steel and the polymer are detailed.
Then, the interface model is elaborated. Finally, the peel test model is described.

6.4.1 Constitutive modelling

The steel is deformed elasto-plastically during pre-straining and has a passive role
during the peel test. So, the exact constitutive response of the steel is not relevant,
only its accumulated strain. An explicit description of the surface roughening pro-
cess is not made at the scale of interest. Therefore, the steel is modelled with a stan-
dard elasto-plastic model with isotropic hardening. The evolution of the yield stress
σy is described by a power law:

σy(ε̄p) = A
(
ε0 + ε̄p

)n (6.6)
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where A, ε0 and n are material parameters and in which ε̄p is the effective plastic
strain, compiled from its rate ˙̄εp by:

ε̄p =
∫

˙̄εp dt (6.7)

The steel material parameters of equation 6.6 are determined from an uniaxial ten-
sile test on a dog bone shaped specimen, leading to: A = 477 MPa, ε0 = 0.002 and
n = 0.10. Its isotropic elastic parameters are the Young’s Modulus (E = 211 GPa)
and the Poisson’s ratio (ν = 0.3).
Contrary to steel, the constitutive model of the polymer coating and its parameters
are essential for the simulation of the peel tests. Therefore, a 3D constitutive model is
used to capture the large strain, time dependent mechanical behaviour of the poly-
mer layer [60]. The constitutive model is a compressible generalization of the Leonov
model [65], initially proposed by Baaijens [10]. In the model a distinction is made be-
tween: (1) the contribution of secondary interactions between polymer chains, which
determine the (visco-)elastic properties at small deformations and the plastic flow;
and (2) the entangled polymer network, which governs the strain hardening. Ac-
cordingly, based on the original work of Haward and Thackray [53], the total Cauchy
stress σ is decomposed in a driving stress σ s and a hardening stress σ r:

σ = σ s +σ r (6.8)

Figure 6.8: (a) Compressible Leonov model (b) Schematic σ(ε) curve of PET.

The hardening is modelled with a neo-Hookean relation [93]:

σ r = Gr B̃d (6.9)

where Gr is the strain hardening modulus and B̃d is the deviatoric part of the iso-
choric left Cauchy-Green deformation tensor. The driving stress is decomposed into
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a deviatoric stress σ d
s and a hydrostatic stress σ h

s :

σ d
s = G B̃d

e and σ h
s = κ (J − 1) I (6.10)

where G is the shear modulus, B̃d
e the deviatoric part of the isochoric elastic left

Cauchy-Green strain tensor, κ the bulk modulus, J the volume change factor, and
I the unity tensor. The evolution of J and B̃d

e is given by the following kinematical
equations:

J̇ = J tr(D) (6.11)

◦
B̃e = (Dd − Dp) · B̃e + B̃e · (Dd − Dp) (6.12)

Here
◦
B̃e is the objective Jaumann rate of B̃e and Dd the deviatoric part of the rate of

deformation tensor. The plastic deformation rate tensor Dp is related to the deviatoric
part of the driving stress σ d

s :

Dp =
σ d

s

2η
(6.13)

The viscosity η was originally described by an Eyring relationship [39]. It was ex-
tended to incorporate pressure dependency and intrinsic strain softening [48]:

η(T, p, τ̄ , S) = η0,r(T) exp
(

µp
τ0

)
exp(S)

τ̄/τ0

sinh(τ̄/τ0)
(6.14)

where η0,r denotes the zero-viscosity for the completely rejuvenated state, T is the
temperature, µ is the material parameter describing the pressure dependence and S
is a state parameter. The hydrostatic pressure p, the characteristic stress τ0 and the
effective stress τ̄ are defined as:

p = −1
3

tr(σ) ; τ0 =
kT
V∗ ; τ̄ =

√
1
2

tr(σ d
s ·σ d

s ) (6.15)

with k Bolzmann’s constant and V∗ the activation volume. The state parameter S is
decomposed into a factor Sa, which captures the thermo-mechanical history of the
material, and Rγ(γ̄p), which describes the softening kinetics [60]:

S(γ̄p) = Sa Rγ(γ̄p) (6.16)

where γ̄p is the effective plastic strain. Klompen et al. [60] made use of the Carreau-
Yassuda function to describe the softening characteristic:

Rγ(γ̄p) =
(1 + (r0 exp(γ̄p))r1)(r2−1)/r1

(1 + r0
r1)(r2−1)/r1

(6.17)
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where r0, r1 and r2 are material parameters. The initial value of S equals Sa since
the value of Rγ is initially normalized to 1 and decreases towards 0 with increasing
plastic strain. In previous work, the PET coating has been characterized and the
material parameters are given in table 6.1 [18]. In figures 6.9 and 6.10, the simulated
true stress-true strain tensile curves of the steel and PET are shown.

Table 6.1: PET material parameters
E ν Sa η0,r τ0 µ Gr r0 r1 r2

[GPa] [−] [−] [Pas] [MPa] [−] [MPa] [−] [−] [−]
2.03 0.4 12.4 5.35·103 2.13 0.047 11.45 0.99 237 -11.6

Figure 6.9: The true stress - true strain
response of the steel.

Figure 6.10: The true stress - true
strain response of the PET coating.

6.4.2 Stress relaxation

After the substrate has been pre-deformed, the peel test cannot be performed imme-
diately due to practical limitations (further specimen preparation and modification
of the experimental set-up). Since the coating is visco-elastic it will experience stress
relaxation in the period between these two steps (pre-deforming and peeling). As
shown further on, the time-dependent relaxation influences the peel force signifi-
cantly and therefore needs to be taken into account for the extraction of the interface
parameters from the experimental data.
Stress relaxation occurs when the PET coating is stretched and kept at a constant
strain by the plastically deformed substrate. Although the substrate prevents in-
dependent macroscopic deformation of the polymer film at the interface, the stress
relaxation of the polymer coating still proceeds. The penetration depth of the molec-
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ular chains bonded to the substrate is in the order of tenths of nm, which is negligible
compared to the coating thickness of 30 µm and therefore individual molecular chain
movements remain possible.
The generic behaviour of the adopted constitutive model is illustrated in figure 6.11,
where the loading of the model and the resulting stress response are shown as a func-
tion of the time and strain. Stress relaxation takes place between t1 and t2. As can be
seen in figure 6.11a, at t = t∗ the model predicts the occurrence of a stress plateau,
which is caused by the stress that remains in the hardening spring of the model (see
figure 6.8a).

Figure 6.11: Schematical representation of the stress-time and stress strain behaviour
of the PET model. Stress relaxation takes place between t1 and t2 and after reloading
a peak can be observed due to ageing.

The employed constitutive model captures the stress-strain behaviour of a glassy
polymer where a single molecular relaxation process (α-process) governs the stress
response. However, PET has multiple relaxation processes, e.g. the secondary glass
transition (β-process) [24,44]. In the current state of the model, η0,r is a constant with
its value determined for high strain rates in the necking region by Van den Bosch et
al. [18]. Considering the multiple relaxation processes, the zero-viscosity η0,r is a
function of the strain rate and has different values for high and low strain rates. Dur-
ing stress relaxation the corresponding zero-viscosity should be orders of magnitude
higher than η0,r [24]. Consequently, the model logically underestimates the required
time to relax the driving stress.
Due to the plastic deformation the polymer is mechanically rejuvenated. Thus, in
the time span between the pre-deformation of the specimen and the peel test, stress
relaxation and ageing take place. Due to residual stresses, the ageing is acceler-
ated [60] and manifests itself through the appearance of a stress peak upon reloading,
as shown in figure 6.11.
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At the onset of reloading (t = t2), the material has already experienced a large effec-
tive plastic strain accompanied by strain softening, thus no stress peak can appear
upon reloading. Since ageing kinetics are not incorporated in the currently employed
version of the model, the model is intended to be used for either short relaxation
times (no ageing yet) or fully aged state (ageing nearly fully completed). The latter
state can be captured by restoring the value of γ̄p to zero at t = t2, which will in-
corporate the re-appearance of the stress peak as a result of ageing. Since a general
time-dependent characterization of the interfacial behaviour is obviously limited at
the present, the characterization needs to be done in one of the two states in which
the model can be made applicable. For the experimental results at hand, the (nearly)
fully aged state can be used to this purpose, under certain assumptions as justified
in section 6.5.2.
Research is ongoing to improve the constitutive model of the polymer to account for
a full time-dependent behaviour. A multi-mode version of the model has already
been developed [59, 61, 94] but still requires characterization and implementation
into the existing constitutive framework. Ageing kinetics are implemented in the
latest version of the model [60] but require experimental identification of the param-
eters. Additionally, efforts are undertaken to extend the description of the hardening
branch with strain rate and temperature dependency.

6.4.3 Constitutive modelling of the interface

In previous work, it was shown that the polymer coating delaminates from the steel
substrate through the formation of fibrils [22]. A large displacement framework was
there developed for the cohesive zone model, relying on a single relation between
the traction ~T and the opening displacement ~∆:

~T = ~f (~∆) ~T = T~e , ~∆ = ∆~e , ||~e|| = 1 (6.18)

The opening displacement is calculated between two points, initially bonding both
sides of the interface, see figure 6.12. The cohesive zone model presented in this
paper, is based on a mode-dependent cohesive zone law with a large displacement
formulation [18]. The traction-opening relation reads:

T =
φ

δ

(
∆

δ

)
exp

(
−∆

δ

)
exp

(
α

d
2

)
(6.19)

where φ is the work-of-separation, δ a characteristic length, α a mode-mixity param-
eter and d a measure characterizing the opening mode. Equation (6.19) is shown in
figure 6.13, where Tmax = φ/(exp(1) · δ). The opening mode of the cohesive zone is
quantified by the variable d:

d = ||~d1 − ~d2|| (6.20)
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Figure 6.12: Interfacial opening dis-
placement ~∆ between two initially
bonded material points.

Figure 6.13: A traction-separation
curve (Eq. 6.19) with φ = 100 Jm−2,
δ = 1 µm and α = 0.

In a two-dimensional cohesive zone, as shown in figure 6.14a, ~d1 and ~d2 are the pro-
jections of the normals ~n1 and ~n2 of the two cohesive zone faces on the direction
perpendicular to ~∆. Consistently, in a 3D context, ~d1 and ~d2 are the projections on Sn,
which is a plane with normal ~∆ (see figure 6.14b).

Figure 6.14: The opening mode of a cohesive zone is determined through the pro-
jections of the edge/face normals on a plane perpendicular to the opening displace-
ment vector.

The cohesive zone model is next extended to describe the (partial) loss of adhesion
due to substrate roughening. The variable ε̄p is used to quantify the plastic deforma-
tion experienced by the substrate, and hence also the interface. The loss of adhesion
is captured by a gradual reduction of the interfacial bonding energy, which the co-
hesive zone dissipates upon opening. To that purpose, an interfacial pre-damage
variable ω(ε̄p) is introduced relating the work-of-separation φ(ε̄p) of a pre-stretched
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cohesive zone to the initial work-of-separation φ0 of the interface without any pre-
damage:

φ(ε̄p) =
(

1−ω(ε̄p)
)

φ0 (6.21)

The relation ω(ε̄p) is to be extracted from experimental measurements and is dis-
cussed in more detail in section 6.5.2. The traction-separation law proposed in equa-
tion (6.19) is extended with the interface pre-damage formulation of equation (6.21),
giving:

T =
(1−ω(ε̄p)) φ0

δ

(
∆

δ

)
exp

(
−∆

δ

)
exp

(
α

d
2

)
(6.22)

Even though, the value of ε̄p is available during the simulation at the integration
points of the elements characterizing the substrate, it is computational more efficient
to estimate it at the level of the cohesive zone element.

Figure 6.15: Section of a 2D finite element model where cohesive zones are present
between the coating and substrate. The current cohesive zone length (`n) is deter-
mined from the distance between the substrate nodes 1 and 2.

In figure 6.15, a section of a 2D finite element model is shown. The initial cohesive
zone length `0 is defined as the initial distance between nodes 1 and 2. The length of
the cohesive zone in increment n equals `n, which is dictated by the stretched sub-
strate element. Therefore, the true surface strain in the underlying substrate element
equals:

εn = ln
(

`n

`0

)
(6.23)

and the incremental true strain in increment n can be calculated:

∆εn = εn −εn−1 = ln
(

`n

`n−1

)
(6.24)
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Thus, the effective strain in increment n, in an underlying substrate element can be
calculated:

ε̄n =
n

∑
i=0
|∆εi| (6.25)

At the substrate, it is assumed that the elastic part of the strain is negligible compared
to the plastic part and therefore ε̄n

p = ε̄n.

6.4.4 Computational peel test model

In previous work, it has been shown that plane-strain models of peel tests provide
results with only a 0.2% difference in peel force compared to a 3D model, while re-
ducing computational times considerably [18]. Therefore, the delamination of poly-
mer coated steel during a 90 degree peel test is simulated by a plane-strain model in
a finite element solution context.
The model is discretized with four-node quadrilaterals. The steel substrate is mod-
elled as a single element with a standard elasto-plastic constitutive model with
isotropic hardening (see section 6.4.1). Locking of the steel element is not expected
since its height reduction is unconstrained during stretching and locking of the poly-
mer elements does not occur because the constitutive model is compressible. The
cohesive zones are located between the coating and the substrate and have an initial
zero thickness. The bottom nodes of all cohesive zone elements are tied to the up-
per nodes of the steel substrate. The coating is discretized with 11 elements over the
thickness with a length of 1 µm. The pre-straining of the substrate and the subsequent
peel test are achieved by appropriate displacement controlled boundary conditions.
An example of a deformed model geometry is shown in figure 6.16.

Figure 6.16: Results of a peel simulation. Colours indicate the value of γ̄p.
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6.5 Results

In this section, the results of the peel tests and simulations are discussed. First, the
relation between the pre-deformation and the surface roughness is elaborated. Then,
the stress relaxation in the polymer is discussed, whereafter the peel tests can be
interpreted. Subsequently, a mixed numerical-experimental parameter identification
procedure is used to determine the function φ(ε̄p).

6.5.1 Pre-deformation and roughness

The roughness, which is determined in a small area, should be related to the average
strain in the same area. Due to the manual specimen preparation, some specimens
have slightly non-parallel edges. During pre-deformation, this variation leads to a
slightly non-homogeneous strain field. Images are captured during the stretching of
a paint-textured specimen (see figure 6.17a). The displacements of the paint spots are
recorded and post-processed with an image correlation algorithm, which results in a
strain field (see figure 6.17b) from which the local strain can be extracted.

Figure 6.17: (a) Microscopic images of a paint-textured specimen before (top)
and after 20% global uniaxial pre-strain (bottom). (b) The calculated linear (non-
homogeneous) strain field in tensile direction.

The surface height profile of every specimen is measured at 15 locations. The param-
eters ξ , w and α of the correlation function (equation 6.5) are determined for each
surface height profile for several values of θ̂. As an example, three correlation func-
tions of the unpolished specimens (with θ̂ = 0) at different pre-strains are shown
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in figure 6.18. The value of the characteristic length ξ increases with the strain, as
well as the roughness parameter w. The correlation length as a function of the strain
of the polished specimens for several angles is shown in figure 6.19, where θ̂ = 0
equals the tensile direction. For low pre-strains, the value of ξ cannot be determined
because the polished specimen is too flat, causing all points to be correlated to each
other. The calculated values of ξ for low pre-strains (<5%) in figure 6.19 are there-
fore an artefact of the post-processing algorithm and have no physical meaning. The
other values of ξ are in the same order of magnitude as the average grain size of the
material, which indicates that points within a grain are correlated to each other. As
shown in figure 6.19, for a constant pre-strain, ξ is higher for lower values of θ̂. This
is caused by the initial microstructural anisotropy of the material: initially, grains
are longer parallel to the rolling direction of the steel (x-direction), which is also the
tensile direction and corresponding to θ̂ = 0. With increasing pre-strain, ξ increases
for θ̂ = 0, as a result of the stretching of the grains in the tensile direction.

Figure 6.18: The correlation functions
for 0%, 10% and 20% pre-strained
specimens.

Figure 6.19: Correlation length of pre-
strained polished specimens for sev-
eral directions θ̂.

The roughness w as a function of the (linear) strain for the unpolished and polished
specimens is shown in figure 6.20. Trivially, an increase in strain leads to an in-
crease in roughness. The relation w(ε) for a polished specimen is linear, as already
studied by e.g. Yamaguchi et al. [111] and Wouters et al. [107] and is independent
of the direction in which the correlation function is determined. For the examined
unpolished steel, the initial surface topography results in a comparatively high ini-
tial roughness value. The influence of an increasing strain on w is initially small
because the topographical surface changes are small compared to the initial (rolling
induced) roughness. After approximately 5% strain, the slope, dw/dε, of the w(ε)
curve increases, indicating a large contribution from straining. The initial surface
roughness also influences the absolute value of w. For the unpolished specimen, the
roughness is higher in y-direction (θ̂ = 1/2π) because the surface height profile in y-
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direction contains the cross-sections of all the rolling bands, whereas a height profile
in x-direction does not. The slopes of the polished and unpolished lines (at ε > 5%)
are nearly equal, emphasizing that the evolution of the roughness is dominated by
the imposed deformation and not the initial surface topography. However, the initial
roughness due to rolling remains superimposed on the strain-induced roughness.

Figure 6.20: The roughness w as a
function of the strain. x is directed
parallel to the rolling and tensile di-
rection.

Figure 6.21: The correlation length ξ

as a function of the strain. x is directed
parallel to the rolling and tensile di-
rection.

In figure 6.21, the correlation length ξ is plotted as a function of the strain. For the
unpolished specimens a gradual increase of ξ in x-direction can be noticed. For the
polished specimen, ignoring the points at low pre-strains, similar values are found.
The increase for ξ in tensile direction is related to the stretching of the grains parallel
to the tensile direction. The evolution of ξ for both types of specimens perpendicular
to the tensile direction is expected to decrease, however, for the polished specimens
only a tiny decrease is observed. For the unpolished specimens, an increase of ξ

can be seen. The initial correlation length is related to the initial surface topography,
which is, for the unpolished specimens, prescribed by the rolling bands (as shown
in figure 6.3). At higher pre-strains, the surface topography becomes more and more
dominated by the topography resulting from the deformation. As can be seen in fig-
ure 6.21, ξ for the unpolished specimen in both directions at ε > 7.5% is in the same
range as the correlation length found for the polished specimens.
With the presented method, the roughness in different directions can be character-
ized by the parameters w and ξ and the results show that the microstructure as well
as the initial surface topography have an influence on the development of rough-
ness during pre-straining. However, the correlation length as defined in literature
obviously depends on the amount of data points taken to determine α and w, and is
therefore mainly a qualitative length scale.
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6.5.2 Peel tests

In this section the results of the peel tests are discussed. First, the characteristics of
the measured force-displacement curve are highlighted. Then, the influence of stress
relaxation in the PET is discussed. Subsequently, the peel force as a function of the
pre-deformation is presented. Finally, the parameter identification procedure is used
to determine the interface parameters in the fully aged state of the PET layer.

Force-displacement curves

The peel test set-up is introduced in section 6.2. In figure 6.22, the force-displacement
curves of an undeformed and a pre-deformed specimen are shown. Both curves

Figure 6.22: The normalized peel force as a function of the clamp displacement of
two 90o peel specimens with and without pre-deformation.

converge towards a quasi-static normalized peel force plateau. The curve of the pre-
deformed specimen shows a non-smooth behaviour. First, at the onset of delam-
ination, a stable force plateau is reached, whereafter the force increases and subse-
quently decreases again. This behaviour is attributed to the heat affected zone caused
by milling a groove in the specimen. The temperature increase enables the coating to
relax its stresses and experience accelerated ageing. After the heat affected material
has been delaminated, a force plateau is reached of which the normalized peel force
is determined.
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Stress relaxation

To use the peel test results of pre-deformed specimens to characterize the interface,
the stress relaxation in the coating has to be taken into account. Peel tests with
10% pre-deformation have been performed with relaxation times ranging from 45
minutes to a week. The results are plotted in figure 6.23. A clear increase of the
normalized peel force as a function of the relaxation time can be observed. It is
expected that the peel force will level off for higher relaxation times (slowdown
of the ageing process). The curve is bounded for low relaxation times because of
practical limitations in specimen handling. Figure 6.23 suggests that in a general
context, it is imperative to know the time lapse between pre-deformation and peel
testing of a specimen, before a mixed numerical-experimental parameter identifica-
tion procedure can be used.

Figure 6.23: Experimental results of 10% pre-deformed specimens where the nor-
malized peel force is given as a function of the relaxation time.

Peel force as a function of the pre-strain

The peel tests were performed on specimens with 0, 5, 10, 15 and 20% pre-strain and
a relaxation time of three days. The results are shown in figure 6.24. With the param-
eter identification procedure, the interface parameters can be determined in the fully
aged state when two reasonable assumptions are made:
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Figure 6.24: The normalized peel force as a function of the pre-deformation. The
markers indicate the experimental measurements, which are shifted upwards to
compensate for the ageing. The dashed line indicates the simulated peel forces of a
stress-free model without pre-damaged interface.

(1) Peel forces as a function of the strain are approximated through a first-order linear
dependency. As shown in figure 6.24, this linear approximation (on averaged sam-
ples) does not pass through the experimental measurements at 0% (which were fully
aged). This discrepancy is caused by the difference in ageing time (∆t) between de
undeformed and deformed specimens. Assuming that the ageing has an equal effect
on all pre-strained samples, the fully aged state can be estimated through a linear
relation obtained by shifting the deformed data points towards the curve that passes
through the fully aged state at 0%.
(2) After ageing, all material points are in a fully aged state represented by the virgin
stress-strain curve without prior deformation history, see section 6.4.2.
With these two assumptions, the interface parameters can be determined in a fully
aged state with the combined numerical-experimental parameter identification pro-
cedure. Due to the pre-deformation, the sample geometry has changed and the coat-
ing has decreased in width and thickness. Since a stress free state is assumed after
relaxation, the reloading during the peel test is simulated by a model with an initially
reduced coating thickness (and width) and a fully aged stress-free polymer material.
In figure 6.24, the simulation results of this model are shown where the interface is
not subjected to any pre-damage (φ = φ0). The pre-damaging of the interface, due to
pre-straining, results in a gradual decrease of the peel force as a function of the strain.
A parameter identification procedure is used to determine the work-of-separation at
5, 10, 15 and 20% pre-strain.
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The results of the parameter identification procedure are shown in figure 6.25. The
interface pre-damage function ω(ε̄p) is determined from equation (6.21) and the rela-
tion φ(ε̄p). A quadratic approximation results in an adequate match with the work-
of-separation found through the parameter identification procedure, leading to the
following expression for the pre-damage function:

ω(ε̄p) = 1− φ(ε̄p)
φ0

= γ1ε̄
2
p + γ2ε̄p (6.26)

where γ1 = 0.91 and γ2 = 0.15. The maximum used (uniaxial) pre-strain is 0.2,

Figure 6.25: The work-of-separation as a function of the effective plastic strain.

because higher strains result in strain localization and subsequent failure of the spec-
imen. In an industrial deep-drawing process the maximum effective plastic strains
are typically in the order of 0.5-0.7, where the effective plastic strain is composed of
multi-axial strains that are induced by non-homogeneous loading paths under com-
plex boundary conditions. Therefore, to make the interfacial characterization more
accurate with the purpose of improving the predictability of delamination during
deep-drawing, peel specimens can be manufactured from deep-drawn cups, and an-
alyzed with the combined numerical-experimental procedure presented in this pa-
per.
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6.6 Conclusions

A combined numerical-experimental approach allows to characterize and model the
interfacial behaviour of a PET coated steel in a qualitative and quantitative manner,
including the pre-damaging of the interface due to pre-straining. The following con-
clusions are drawn:

• The roughness as a function of the strain follows a linear relation for polished
specimens. For unpolished specimens, the initial surface topography leads to
an offset in the initial value of the roughness and an initial slower increase in
roughness, as a function of the strain.

• Stress relaxation takes place after specimens have been pre-strained and has a
pronounced influence on the peel test results.

• With certain assumptions, the interface of pre-strained polymer coated steel is
quantified by an inverse parameter identification method and leads to a quan-
titative relation between the work-of-separation and the plastic strain.

Within this context a number of original contributions have been realized, among
which:

• The application of a directional dependent correlation function to characterize
the anisotropic evolution of the surface roughness due to pre-straining.

• The development of a cohesive zone model with an additional interface pre-
damage formulation to account for the prior loss of adhesion due to substrate
roughening.

• The quantitative characterization of pre-damaged interfaces due to pre-
straining, using a mixed numerical-experimental method.

• The qualitative assessment of the importance of stress relaxation in interfacial
delamination, which has to be taken into account for the time-dependent anal-
ysis of pre-stained polymer coated steel.







A state-of-the-art calculation requires 100 hours
of CPU time on the state-of-the-art computer, in-
dependent of the decade.

Edward Teller

CHAPTER SEVEN

On the prediction of delamination during
deep-drawing of polymer coated metal

sheet1

This paper describes the development and application of a numerical model that
can predict the delamination of the polymer coating from the steel substrate during
deep-drawing. Experimentally characterized cohesive zones are used to describe
the interface between the polymer and the steel and are capable of modelling de-
lamination or a prior partial loss of adhesion during an axisymmetric deep-drawing
simulation. A parameter is proposed that quantifies the interfacial integrity and is
used to assess the influence of the tooling radii, the clearance between the punch and
the die and the coating thickness on the interfacial integrity.

7.1 Introduction

Traditionally, products like aerosols, beverage and food cans, beer caps and luxury
products are made from sheet metal. After the forming steps, the product is cleaned
and lacquered to prevent corrosion, giving its surface a glossy appearance and assur-
ing a good printability. Currently, more and more products are made from polymer
coated sheet metal, making subsequent lacquering steps partially superfluous. This
naturally implies considerable cost savings and eliminates the emission of volatile
organic compounds [29, 49].
A deep-drawing forming operation is the first step in the manufacturing process of
food and beverage cans. Deep-drawing is a technique where a blank is drawn into a
die to form a shallow cup. Deep-drawing introduces large plastic strains in the sub-

1Based on: M.J. van den Bosch, P.J.G. Schreurs and M.G.D. Geers, submitted. [20]
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strate and causes roughening of its surface. The surface roughness results in a partial
loss of adhesion of the coating and may lead to delamination in further processing.
Upon deep-drawing, complex boundary conditions, such as friction, can contribute
to the delamination, leading to failed products as e.g. shown in figure 7.1.

Figure 7.1: Examples of products that show delamination after forming.

Delamination leads to a loss of protective and attractive properties. If it can be pre-
dicted, the parameters and conditions of the manufacturing process can be adjusted
a priori to prevent it. Most research activities on polymer coated metals focus on
corrosion protection or corrosive delamination. Less attention is given to the indus-
trial forming of coated metals by means of deep-drawing [28, 64, 71]. Some recent
papers deal with loss of adhesion and recovery of polymer coated steel. For exam-
ple, Fedorov et al. [42] experimentally measured the loss of adhesion of pre-strained
specimens and the recovery of the adhesion through annealing. Van Tijum [98] nu-
merically investigated the loss and recovery of adhesion of strained polymer-metal
laminates. To the best of our knowledge, rigorous attempt was made earlier to quan-
titatively predict the occurrence of delamination during a forming process, using
adequate computational models.
This paper describes the development and application of a numerical model that
can predict the delamination of the polymer coating from the steel substrate during
deep-drawing. In previous research, a cohesive zone model was found to be an ad-
equate approach to describe the interface of a polymer coated steel [21]. A peel test
was used to characterize the metal-PET interface [18]. The influence of substrate pre-
straining on the interfacial properties was investigated by Van den Bosch et al. [23].
All these elements constitute the prime input for the present work.
The goal of this paper is to show that an experimentally identified cohesive zone
model can be used in a numerical deep-draw model to predict the occurrence of
delamination or a prior partial loss of adhesion. First, the constitutive models of
the polymer (poly-ethylene terephthalate, PET) and the steel substrate are discussed.
Next, the cohesive zone model is described. The computational model is elaborated
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and finally the influence of several parameters, relevant for the deep-drawing pro-
cess, on the interfacial integrity is demonstrated.

7.2 Materials and constitutive models

The constitutive model and the material parameters of the polymer coating have
been elaborated in previous work [18] and only the accompanying true stress-true
strain curve is presented here (see figure 7.2). The steel substrate is 210 µm thick and
is coated on two sides with coatings of 30 µm and 15 µm thick. The steel is modelled
with a standard elasto-plastic model with isotropic hardening. The evolution of the
yield stress σy is given by a power law hardening relation:

σy(ε̄p) = A
(
ε0 + ε̄p

)n (7.1)

where A, ε0 and n are material parameters and ε̄p is the effective plastic strain. The
true stress-true strain response of the steel is shown in figure 7.3.

Figure 7.2: The true stress - true strain
response of the PET coating.

Figure 7.3: The true stress - true strain
response of the steel.

7.2.1 Constitutive modelling of the interface

In [22], it was shown that the polymer coating delaminates from the steel substrate
through the formation of fibrils. A large displacement framework was there devel-
oped for the cohesive zone model, relying on a single relation between the traction ~T
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and the opening displacement ~∆:

~T = ~f (~∆) ~T = T~e , ~∆ = ∆~e , ||~e|| = 1 (7.2)

The opening displacement is calculated between two points, initially bonding the
separating sides of the interface, see figure 7.4. The adopted cohesive zone model is

Figure 7.4: Interfacial opening dis-
placement ~∆ between two initially
bonded material points.

Figure 7.5: A traction-separation
curve (Eq. 7.3) with φ0 = 194 Jm−2,
δ = 1 µm, α = 0 and ω = 0.

based on a mode-dependent cohesive zone law with a large displacement formula-
tion accounting for interfacial damage [23]. The traction-opening relation is shown
in figure 7.5 and reads:

T =
(1−ω(ε̄p)) φ0

δ

(
∆

δ

)
exp

(
−∆

δ

)
exp

(
α

d
2

)
(7.3)

where ω is the roughening-induced interfacial damage parameter as a function of the
effective plastic strain ε̄p and φ0 is the initial work-of-separation of the undamaged
interface, ∆ is the opening displacement, δ is the characteristic length, α a mode-
mixity parameter and d the mode-mixity quantifier.
The damage function ω(ε̄p) describes the partial loss of adhesion of the coating due
to substrate roughening. In [23], the interfacial damage has been quantified up to a
strain of 0.2, using a quadratic relation of the type:

ω(ε̄p) = 1− φ(ε̄p)
φ0

= γ1ε̄
2
p + γ2ε̄p with : ωmax = 1 (7.4)

where γ1 = 0.91 and γ2 = 0.15. Since deep-drawing may involve plastic strains
as large as 0.7 quantitative data in the large strain range is missing, necessitating an
extrapolation of equation (7.4). Within this large strain regime, a phenomenological
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description of the loss of adhesion is therefore adopted. Equation (7.4) in its extrap-
olated form is graphically depicted in figure 7.6.

Figure 7.6: The damage as a function of the effective plastic strain following extrap-
olated from equation (7.4), and the parameters obtained in [23].

In [22], a geometrical non-linear solution procedure was presented for a plane-strain
geometry, which has been extended to three dimensions in [19]. The deep-draw
model is axisymmetric and therefore an axisymmetric cohesive zone formulation is
here adopted.

7.3 Computational model

The deep-draw process is simulated with an axisymmetric finite element model. The
model geometry is shown in figure 7.7. The punch, blankholder and die are mod-
elled as undeformable rigid bodies. The polymer coated steel is discretized with
four-noded quadrilateral elements. The mesh is coarsened in parts of the laminate
that experience less plastic strain, to reduce computational costs (see figure 7.7). The
cohesive zones are located between the coating and the substrate and have an initial
zero thickness. The blankholder exerts a force of 17 kN on the blank, which is used
in the engineering practice to prevent wrinkling. The punch moves down with a ve-
locity of 300 mms−1. Coulomb friction is assumed between the tooling and the blank,
with a friction coefficient of µ = 0.1.
Plastic strain in the substrate results in the deterioration of the coating adhesion,
which, in conjuncture with the external loading (e.g. friction), may lead to delamina-
tion. The results of the simulations are assessed by an interfacial integrity parameter
κ, which is defined as the fraction of energy that still can be dissipated at the interface
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Figure 7.7: Axisymmetrical model of the deep-draw setup and the FE discretization
of the blank.

before complete debonding takes place:

κ =
Wd

φ0
with : Wd =

∫ ∞

∆m

T(∆) d ∆ (7.5)

In here, T(∆) is given by equation 7.3 and ∆m is the maximum achieved opening
displacement of the cohesive zone in its loading history. The initial value of κ equals
1, whereas complete interfacial failure corresponds to κ = 0. Equation 7.5 is clarified
by figures 7.8 and 7.9.

Figure 7.8: The dissipated energy as
a function of the normalized cohesive
zone opening.

Figure 7.9: The dissipated energy as
a function of the normalized cohesive
zone opening. The roughening of the
substrate and the opening of the inter-
face take place in a continuous man-
ner (∆ = 7δ ⇒ ω = 1).
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In figure 7.8 a cohesive zone is opened until ∆ = ∆1, thereby dissipating an energy
W1. Next, an immediate roughening of the substrate takes place: ω = 0.7. If the
opening of the cohesive zone is continued, an energy Wd remains to be dissipated
before complete failure. In figure 7.9 the dissipated energy is given as a function of
the opening displacement in the case that the opening of the cohesive zone and the
roughening of the substrate evolve in a continuous manner.

7.4 Deep-drawing analyses

In this section, the influence of several deep-drawing parameters on the interfacial
integrity is assessed. The parameters, which are varied, are: the die radius rd, the
punch radius rp, the clearance between the punch and the die dg, the inner coat-
ing thickness t1 and the outer coating thickness t2, see figure 7.10. The interfacial
integrity is quantified with the minimum value of κ: κmin. In figure 7.10 a typical
example is given of an intermediate state of a deep-drawing process and κ is shown
as a function of r0/rmax, which is the dimensionless initial radius of a material point
of the blank. There can be a difference in interfacial integrity between the inside and
the outside of the blank and therefore κmin will be determined for both sides.

Figure 7.10: An intermediate stage of the deep-drawing process, where κ is given as
a function of r0/rmax.

The simulations have been carried out with the following cohesive zone parameters:
φ0 = 194 Jm−2, δ = 1 µm, α = 0 and a contact stiffness kc = 1010 Nm−2 [22]. There
is no significant difference in the results of the simulations using either a reversible
or an irreversible cohesive zone behaviour upon unloading. This implies that the
irreversible deformations at the interface are small.
In figure 7.11 the influence of the clearance dg on κmin is shown. Where κmin is de-
termined in the last step of the simulation. The smaller dg, the more damage takes
place at the interface. Deep-drawing is a combination of stretching and bending. For
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smaller dg, the stretching is dominating the deformation, leading to larger strains and
more contact with the tooling and thus a more extensive loading of the interface than
is found in bending.
In figure 7.11 a sharp decrease of κmin at the inside can be seen for the smallest dg.
At that stage, the clearance dg is 20 µm smaller than the local thickness of the speci-
men and contact takes place on both sides of the specimen. The polymer coating is
squeezed between the substrate and the punch, which leads to delamination, which
is shown in figure 7.12.

Figure 7.11: Influence of the tool clear-
ance dg on the interfacial integrity.

Figure 7.12: Deformed geometry of an
almost complete drawn cup. Coating
delamination can be observed.

It is well established that the radii of the tooling, and in particular the radius of the
die rd, are among the most relevant parameters of the deep-drawing process. A de-
creasing rd leads to an increasing drawing force and greater overall thinning of the
cup wall [30]. In figure 7.13 the influence of rd on the interfacial integrity is high-
lighted. Obviously, a decrease of rd leads to a more deteriorated interface.
The radius of the punch rp has been varied. The results are not shown here, since it
does not have an noticeable influence on κmin. A decrease of rp does, however, de-
crease the value of κ around the location where the punch nose touches the laminate
(point b in figure 7.10).
The influence of the coating thickness on κmin is shown in figure 7.14. For both the
inside and outside coatings, it holds that an increase in coating thickness leads to a
moderate decrease of κmin. The change of κmin can be explained by the slightly differ-
ent deformation path of the material. A thicker coating, leads to a higher ω(ε̄p) and
trivially a lower κmin.
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Figure 7.13: Influence of the die radius
on the interfacial integrity.

Figure 7.14: Influence of the coating
thickness on the interfacial integrity.

7.5 Conclusion

The deep-drawing of polymer coated steel may lead to delamination of the coating or
interfacial damage that is not yet externally visible. Due to the complexity of the pro-
cess, delamination can only be predicted through accurate numerical simulations. In
this paper, an axisymmetrical deep-drawing model has been developed that can pre-
dict the loss of adhesion of the polymer coating during deep-drawing. The following
conclusions are drawn:

• The loss of adhesion during a deep-draw forming process is a combination
of substrate roughening due to plastic strains and external conditions such as
friction.

• If the clearance between the punch and the die becomes too small, the coating
on the inside of the cup is squeezed out of the tooling, triggering delamination.

• The radius of the die is an important parameter and has substantial influence
on the interfacial integrity. The radius of the punch on the other hand has only
a minor influence.

• An increase of the coating thickness leads to a minor decrease of the interfacial
integrity.

• The developed tool predicts the occurrence of delamination at the top of the
cup, which is in agreement with experimental observations shown in figure 7.1.

• The developed model provides insight needed to decide on intermediate re-
covery steps during the forming of a product to partially restore the interfacial
integrity and prevent delamination in subsequent forming steps.
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Some recommendations are made for further research:

• The model is currently using an axisymmetrical approximation, which does not
allow for the description of the anisotropic material behaviour of sheet metal.
Therefore, a 3D deep-drawing model would provide better predictions.

• Redrawing is more demanding for the interface than deep-drawing, adjusting
the tooling geometry and the boundary conditions allows the model to predict
delamination in this second forming step.







CHAPTER EIGHT

Conclusions

The research presented in this thesis aimed to achieve predictive capabilities of de-
lamination in polymer coated metal sheet. A combined numerical-experimental ap-
proach has thereby been adopted. The experimentally observed physical mecha-
nisms of coating delamination inspired the adequate development of a numerical
description of the interface. Dedicated experimental set-ups have been developed
to characterize the interface and the materials. Suitable constitutive models for both
the coating and the substrate have been implemented and the associated parameters
have been quantified. Finally, a computational methodology has been developed to
predict coating delamination in an industrial deep-drawing process. The main con-
clusions of the research are:

• Cohesive zone models are a suitable tool for the description of fracture and de-
lamination processes in the materials of interest. Although widely used, the
exponential cohesive zone law of Xu and Needleman describes an unrealistic
behaviour under mixed-mode loading. Therefore, an alternative exponential
cohesive zone law is proposed that reflects a more realistic mixed-mode be-
haviour.

• The delamination of the polymer layer from a steel substrate takes place by
fibrillation and involves large displacements and deformations at the interface
and surrounding bulk materials. A cohesive zone model with a small displace-
ment formulation may yield ambiguous results under these conditions. There-
fore, a cohesive zone model with a large displacement formulation has been
proposed, based on the observed fibrillation process. Additionally, under non-
uniform mixed-mode delamination, the employed large displacement formu-
lation is not sensitive to the detailed shape of the cohesive zone law.

• The peel test is a suitable technique to study the delamination of a PET coating
from a steel substrate. Therefore, zero and ninety degree peel tests have been
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investigated experimentally and numerically, allowing the determination of the
interface parameters using an inverse parameter identification procedure.

• A successful use of a mixed numerical-experimental approach to quantify the
interface parameters relies on the accurate modelling of the polymer coating.
A non-linear visco-elastic constitutive model is employed here to describe the
large inelastic deformations of the coating during a peel test. The material pa-
rameters are determined in a well-defined strain rate regime, which is partic-
ularly high in the transition zone of a uniaxial tensile test applied to a free-
standing PET film.

• Plastic deformation of the steel substrate results in roughening of the surface
and the partial loss of adhesion of the coating. The surface topography can be
characterized by a directional dependent roughness parameter and correlation
length. In the case of a polished surface, the roughness increases linearly with
the strain. The roughness of an unpolished surface has an initial offset but
eventually increases, as a function of the strain, in the same relative manner as
the roughness of a polished surface.

• Stress relaxation takes place after specimens have been pre-strained. Within
certain assumptions and at a particular stage, the interface of a pre-strained
polymer coated steel can be quantified with an inverse parameter identification
procedure, leading to a relation between the work-of-separation and the pre-
strain.

• During deep-drawing the interfacial integrity deteriorates due to substrate
roughening and contact conditions with the tooling. The developed model, ap-
plied to the deep-drawing of a shallow cup, indicates that the top of the cup is
the most critical area for delamination, which is in agreement with experimen-
tal observations. The model predicts that the radius of the die and the clearance
between the punch and the die are two important parameters that can have a
large influence on the interfacial integrity of the product after deep-drawing.

• The developed model provides insight needed to decide on intermediate re-
covery steps during the forming of a product to partially restore the interfacial
integrity and prevent delamination in subsequent forming steps.

The following aspects still need further investigation:

• The contact formulation of the cohesive zones with a large displacement formu-
lation adopts a local coordinate system, which may lead to inconsistent contact
conditions if large tangential openings and complex product geometries are in-
volved, e.g. in the delaminated zone during deep-drawing.

• The developed experimental ninety degree peel test set-up ensures a constant
peel angle of ninety degrees, however, it requires two peel specimens for a
single test. The development of a test-rig that keeps the peel angle constant
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during a test, yet requiring only a single specimen per test, would be useful.
An adjustable test-rig would allow for the peeling under angles different than
zero and ninety degrees. The added value of the latter option may be disputed
since it was found that the interface only shows a marginal mode-dependency.

• Accurate characterization of the interface of pre-strained specimens, by means
of peel tests, requires modelling of stress relaxation and ageing of the polymer
coating. Efforts are currently ongoing to implement the multiple relaxation pro-
cesses into the constitutive framework. The modelling of the correct behaviour
upon reloading requires an adequate characterization of the PET ageing kinet-
ics.

• Characterization of roughened interfaces can be improved by using peel spec-
imens created from deep-drawn cups since the industrial conditions involve
larger strains, different multi-axial strain states and complex boundary condi-
tions, such as superimposed pressure and friction.

• In conjuncture with peel tests that can quantify interfacial parameters, laser
blistering constitutes a fast experimental technique to test the adhesion of a
polymer coated metal at any location of a (formed) product. The in-depth cor-
relation with the laboratory tests, carried out in this project, yet needs to be
done.
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Samenvatting

Tegenwoordig worden steeds meer producten gemaakt van gewalst plaatstaal
dat voorzien is van een dunne polymeercoating. Metaal voorzien van een
polymeerlaag heeft meerdere voordelen vergeleken met traditionele tinplaat,
zoals een goedkoper en een milieuvriendelijker productieproces. Blikjes worden
vervaardigd door een aantal dieptrekstappen gevolgd door wandverstrekken.
Tijdens deze omvormprocessen treden grote deformaties en deformatiesnelheden
op, waardoor de polymeerlaag kan loslaten. Dit leidt tot verlies van esthetische en
beschermende eigenschappen van het product en moet daarom vermeden worden.
Als het loslaten voorspeld kan worden, kunnen de procesparameters en machines
zodanig worden ingesteld dat het niet zal optreden. Dit onderzoek heeft als doel om
te komen tot een geïntegreerde numeriek-experimentele aanpak om het delamineren
nauwkeurig te simuleren.

Een succesvolle numeriek-experimentele aanpak vereist een nauwkeurige
beschrijving van het grensvlak en de delaminatie tussen de polymeerlaag en
het metalen substraat. Cohesive zone modellen staan algemeen bekend als een
geschikte manier om de interactie van de grenslaag te beschrijven. De vaak
gebruikte exponentiële cohesive zone relatie van Xu and Needleman is geëvalueerd,
waarbij verdere verbeteringen zijn voorgesteld om mixed-mode delaminatie te
beschrijven. Een alternatieve cohesive zone relatie is ontwikkeld, waarmee de
vastgestelde tekortkomingen vermeden kunnen worden. Er wordt aangetoond hoe
de parameters van het model experimenteel bepaald kunnen worden.

Experimentele waarnemingen van het delamineren van het grensvlak tussen de
polymeerlaag en het metalen substraat laten zien dat er in de delaminatiezone
fibrillen ontstaan. Bovendien werden er grote vervormingen en verplaatsingen
waargenomen op het grensvlak en in de omliggende materialen. De meeste
cohesive zone modellen vereisen een lokaal coördinatensysteem om de tractie en
openingsverplaatsing te ontbinden in een normale en tangentiële component. De
oriëntatie van het lokale assenstelsel kan niet eenduidig worden gekozen en kan
leiden tot significante verschillen in de bijdrage van de normale en tangentiële
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richting als er grote verplaatsingen in het grensvlak optreden. Om dit te verhelpen,
is er een cohesive zone model ontwikkeld dat geschikt is om dergelijke grote
verplaatsingen eenduidig te beschrijven, waarbij direct een constitutief verband
tussen de tractievector en de verplaatsingsvector gehanteerd wordt.

Omdat het polymeer en het staal verschillende materiaaleigenschappen hebben,
is het peel-off experiment één van de weinig geschikte experimenten om het
grensvlak tussen de coating en het substraat te karakteriseren. De coatingdikte
wordt gemeten met een optische profilometer en er wordt aangetoond dat
er geen restspanningen in de deklaag aanwezig zijn. Volledige karakterisatie
van het grensvlak vereist nul- en negentig-graden peel-off experimenten,
gecombineerd met nauwkeurige simulaties van die experimenten en een parameter
identificatieprocedure. Vlakke rek en 3D modellen zijn ontwikkeld, die met behulp
van de eindige elementen methode worden opgelost. De peel-off experimenten
resulteren in grote vervormingen van de coating, die op een goede manier
beschreven worden door een niet-lineair visco-elastisch materiaalmodel. Aandacht
wordt gegeven aan het intrinsieke spannings-rek gedrag, de strain-softening, de
reksnelheidsafhankelijkheid van de deklaag en de bijbehorende experimentele
karakterisatietechnieken. Een mixed-mode cohesive zone model met een grote
verplaatsingsformulering is ontwikkeld om onderscheid te kunnen maken tussen
de verschillende openingsmodes en relateerde verschillen in hechtingsenergie. Nul-
en negentig-graden peel-off experimenten zijn uitgevoerd en de hechtingsenergie
is bepaald met behulp van een inverse parameter identificatieprocedure. Er wordt
aangetoond dat een vlakke rek modellering een goede benadering is voor het
modelleren van peel-off experimenten, hetgeen de benodigde rekentijd van de
simulaties significant vermindert.

Tijdens dieptrekken treden er grote plastische rekken in de materialen op, die
leiden tot het opruwen van het substraat en een afname van de hechting van de
coating. De ruwheid wordt bepaald uit hoogte-correlatiefuncties, afgeleid van
oppervlakte hoogteprofielen. Dit resulteert in een ruwheidsparameter en een
correlatielengte, die een indicatie is voor de lengteschaal die kenmerkend is voor
de opruwing van het oppervlak. Een richtingsafhankelijke correlatiefunctie is
geformuleerd om anisotrope ruwheidsparameters te kunnen bepalen. De initiële
oppervlaktetopografie van ongepolijste proefstukken leidt tot een verhoogde
ruwheid, hoewel de toename van de ruwheid als functie van de rek hetzelfde
is als die van de gepolijste proefstukken. De correlatielengte is gerelateerd aan
de onderliggende microstructuur van het substraat en ontwikkelt zich op een
anisotrope manier tijdens opruwing. Het cohesive zone model is uitgebreid
om de afname van de hechting, als gevolg van de opruwing van het substraat,
te kunnen beschrijven door de hechtingsenergie te relateren aan de effectieve
plastische rek in het substraat. Spanningsrelaxatie en veroudering van de
coating vinden plaats in de tijdspanne tussen het opruwen van het substraat
en het peel-off experiment. Nauwkeurige karakterisatie van de grenslaag van de
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opgeruwde proefstukken vereist een geschikte modellering van spanningsrelaxatie
en veroudering, bijvoorbeeld door ontwikkeling van een multi-mode versie
van het constitutief model, inclusief de beschrijving van verouderingskinetiek.
Met het gebruikte single-mode model, zonder verouderingskinetiek, wordt de
grenslaag van opgeruwde proefstukken gekarakteriseerd door aan te nemen dat
de deklaag zich in de volledig verouderde toestand bevindt. De gecombineerde
numeriek-experimentele methode wordt gebruikt om de afname van de hechting
ten gevolge van voordeformatie te kwantificeren. De resultaten laten een duidelijke
afname van de hechting zien als gevolg van een toenemende plastische rek.

Uiteindelijk worden de experimenteel gekarakteriseerde cohesive zones en materi-
aalmodellen gebruikt om een industrieel dieptrekproces te beschrijven. De simu-
latieresultaten worden gekwantificeerd met een geschikt kengetal dat de toestand
van de grenslaag beschrijft. Verscheidende procesparameters worden gevarieerd
om hun invloed op de hechting tijdens dieptrekken te bestuderen. De resultaten
geven aan welke procesparameters het belangrijkste zijn en waar de meest kritische
plekken, waar de grenslaag kan loslaten, zich bevinden.
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