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Summary 

Aluminium alloys are used in load-bearing structures such as helicopter decks, living 

quarters on drill platforms, buildings and ships. For a number of these structures, 

requirements are put forward in legislation on the time that the structure has to remain 

its load-bearing or separating function when exposed to fire (the fire resistance). Due to 

the constitutive properties of aluminium alloys, aluminium structures are usually 

relatively sensitive for fire exposure. However, the set of design models, which enable 

the determination of the resistance of a structure subjected to fire conditions, is 

currently incomplete. A design model for local buckling is lacking. 

Local buckling is a failure mechanism of plates (or of sections composed of plates) 

loaded in-plane, whereby the plate deforms out-of-plane. Considering the fact that it is 

one of the key failure mechanisms of aluminium alloy sections, there is a need to 

develop a design model for local buckling of fire exposed aluminium sections. This is 

the main aim of this thesis. 

 

In order to determine the mechanical properties at elevated temperature, experimental 

data have been obtained in this thesis from an extensive test program. The test 

program consisted of the following uniaxial tests: steady state tests (deformation-

controlled tests at a constant temperature), transient state tests (tests at an increasing 

temperature and a constant or varying force in time) and creep tests (tests at a 

constant temperature and a constant force) on aluminium alloys 5083-H111 and 6060-

T66. The experimental data are used for calibrating an existing creep model by Dorn 

and Harmathy. This constitutive model has been modified in order to make it suited for 

aluminium alloys exposed to fire conditions; the modifications cover incorporation of the 

part of the creep curve with accelerating strain (the tertiary creep stage) and cases 

where tensile stresses are followed by compression stresses or vice versa. The 

constitutive model has been successfully validated with the transient state tests. It is 

extended to three-dimensional stress states, assuming the Von Mises yield criterion.  

With the modified constitutive model it is now possible to quantify the creep influence in 

studies on fire exposed aluminium structures. This allows for a more accurate 

determination of the fire resistance than state-of-the-art methods based on steady state 

conditions. 

 

Standard test set-ups are available for carrying out tests on local buckling at room 

temperature. These set-ups are not suited for testing at elevated temperature. In this 

thesis, a special test set-up has been developed and constructed which is suited to 

study local buckling at elevated temperature. Using this test set-up, steady-state tests 
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and transient state tests on square hollow sections and angular sections are carried 

out. This experimental program has resulted in a set of test data on the buckling 

behaviour of aluminium alloy sections at elevated temperature. These data are suited 

to be used for validating numerical or analytical models. 

 

Finite element models are developed and validated by simulating the local buckling 

tests. For this purpose, the modified constitutive model has been implemented in a 

finite element program, thereby providing the link between constitutive behaviour and 

structural response of fire exposed aluminium alloy components. The geometry, 

geometrical imperfections and the residual stresses of the specimens are modelled as 

measured. The critical temperature (for transient state conditions) and the ultimate 

buckling resistance (for steady state conditions) resulting from the finite element 

models agree well with that of the tests. 

It has been demonstrated that the finite element models developed can be used to 

determine the influence of various geometrical and physical aspects on the local 

buckling behaviour. Besides, it has been shown that the numerical models using the 

modified constitutive model provide a powerful tool for determining the structural 

response of aluminium alloy structures subjected to fire conditions. 

 

Analyses are carried out of the resistance of plates with various dimensions and 

mechanical properties, using the validated finite element models. Based on these 

analyses, a calculation method is proposed for compressed sections exposed to fire 

conditions. The calculation method distinguishes between sections that are able to 

reach the plastic capacity before local buckling occurs, and sections that fail by local 

buckling before the plastic capacity is reached. For the latter case, a design model is 

developed, which gives a prediction of the ultimate resistance for local buckling as a 

function of the cross-sectional dimensions and the mechanical properties under fire 

conditions. This prediction is more accurate than provided by other, existing design 

models that are actually developed for ambient temperature. 

The calculation method and the design model provide a first and essential step in the 

fire design of slender aluminium alloy members. They are suited to serve as a basis for 

developing design models in standards. 



 v 

Samenvatting 

Aluminium legeringen worden toegepast in dragende constructies zoals helikopter 

dekken, personeelsverblijven op boorplatforms, gebouwen en schepen. Voor een 

aantal van deze constructies worden in de wetgeving eisen gesteld aan de tijd dat de 

dragende of scheidende functie behouden blijft bij blootstelling aan brand (de 

brandwerendheid). Ten gevolge van de constitutieve eigenschappen van aluminium 

legeringen zijn aluminium constructies meestal relatief gevoelig voor blootstelling aan 

brand. De set van ontwerpmodellen om met name de draagkracht onder 

brandomstandigheden te bepalen is momenteel echter incompleet. Een ontwerpmodel 

voor plooi ontbreekt. 

 

Plooi is een bezwijkmechanisme van platen (of van profielen bestaande uit platen), 

waarbij deze platen uit het vlak vervormen terwijl ze in het vlak worden belast.  

Vanwege het feit dat plooi een van de voornaamste bezwijkmechanismen van 

aluminium legeringen is, bestaat er een behoefte om een ontwerpmodel te ontwikkelen 

voor plooi van aluminium profielen blootgesteld aan brand. Dit is het hoofddoel van dit 

proefschrift. 

 

Om de mechanische eigenschappen bij verhoogde temperatuur te bepalen zijn 

experimentele gegevens verkregen uit een uitgebreid proevenprogramma. Het 

proevenprogramma bestond uit de volgende uniaxiale proeven: steady state proeven 

(vervormingsgestuurde proeven bij een constante temperatuur), transient state 

proeven (proeven bij een toenemende temperatuur en een constante of variërende 

kracht in de tijd) en kruipproeven (proeven bij een constante temperatuur en een 

constante kracht) op aluminiumlegeringen 5083-H111 en 6060-T66. De experimentele 

gegevens zijn gebruikt om een bestaand kruipmodel van Dorn en Harmathy te 

kalibreren. Dit constitutieve model is aangepast om het geschikt te maken voor 

brandomstandigheden. De aanpassingen omvatten het in rekening brengen van het 

deel van de kruipkromme met een versnelde rek (de tertiaire kruipfase) en gevallen 

waarbij trekspanningen worden gevolgd door drukspanningen of vice versa. Het 

constitutieve model is met succes gevalideerd met de transient state proeven. Onder 

aanname van het Von Mises vloeicriterium is het model uitgebreid naar een drie-

dimensionale spanningstoestand. 

Middels het aangepaste constitutieve model is het nu mogelijk om de kruipinvloed te 

kwantificeren in onderzoeken naar aan brand blootgestelde aluminium constructies. Dit 

maakt een nauwkeuriger bepaling van de brandwerendheid mogelijk dan 

gebuikmakend van bestaande methoden gebaseerd op steady state condities. 
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Standaard proefopstellingen zijn beschikbaar om plooiproeven uit te voeren bij 

kamertemperatuur. Deze opstellingen zijn niet geschikt voor proeven bij verhoogde 

temperatuur. In dit onderzoek is een speciale proefopstelling ontwikkeld en gebouwd, 

die geschikt is om plooi bij verhoogde temperatuur te onderzoeken. In deze opstelling 

zijn steady state en transient state proeven uitgevoerd op vierkante buisprofielen en 

hoekprofielen. Dit proevenprogramma heeft geresulteerd in een set gegevens over het 

plooigedrag van aluminium profielen bij verhoogde temperatuur. Deze gegevens zijn 

geschikt om te worden toegepast bij de validatie van numerieke of analytische 

modellen. 

 

Eindige-elementenmodellen zijn ontwikkeld en gevalideerd aan de hand van simulatie 

van de plooiproeven. Voor dit doel is het aangepaste constitutieve model 

geïmplementeerd in een eindige-elementenprogramma. Hierdoor is de link gelegd 

tussen het materiaalgedrag en de constructieve respons van aan brand blootgestelde 

componenten van aluminium legeringen. De geometrie, de geometrische imperfecties 

en de restspanningen van de proefstukken zijn gemodelleerd zoals gemeten. De 

kritische temperatuur (voor transient state condities) en de uiterste draagkracht (voor 

steady state condities) van de eindige-elementenmodellen komt goed overeen met de 

proeven. 

Aangetoond is dat de ontwikkelde eindige-elementenmodellen toegepast kunnen 

worden om de invloed van verscheidene geometrische en fysische aspecten op het 

plooigedrag te bepalen. Daarnaast is aangetoond dat de eindige-elementenmodellen 

met gebruikmaking van het aangepaste constitutieve model, een krachtig hulpmiddel 

vormen voor het bepalen van de constructieve respons van aan brand blootgestelde, 

aluminium constructies. 

 

Analyses van de draagkracht van platen met diverse afmetingen en mechanische 

eigenschappen zijn uitgevoerd met behulp van de gevalideerde eindige-

elementenmodellen. Aan de hand van deze analyses is een rekenmethode ontwikkeld 

voor op druk belaste, aan brandcondities blootgestelde componenten. Deze 

rekenmethode maakt onderscheid tussen componenten die de plastische capaciteit 

bereiken voordat de doorsnede bezwijkt door plooi, en componenten die bezwijken 

door plooi voordat de plastische capaciteit wordt bereikt. Voor het laatstgenoemde 

geval is een toetsingsmodel ontwikkeld. Dit toetsingsmodel geeft een voorspelling van 

de uiterste draagkracht voor plooi as functie van de doorsnedeafmetingen en de 

mechanische eigenschappen onder brandomstandigheden. Deze voorspelling is 

nauwkeuriger dan de voorspelling door andere, bestaande ontwerpmodellen die 

overigens ontwikkeld zijn voor kamertemperatuur. 

De rekenmethode en het toetsingmodel voorzien in een eerste en essentiële stap in het 

brandontwerp van slanke componenten van aluminium legeringen. Ze zijn geschikt om 

als basis te dienen voor het ontwikkelen van toetsingsmodellen in normen. 
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Frequently used symbols and abbreviations 

The list below gives the explanation of the symbols and abbreviations that are 

frequently used in this thesis. Each symbol or abbreviation used in this thesis is 

explained where it is first mentioned. In some cases the same symbols are used for 

different variables. The meaning of the symbol used either follows from the context, or 

it is explicitly mentioned. 

 

Abbreviations 

AS Angular section 

FEM Finite element method 

NFSC Natural fire safety concept 

SHS Square hollow section 

 

Latin upper case symbols 

A Cross-section [mm2] 

A Material parameter in the equation for Z [/min] 

Am/V Section factor (exposed area divided by volume of the member) [/m]  

D Material parameter in the equation for εt0 [-] 

E Modulus of elasticity [N/mm2] 

Es Secant modulus of elasticity [N/mm2] 

Et Tangential modulus of elasticity [N/mm2] 

Eθ Modulus of elasticity at temperature θ [N/mm2]  
L Section length [mm]  

N Load (action) [kN] or [N] 

Npl Plastic resistance [kN] or [N] 

Nu Ultimate buckling resistance [kN] or [N]  

Nu,θ Ultimate buckling resistance at temperature θ [kN] or [N] 

Q Activation energy [J/mol] 

R Universal gas constant [J/mol K] 

T Temperature (unless specified otherwise, it is the aluminium temperature) [K] 

Z Zener Holloman parameter [/min] 

 
Latin lower case symbols 

b Plate width [mm] 

beff Effective width [mm] 

c Specific heat [J/kg K] 
f0.2 0.2 % proof stress [N/mm2] 
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f0.2,θ 0.2 % proof stress at temperature θ [N/mm2]  

fp Proportional limit [N/mm2] 

fu Ultimate tensile strength [N/mm2] 

fy Yield stress [N/mm2] 

k Spring stiffness [N/mm] 

kcr Buckling factor [-] 

m Material parameter in the equation for εt0 [-] 

n Material parameter in the equation for the Zener Holloman parameter [-] 

n Material parameter in the Ramberg Osgood relationship [-] 

nθ Material parameter in the Ramberg Osgood relationship at temperature θ [-] 

conq&  Heat flow per unit area by convection [W/m2] 

qf Fire load density [MJ/m2] 

radq&  Heat flow per unit area by radiation [W/m2] 

t Plate thickness [mm]  

t Time [s] 

u Axial deflection [mm]  

uel Axial deflection when the stress in the entire section is equal to f0.2, assuming 

linear elastic material behaviour [mm] 

w Out-of-plane deflection [mm] 

x,y,z Directions 

 

Greek lower case symbols 

α Material parameter in the equation for the Zener Holloman parameter [-] 

α Parameter in the relation for the relative buckling resistance [-] 

αc Conduction coefficient [W/Km2] 

β Parameter in the relation for the relative buckling resistance [-] 

δn Factor on the fire load density to take active measure into account [-] 

ε Strain [-] 

εel Elastic strain [-] 

εlim Creep strain at which the tertiary creep stage starts [-]  

εm Emissivity of the member [-] 

εpl,u Plastic strain at the ultimate buckling resistance [-] 

εt Creep strain [-] 

εt,eff Effective creep strain [-] 

εt,I+II Creep strain in the primary and secondary creep stages [-] 

εt,I+II+III Creep strain in the primary and secondary and tertiary creep stages [-] 

εt,II Creep strain in the secondary creep stage [-] 

εt0 Projection back to zero time of the secondary creep curve [-] 

εth Thermal strain [-] 

η Inelasticity parameter [-] 

θ Temperature (unless specified otherwise, it is the aluminium temperature) [ºC] 



 ix 

λ Thermal conductivity [W/m K] 

inel,ρλ  Inelastic relative slenderness for local buckling [-] 

ρλ  Relative slenderness for local buckling [-] 

ν Poisson ratio [-] 

νθ Poisson ratio at temperature θ [-] 

ρ Density [kg/m3]  

ρc Relative buckling resistance [-] 

σ Stress [N/mm2] 

σcr Elastic critical stress [N/mm2] 

σcr,inel Inelastic critical stress [N/mm2] 

σSB Stefan-Bolzman constant [W/m2K4] 

σVM Von Mises stress [N/mm2] 
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List of definitions 

0.2 % proof stress (f0.2): stress attained at a plastic strain of 0.2 % in a uniaxial (tensile) 

test. 
 

Creep: increasing deformation in time of material subjected to a constant load in time. 
 

Critical stress / critical load: Stress / load at which a perfectly straight and centred 

member, loaded in plane, suddenly deflects in an out-of-plane mode. 
 

Critical temperature: temperature at which a structure or structural component 

subjected to a uniform temperature distribution is no longer able to resist the load. 

In this thesis it is the vertical asymptote of the temperature - deformation curve. 
 

Design model: model to verify whether or not a structure fails by a specific failure 

mechanism. 
 

Fire resistance: period during which the structure or structural component is able to 

withstand the load when exposed to fire. 
 

Nonlinear stress-strain relation: stress-strain relation at which the ratio between the 

proportional limit and the 0.2 % proof stress is significantly smaller than 1. 
 

Local buckling: failure mechanism of plates loaded in-plane in compression, bending or 

shear, whereby the plate deforms out-of-plane. 
 

Post-buckling behaviour: relation between the axial deformation and the load on a 

member after having reached the critical load. 
 

Proportional limit: stress at which plastic strains commence. 
 

Relative buckling resistance: ratio between the ultimate buckling resistance and the 

plastic capacity, the latter defined as the 0.2 % proof stress times the gross area. 
 

Slender: sensitive to buckling due to the geometry (in case of local buckling: large ratio 

of plate width over plate thickness). 
 

Steady state tests: test carried out on a specimen subjected to a constant temperature 

in time. In most cases the test is displacement controlled (applying a certain strain 

rate). 
 

Transient state tests: tests carried out on a specimen subjected to an increasing 

temperature in time. In most cases the test is load controlled (applying a certain 

stress in time). 
 

Ultimate buckling resistance: capacity of a member to withstand the mechanical action 

that just not leads to buckling induced failure. 
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1 Introduction 

1.1 Scope of the chapter 

The subject of this thesis is local buckling1 of slender aluminium sections exposed to 

fire. This first chapter gives an introduction to the problem and underlines the relevancy 

of studying this problem. The research aims and limitations are given. Figure 1.1 gives 

a graphical summary of the chapter. 

 

 

 

 

 

                          

 

 

 

 

 

 

 

 

 

Figure 1.1 Graphical summary of chapter 1 

1.2 Structures of aluminium alloys 

The first successful attempt in modern history to reduce aluminium from aluminium 

oxide was in 1824. It was not before 1886 that the adaptation of the electrolytic 

reduction process substantially reduced the production costs of aluminium and opened 

the possibilities to commercial application of aluminium (Cock (1999)). Since then, 

aluminium alloys have been applied as structural material in many load bearing 

structures, especially in cases where a low dead weight of the structure is beneficial, 

such as living quarters and helicopter decks on oil platforms, fast ferries, (movable) 

bridges and roof structures with large spans (Figure 2.1a). The main load bearing 

                                                             
1 A list of definitions is given on page xi. 
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structure is often composed of beams and columns. Figure 2.1b gives examples of the 

cross-section of such members. 

                 

Figure 1.2 Examples of structures of aluminium alloys (a. Aluminium Centrum, Houten, The 
Netherlands; b. Extruded sections used in load bearing structures) 

 

Apart from the high ratio between the material strength and the density of the alloys 

that are qualified for structural applications, the success of aluminium can be attributed 

to some additional properties, such as: 

- The possibility to extrude aluminium means that the designer is able to optimise 

the design of sections, in order to fit the specific functions of the member 

considered; 

- The tight oxide layer that forms on the outer surface when exposed to air prevents 

on-going corrosion. Consequently, maintenance costs can be reduced when 

compared to steel; 

- The costs per unit weight are higher than in case of steel, but less than for many 

non-conventional structural materials; 

- The attractive appearance of aluminium makes it an appealing material for 

structures intended to be noticeable. 

Like every material, also aluminium alloys have their drawbacks. Some of the major 

points of attention for structural applications are the sensitivity to fatigue, to elevated 

temperatures and to buckling (note that buckling is not a material but a structural 

property, it appears often as the dominant failure mode). This thesis discusses some 

aspects of the last two mentioned points of attention, by elaborating local buckling of 

aluminium structures exposed to fire conditions. The two points of attention and the 

thesis subject are discussed in the following paragraphs.  

 

In this thesis, where aluminium is mentioned, aluminium alloys are considered. 

1.3 Aluminium structures exposed to fire 

The risk of a fire during the lifetime of a structure should be anticipated in the design. 

One of the main requirements that should be met is that people inside or in the 

neighbourhood of the structure are able to escape safely, and that the rescue teams 

a. b. 
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are able to search the building or structure, before (a part of) the structure fails to resist 

the fire. This is one of the main reasons that requirements are put forward in legislation 

on the time that the structure has to remain its load bearing or separating function: the 

fire resistance period. 

 

Aluminium members, just as steel members, are non-combustible. The influence of fire 

exposure on the structural behaviour is mainly caused by the fact that the mechanical 

properties depend on the elevated temperature exposure. 

Due to the high thermal conductivity and the low density, aluminium heats relatively 

fast when exposed to fire. The melting temperature of aluminium is relatively low (550 

to 650 ºC for most alloys applied in structures). The material strength and the stiffness 

already reduce significantly before the melting temperature is reached. The shape of 

the stress-strain diagram of some alloys changes radically at increasing temperature. 

Creep, usually neglected in structural designs at ambient temperature, may become 

significant at elevated temperature. This makes aluminium structures relatively 

sensitive to fire. These phenomena also occur for steel at elevated temperature, but the 

temperature at which these phenomena become relevant is higher for steel. 

 

In fully developed fires, the resistance of non-insulated aluminium structures reduces 

within the first minutes of fire to a small fraction of the resistance at ambient 

temperature. Aluminium structures are therefore often protected. 

Because of the sensitivity to elevated temperatures, fire design is an important aspect 

in the entire design of an aluminium structure. 

 

Eurocode 9 gives design models for load bearing structures of aluminium, to be used 

by designers and engineers. Part 1-1 of this code, EN 1999-1-1 (2007), gives general 

structural rules. Part 1-2, EN 1999-1-2 (2007), gives rules for structural fire design.  

 

To evaluate the structural response to fire exposure, EN 1999-1-2 (2007) provides the 

possibility to divide the structure into individual members and to verify each member, 

for which simple calculation models are provided. These simple calculation methods 

consist of simple equations to check the resistance of the member to the governing 

failure mechanisms. Because of the few test data and the lack of fundamental studies 

on aluminium structures at elevated temperature, the simple calculation models are 

partially based on research on steel structures, for which comprehensive testing and 

long-time experience are available. 

 

The standard also gives the possibility to verify the entire structure or parts of the 

structure, in which case advanced calculation methods should be used. Finite element 

models fall into the category of advanced calculation methods. 
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1.4 Buckling 

Buckling is a failure mechanism at which a member that is loaded in plane undergoes 

displacements out of plane, transverse to the load vector. Buckling of members can be 

divided into two groups. 

1. Buckling of the entire member, which is illustrated in Figure 1.3 a. and b. Members 

in compression are subjected to flexural buckling, torsional buckling or torsional-

flexural buckling. Members in bending are subjected to lateral-torsional buckling. 

2. Buckling of the cross-section (local buckling), which is illustrated in Figure 1.3 c 

and d. Distinction is made between local buckling of an individual plate, and 

interaction of local buckling of individual plates in a section. 

Interaction between the various buckling phenomena mentioned may occur. 

        

 

          

Figure 1.3 Buckling phenomena (deformations scaled) (a. Global buckling of a member in 
compression; b. Global buckling of a member in bending, half the member is shown; c. Local 
buckling of a plate; d. Local buckling of a member) 

 

The sensitivity to local buckling depends on the following mechanical and geometrical 

properties: 

- The ratio between the material stiffness and the strength. This ratio is low for 

aluminium alloys used in structural applications. This causes that prevention of 

buckling is an important challenge in the design of aluminium structures. 

- The ratio between the width b and the thickness t of the plates of which the section 

is composed. As the extrusion process opens the possibility to produce thin walled 

sections of almost any shape, especially local buckling should be accounted for in 

the design. 

- The boundary conditions and the type of loading of the plates. 

 

Both the ultimate load bearing resistance and the deformation capacity of members in 

bending or compression depend on the sensitivity to local buckling. In the Eurocodes 

a. b. c. d.
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for steel and aluminium structures, sections are divided into four classes, depending on 

the sensitivity to local buckling. The allowed type of structural analysis (elastic or 

plastic) and the member checks in the code depend on this classification. 

1.5 Problem statement and research goal 

Local buckling is an important failure mechanism in case of aluminium structures. A 

design model for local buckling is a first and essential step to enable the classification 

of the cross section and to give guidance on the allowable type of structural analysis. 

Such models are available for local buckling of slender aluminium members at ambient 

temperature. For fire design, however, such models do not exist, as research on local 

buckling of slender aluminium sections exposed to fire is lacking. 

 

Only a limited amount of studies have been carried out on local buckling of steel 

structures exposed to fire conditions (see chapter 3). The validation with appropriate 

tests of the numerical models used in these studies is lacking. Besides, due to 

expected differences in mechanical properties, a direct application of the results of the 

steel research on aluminium structures may be inappropriate. 

Consequently, EN 1999-1-2 (2007) does not provide a simple calculation for local 

buckling of slender sections. 

 

To develop a design model for local buckling of aluminium structures exposed to fire 

conditions, information should be obtained on the following topics: 

- The influence of changes of the mechanical properties at elevated temperatures  

(including more pronounced influence of creep) on the critical load and the 

buckling resistance; 

- The influence of restrained thermal expansion on the buckling resistance. 

The topics mentioned above may have a different influence under fire conditions than 

at ambient temperature. Therefore, a simple transformation of the design models for 

local buckling at ambient temperature to models for fire is not justified. 

 

The main aim of this thesis is to generate a design model for local buckling of members 

subjected to an increasing temperature such as present during fire exposure. 

Besides, some sub aims are defined: 

- To determine mechanical properties of aluminium alloys widely applied in 

structural applications when exposed to fire; 

- To understand and describe the influence of changes of the mechanical properties 

at elevated temperature on local buckling of aluminium members; 

- To determine the b / t ratio at which a fire exposed plate fails by local buckling at 

an average stress just equal to  the 0.2 % proof stress under fire conditions; 

- To determine whether the sensitivity to local buckling increases or decreases 

compared to ambient temperature. 
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1.6 Field of application 

Gas temperature-time curves 

Different fire safety design concepts are available to determine the relation between 

time and gas temperature in a fire design. Nominal temperature-time curves, such as 

the standard temperature-time curve 2  are independent of the fire compartment 

considered, while temperature-time curves based on the natural fire safety concept2 

take account of the fire parameters specific for the fire compartment. In at least 90 % of 

cases in current practice, the fire design is based on a nominal temperature time curve. 

The gas temperature-time curve is not a research subject in this thesis. This thesis 

focuses on the structural response of insulated members subjected to nominal 

temperature-time curves and gives an outlook to the response of members exposed to 

temperature-time curves that are determined with a natural fire safety concept. 

 

Required fire resistance periods 

In most national regulations, the required resistance of a structure to a standard fire is, 

dependent on the structure, its function and its importance, 30, 60, 90 or 120 minutes. 

Requirements for a design based on a natural fire safety concept are only in 

exceptional cases given in national regulations. In this research, the structural 

behaviour is analysed for times of 30 up to 120 minutes. 

Note that in some cases, fire resistance is not required by law. In other cases, it could 

be beneficial from an economic point of view to design a structure in such a way that it 

remains intact throughout the entire fire. 

 

Structures 

The research is limited to plate buckling of individual plates in sections, loaded in 

compression. Only sections are considered which are uniformly heated at all sides. 

This research might be a basis for further research on cross-sectional buckling of more 

complex sections, on sections with a temperature gradient over the cross-section, on 

sections loaded in bending and on interaction with global buckling. 

 

Aluminium alloys 

Of the alloys frequently used for structural applications, alloys 5083-H111 and 6060-

T66 are selected for this research. The stress-strain relationships at ambient and at 

elevated temperatures of these alloys differ significantly (Maljaars et al. (2008a)). Both 

alloys are easily available. For an overview of aluminium alloys, see chapter 2.1. 

 

Loads 

The probability that the extreme values of loads acting on the structure coincide with a 

fire is small. The Eurocode for the basis of structural design, EN 1990 (2002), therefore 

                                                             
2 (Methods to determine the) gas temperature-time curves are given in chapter 4.1 



 7 

specifies that loads lower than the extreme values are to be applied in fire design. The 

value of the load to be accounted for in fire design depends on the type of load, such as 

wind, snow, dead weight, or live load. In the current research, the loads taken into 

account in fire design range from 25 % to 75 % of the extreme values of the loads to be 

taken into account in the ultimate limit state at ambient temperature. 

1.7 Research approach and thesis outline 

The flowchart in Figure 1.4 gives an overview of the steps carried out in the research. 

Corresponding chapter numbers are indicated in the boxes. 

 

The thesis starts with a literature overview on material properties of aluminium at 

elevated temperature (chapter 2) and on local buckling of steel and aluminium sections 

at ambient and at elevated temperature (chapter 3). 

 

The structural behaviour depends on the development of the member temperature in 

time. Therefore, the first step in a fire design consists of determining the thermal 

response of aluminium members (chapter 4). 

 

The next step is determining the mechanical properties when exposed to fire 

conditions. A constitutive model is developed, which describes the relationship 

between the stresses and the strains for aluminium exposed to fire conditions. The 

model is calibrated with creep tensile tests (constant stress and constant temperature) 

and validated with tensile tests subjected to an increasing temperature and a constant 

stress in time (so-called transient state conditions). The tests and the model are 

elaborated in chapter 5. 

 

Finally, the structural response has to be determined. In order to study the local 

buckling mechanism, compression tests on short columns are carried out at elevated 

temperature. The test set-up, the tests and the results are discussed in chapter 6. The 

test results are used for the validation of the finite element models that describe 

buckling of aluminium sections exposed to fire conditions. For this purpose, the 

material model of chapter 5 is implemented in the finite element program DIANA. A 

description of the finite element models and the validation of the models with the 

compression tests are given in chapter 7. 

 

With the validated finite element models, a parameter study into the influence of the 

geometry and the mechanical properties on local buckling is carried out. Based on this 

parameter study, a design model for local buckling of aluminium members exposed to 

fire conditions is developed. This design model is elaborated in chapter 8. Chapter 9 

gives an example of the application of the design model.  
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Chapter 10 gives the overall conclusions of this thesis and some recommendations for 

further research. 

 

This research comprises both scientific and more applied aspects. The scientific 

aspects are the constitutive model based on uniaxial tests in chapter 5, the test set-up 

developed to study local buckling at elevated temperature in chapter 6 and the 

influence of various parameters on the buckling resistance in chapters 7 and 8. The 

more applied aspects are the heating of aluminium components in chapter 4, the 

stress-strain relations for usage in practice in chapter 5 and the design model for local 

buckling of fire exposed aluminium sections in chapters 8 and 9. 
 

 

 
 

 

Figure 1.4 Flowchart with steps carried out in the research 
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2 State of the art on material properties 

2.1 Scope of the chapter 

This chapter gives an overview of the thermal properties of aluminium, necessary to 

determine the temperature in a fire exposed aluminium member, and the mechanical 

properties at elevated temperature. As these properties depend on the alloy and the 

treatment, the chapter starts with an overview of alloys applied in structural applications 

and the treatment options. Figure 2.1 gives a graphical summary of the chapter. 

 

 

 

 

 

 

 

 

Figure 2.1 Graphical summary of chapter 2 

2.2 Overview of alloys and tempers 

From a structural point of view, pure aluminium is of little interest because of its low 

material strength. In order to improve the strength, alloying elements such as cupper or 

magnesium are added. The strength may be further enhanced by a suitable treatment. 

The overview of this paragraph is based on the following literature sources: Cerry and 

Evangelista (1999), Altenpohl (1982), Davis (1993) and Kaufman (1999). 

2.2.1 Alloys applied in structural applications 

Most commercial wrought aluminium alloys are indicated by a four-digit number, 

administrated by the Aluminum Association. The first of the four digits in the 

designation indicates the major alloying element. The last three digits indicate a 

specific combination and the quantity of the alloying elements. 

Alloys in series 5xxx and 6xxx are applied most in civil and maritime applications 

because of the combination of moderate to high strength, good weldability and good 

corrosion resistance. The 5xxx series alloys have magnesium as major alloying 

element. These alloys are often used as sheets or plates in structural applications. One 

of the most applied alloys in Europe in this series is alloy 5083. Other examples are 

5005, 5052 and 5754. 
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The 6xxx series alloys have magnesium and silicon as major alloying elements. 

Compared to the 5xxx series alloys, the formability at moderately elevated 

temperatures is improved. The 6xxx series alloys are therefore applied in extrusions. 

Some regularly applied alloys in Europe are alloys 6005A, 6060, 6063 and 6082. 

In many cases, work hardening and/or heat treatment are applied to increase the 

strength. Alloys without a treatment (alloys in annealed condition) are indicated with 

temper O.  

2.2.2 Work hardening 

The basis of plastic formability originates from the creation and movement of 

dislocations. Dislocations are line defects in the lattice structure. One of the two basic 

types of dislocations is shown in Figure 2.2 a. In this so-called edge dislocation, two 

atoms in one row adjoin three atoms in the neighbouring row of atoms. This defect 

continues over a large number of atoms in the direction perpendicular to the drawn 

plane. 

The movement of dislocations along the slip planes makes plastic deformation 

possible. During deformation, new dislocations are formed continually, especially on 

slip planes. At increasing deformation, the high dislocation density at the slip planes 

causes interaction of dislocations, which impedes further slip. This results in strain 

hardening. The process is shown in Figure 2.2 b. 

   

              

 

 

 

 

 

 

 

 

Figure 2.2 Deformation in the crystal lattice during work hardening (a. Edge dislocation; 
b. Dislocation density at, from left-hand to right-hand, increasing deformation) Source: 
Altenpohl (1982) 

 

Whenever aluminium products are fabricated by rolling, extruding, drawing or bending, 

work is done on the metal. When deformations are applied below the temperature at 

which a new crystal structure is formed (the recrystallisation temperature), it not only 

forms the metal, but also increases the strength due to the fact that the dislocation 

density increases. Work hardening of non heat-treatable alloys is indicated with a 

temper starting with Hxx or Hxxx. Temper H111 indicates a minimum amount of work 

hardening. The mechanical properties of this temper are close to that of temper O. 

Dislocation symbol
a. b. 

Grain boundary 

Active slip planes 
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2.2.3 Precipitation hardening 

For some alloys, the strength can be improved by a heat treatment called precipitation 

hardening. In precipitation hardening, the property is used that the amount of alloying 

element(s) that can be dissolved in aluminium at elevated temperature is higher than at 

ambient temperature. Precipitation hardening consists of the following steps: 

- At a temperature just below the melting temperature, a large amount of the alloying 

element(s) is dissolved in aluminium. This stage is called solution heat treatment; 

- Rapid quenching leaves the alloy in a supersaturated, unstable condition; 

- The unstable condition gradually changes into a stable condition by ageing, during 

which precipitate particles are formed. These particles are a cluster of foreign 

atoms in the aluminium lattice of a grain. The particles, with their surrounding 

strain fields, impede dislocation movement. Because of this, slip is impeded 

through which extra strength is obtained. In case of naturally aged alloys, ageing 

takes place at ambient temperature, where the process advances relatively slowly; 

- To speed up ageing, the supersaturated alloy is exposed to an elevated 

temperature θ (120 to 180 ºC) for a specific period of time (mostly several hours), 

which is called artificial ageing. Vacancies in the lattice structure are then more 

mobile and the alloying elements diffuse more quickly. 

The process is schematically shown in Figure 2.3. 

 

 

 

 

 

 

 

 

 

Figure 2.3 Precipitation treatment schematically described (after Jacobs (1999)) 

 

A selection of tempers of precipitation hardened alloys is: 

- T1 Cooled from an elevated temperature and naturally aged; 

- T2 Cooled from an elevated temperature, cold worked and naturally aged; 

- T3 Solution heat-treated, cold worked and naturally aged; 

- T4 Solution heat-treated and naturally aged; 

- T5 Cooled from an elevated temperature and artificially aged; 

- T6 Solution heat-treated and artificially aged. Temper T66 is a variation on T6. 

 

6xxx series alloys are normally precipitation hardened when applied in structural 

applications, in addition work hardening can be applied. Alloys in series 5xxx are 

considered as non heat-treatable, their strength is increased by work hardening only. 

t 
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The treatment possibilities are illustrated in Figure 2.4. 
 

         Not treated Treated 

 

 

 

 

 

 

 

 

 

Figure 2.4 Overview of treatment possibilities 

 

The thermal and mechanical properties depend on the alloy and, in some cases, on the 

treatment. 

2.3 Thermal properties 

The temperature development in a member exposed to fire – which will be determined 

in chapter 4 – depends on the thermal properties. In order to determine which properties 

are important, the thermal response model is elaborated first.  

The mechanical actions have little or no influence on the thermal response of 

aluminium. This allows for an uncoupled analysis of the thermal and mechanical 

response. 

2.3.1 Thermal response model 

Transfer of heat inside a solid is called conduction. The basic equation for heat transfer 

by conduction in x, y and z direction is the well-known Fourier equation (Fourier (1822)) 

T T T dT
c

x x y y z z dt
λ λ λ ρ⎛ ⎞∂ ∂ ∂ ∂ ∂ ∂⎛ ⎞ ⎛ ⎞+ + = ⋅ ⋅⎜ ⎟⎜ ⎟ ⎜ ⎟∂ ∂ ∂ ∂ ∂ ∂⎝ ⎠ ⎝ ⎠⎝ ⎠

 (2.1) 

The derivation of this equation is given e.g. in Jakob (1949) and Carslaw and Jaeger 

(1959). In this equation, T is temperature and t is time. The thermal conductivity λ is the 

quantity of heat that passes in unit time through a layer of unit thickness when its 

opposite faces differ in temperature by one degree. The specific heat c denotes the 

amount of energy to be added to a unit mass to increase its temperature with one 

degree. The density ρ is the mass per unit volume. These three properties are material-

dependent. 

 

The boundary condition for equation (2.1) is determined by the heat flow q&  to the 

surface of the member and the initial condition is determined by the temperature of the 
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solid at time t = 0. The heat flow to the outer surface of the member is composed of 

heat flow by convection and heat flow by radiation. 

 

Convection is the transfer of heat by the motion of or within gases or liquids. The heat 

flow by convection conq&  can be approximated by a linear dependency on the 

temperature difference between the gas Tg and the member surface Tm. Newton (1701) 

proposed the simplified equation (2.2). 

( )mgccon TTAq −⋅⋅= α&  (2.2) 

The convection coefficient αc depends on the gas velocity during fire. EN 1991-1-2 

(2002) specifies values for this parameter. Symbol A in equation (2.2) is the exposed 

surface. 

 

Radiation carries heat through emission and absorption of photons (electromagnetic 

radiation). The heat flow by radiation of a blackbody radq&  is determined by Stefan 

(1879) and theoretically proved by Boltzmann (1909). In case of a non-ideal radiation 

source, and a real member instead of a black body, a good approximation of radq& is 

obtained by the following equation: 

( )44
mrSBmfrad TTAq −⋅⋅⋅⋅= σεε&  (2.3) 

In which the constant of Stefan Boltzmann σSB is determined as 5.67.108 W/m2K4. The 

effective radiation temperature Tr depends on the type of fire and is in practice often 

taken equal to the gas temperature3. The emissivity of the flames of a fire εf depends 

on the type of combustible material (oil, gas or wood) and on the covering of the fire 

furnace or fire department (Twilt (1991)). The emissivity of the member εm indicates the 

energy radiated by the member relative to the energy radiated by a black body of the 

same temperature. The member emissivity varies among different materials. Both εf 

and εm are in reality always smaller than 1.0. 

 

From the equations given above, it follows that the material-dependent properties that 

determine the thermal response are the specific heat c, the density ρ, the thermal 

conductivity λ and the emissivity εm. 

2.3.2 Density and specific heat 

Due to thermal expansion, the density ρ of pure aluminium decreases from 2700 kg/m3 

at ambient temperature to 2600 kg/m3 at 500 ºC (Kammer (2002)). The value for ρ of 

aluminium alloys at ambient temperature ranges from 2650 to 2800 kg/m3 for most 

                                                             
3 The absolute temperature in Kelvin is denoted with symbol T. The temperature in degrees 
Celcius is denoted with symbol θ 
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alloys (Kammer (2002)). EN 1999-1-2 (2007) allows to use 2700 kg/m3, independent of 

the alloy and the temperature. This is approximately 1/3 of the value of steel. 

 

Test results on the specific heat c of aluminium at ambient temperature are reported in 

Kammer (2002) and Davis (1993). According to these data, the variation in c at ambient 

temperature between various alloys is small, ranging form 860 to 904 J/kg K. Kammer 

(2002) also gives test results on c of pure aluminium at elevated temperature. The 

specific heat c increases from 900 J/kg K at 20 ºC to 1100 J/kg K at 500 ºC. This is 

approximately two times the value of steel for the temperature range considered. In EN 

1999-1-2 (2007), it is assumed that the values at elevated temperature for pure 

aluminium also apply to aluminium alloys. 

 

Equation (2.1) shows that heating of a member is related to the product of the specific 

heat times the density (c .ρ). This product is called the thermal capacitance. The 

thermal capacitance of aluminium is approximately 2/3 of that of steel for temperatures 

between 20 and 500 ºC, meaning that it requires less energy to heat a volume of 

aluminium than to heat the same volume of steel. 

2.3.3 Thermal conductivity 

The thermal conductivity λ is determined for many alloys at ambient temperature and 

for a small amount of alloys at elevated temperature. Data are given e.g. in Kammer 

(2002), Davis (1993), Brandes (1983), DiNenno (2002) and Holman (1990). Figure 2.5 

shows that the thermal conductivity varies between alloys. Data in Davis (1993) show 

that λ also depends on the treatment. The dashed lines in Figure 2.5 indicate the λ for 

aluminium alloys according to EN 1999-1-2 (2007) (two relations, depending on the 

alloy series) and the solid line applies to steel according to EN 1993-1-2 (2004). 
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Figure 2.5 Thermal conductivity measurements on pure aluminium and aluminium alloys and 
thermal conductivity of aluminium (EN 1999-1-2 (2007)) and steel (EN 1993-1-2 (2004)) 
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The thermal conductivity λ of aluminium is high compared to that of steel. Because of 

the high values for λ in combination with relatively thin wall thicknesses that are usually 

applied for aluminium members, the temperature is considered to be uniform through 

the plate thickness. The temperature distribution over the cross-section of aluminium 

members exposed at all sides is also approximately uniform. In non-protected 

aluminium members not exposed at all sides, a temperature gradient may occur. 

2.3.4 Member emissivity 

In case of external, unprotected aluminium members, i.e. members not engulfed in 

flame, or in case of a ‘clean’ fire such as in a standard fire test in a gas furnace, the 

emissivity of the member is related to plain aluminium. Kammer (2002), Holman (1990) 

and Twilt (1991) give test results on the emissivity of plain aluminium. The emissivity of 

new, plain aluminium resulting from these tests varies from 0.03 to 0.11. In case of 

heavily oxidised aluminium, the emissivity varies from 0.05 to 0.31. The influence of the 

alloying elements on the emissivity coefficient is small (Kammer (2002)). Plain 

aluminium members thus reflect most of the radiative heat emitted by the fire. 

The coefficient of emissivity of plain aluminium specified by EN 1999-1-2 (2007) is 0.3. 

This value is low when compared to steel: EN 1993-1-2 (1995) specifies a coefficient of 

emissivity of 0.7 for steel. 

 

Surfaces are usually (partially) covered with soot due to a fire. Moreover aluminium 

load bearing members are often insulated. EN 1999-1-2 (2007) provides a generalised 

value for the coefficient of emissivity equal to 0.7 for aluminium surfaces covered with 

soot, paint or insulation4. This coefficient is equal to the value given for covered and 

uncovered steel. 

 

The thermal properties described in this paragraph will be used in chapter 4 for the 

determination of the temperature development of aluminium members exposed to fire 

conditions. 

2.4 Mechanical properties 

When exposed to elevated temperature, the stress-strain relation of aluminium 

changes. A complicating factor is that it is not only temperature-, but also time-

dependent. Besides, thermal strains develop. 

                                                             
4  The emissivity coefficient is generally not important for insulated members, as the 
temperature difference between gas and outer surface of the insulation layer is much 
smaller than the temperature difference over the thickness of the insulation layer 
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2.4.1 Shape of the stress-strain relationship 

Ambient temperature 

The initial part of a typical relationship between stresses σ and strains ε of an 

aluminium alloy at ambient temperature is compared with that of mild steel in Figure 

2.6. Aluminium generally has a 'smoother' yield surface than mild steel. In this thesis, 

the stress-strain relation typical for mild steel is referred to as a 'bi-linear elastic plastic 

stress-strain relation', whereas that of aluminium is referred to as 'nonlinear stress-

strain relation'. 
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Figure 2.6 Typical σ-ε diagrams of mild steel and of aluminium alloys (after Galambos 

(1998), with characteristic values according to EN 1993-1-1 (1995) and EN 1999-1-1 (2007)) 

 

For engineering applications, usually the value of the 0.2% proof stress f0.2 is applied 

as “yield strength”, i.e. as the border between linear-elastic behaviour and plastic 

behaviour for nonlinear stress-strain relations. f0.2 is the stress at a permanent strain of 

0.2 %. Apart from f0.2, other typical properties of the stress strain diagram are the 

modulus of elasticity E, the proportional limit fp (i.e. the “real” stress at which plastic 

strains commence), the engineering tensile strength fu, the strain at the engineering 

tensile strength (the homogeneous strain) εb and the strain at rupture (the ultimate 

strain) Ax, with index x = the gauge length. These properties vary between alloys. 

 

A number of analytical models exist to describe the stress-strain curve of aluminium 

(Mazzolani (1995)). One of the most regular applied models for structural applications 

is the Ramberg-Osgood relation (equation (2.4), Ramberg and Osgood (1943)). 

Parameter n in equation (2.4) describes the shape of the stress-strain curve (n > 1). For 

alloys with a small ratio fp/f0.2, n is in the order of 5-8. For alloys with a high ratio fp/f0.2,, 

n is in the order of 20-32 (Figure 2.7). 
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Figure 2.7 Nonlinear stress-strain curves with various values for n 

 

The yield criterion usually applied in case of a multiaxial stress condition is the Von 

Mises criterion (see chapter 5). 

 

Consider a specimen that is subjected to tension beyond fp (i.e. hard worked) and 

subsequently unloaded. When loaded again, the value for fp in compression of this 

specimen appears to be lower than that for tension. This is due to the Bauschinger 

effect (Mazzolani (1995)). Extruded members are often straightened by applying a 

tension force, causing the member to be loaded in the plastic range. The value for f0.2 in 

compression is then lower than f0.2 in tension. 

Extruded profiles are usually delivered in artificial aged temper. Since straightening is 

done in soft temper and the profile is artificially aged afterwards, the difference in f0.2 

between tension and compression in extruded profiles is usually small. In the data on 

f0.2 provided by EN 1999-1-1 (2007), no distinction is made between tension and 

compression. 

 

Elevated temperature 

In order to determine the constitutive properties at elevated temperature, two types of 

(uniaxial tensile) tests can be carried out: 

- Steady state tests. The specimen is subjected to a constant, elevated temperature 

in time, while a certain strain rate is applied (i.e. a displacement-controlled test). 

The actual test is preceded by a period with a constant temperature equal to the 

test temperature (the thermal exposure period). 

- Transient state tests. The test is carried out at a certain stress level and an 

increasing temperature in time. The deformation (strain) is monitored. Usually, a 

constant heating rate and a constant stress level in time are applied. 

Although transient state tests are widely considered as being more appropriate for fire 

design, only results of steady state tensile tests are found in literature for aluminium. 

 

The steady state tests at elevated temperature show that the shape of the stress-strain 

relation has changed as compared to ambient temperature. As an example, Figure 2.8 
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a. gives the engineering stress σeng as a function of the engineering strain εeng at 

various temperatures of the non-heat treatable alloy 5754 in temper O. It is shown that 

fu,θ, the ratio fu,θ / f0.2,θ and εb,θ decrease at elevated temperature5. This is found for all 

alloys. The stress-strain relation of steel also changes, from bi-linear elastic-plastic at 

ambient temperature to nonlinear at elevated temperature.  
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Figure 2.8 Engineering stress-strain relations for alloy 5754 O (a. At various temperatures 
for a strain rate of 0.12 /min; b. At various strain rates for a temperature of 250 ºC) Data 
source: Van den Boogaard (2002) 

 

It is shown in many tests, e.g. in Kumar and Swaminathan (1999) and Van den 

Boogaard (2002), that the stress-strain curve depends on the strain rate applied in the 

tensile test (Figure 2.8 b). Test results show that, at elevated temperature, a higher 

strain rate results in higher values for f0.2,θ and fu,θ. (It should be pointed out that, at 

ambient temperature, some alloys show an opposite (negative) strain rate dependency 

(Van den Boogaard (2002)). 

 

Steady state tensile tests on various alloys with various exposure times, varying from 

15 minutes to 10.000 hours, are reported in Voorhees and Freeman (1960) and 

Kaufman (1999). The alloys incorporated in these reports are limited to those 

frequently applied in the USA. 

Tensile tests on alloy 6082, frequently applied in Europe, are reported for example in 

Hepples and Wale (1992) and Langhelle (1999). 

In almost all these data sources, the values for Eθ, f0.2,θ, fu,θ and A50,θ are given instead 

of the entire stress-strain relation. Of these properties, Eθ and f0.2,θ are of interest for 

local buckling of slender sections. Parameter n in equation (2.4), or alternatively fp,θ, is 

usually not given. 

                                                             
5 Subscript θ denotes that the mechanical property is determined at elevated temperature 
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The data on f0.2,θ and fu,θ are strictly valid for the strain rate applied in the tests. This 

strain rate is in almost all of the tests listed above approximately equal to 0.005 / min 

up to yielding and 0.05 to 0.10 / min up to rupture. 

2.4.2 0.2 % proof stress 

The 0.2 % proof stress at elevated temperature f0.2,θ of aluminium depends on the 

temperature, the strain rate, the alloy, the temper and, for most tempers, on the time of 

exposure at elevated temperature. 

 

Kaufman (1999) documented steady state tensile test results of 158 different alloys and 

tempers at various elevated temperatures. For each of the alloys and tempers listed, 

the ratio between the 0.2 % proof stress at elevated temperature, f0.2,θ, and f0.2 at 

ambient temperature is determined. The average value of these proof stress ratios for 

all alloys and tempers are given in Figure 2.9 a. (black curve). The results apply for a 

thermal exposure period of 30 minutes and for the strain rate mentioned above. The 

standard deviation of the proof stress ratio of the alloys and tempers is also indicated. 

The data on f0.2,θ in EN 1999-1-2 (2007) (Figure 2.9 b) also origin from steady state 

tests (Lundberg (2003)) and are in agreement with the data in Kaufman (1999) on 

similar alloys. 
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Figure 2.9 Ratios f0.2,θ / f0.2 and Eθ / E  (a. Alloys listed in Kaufman (1999), with thermal 

exposure period = 30 minutes and ε& = 0.005/min;  b. According to EN 1999-1-2 (2007)) 
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For most alloys and tempers, the 0.2% proof stress already decreases significantly at 

temperatures exceeding 150 ºC. According to EN 1999-1-2 (2007), it may be assumed 

that the simple calculation models are satisfied if the maximum aluminium temperature 

in fire design remains lower than 170 ºC, i.e. it is assumed that that the analysis at 

ambient temperature using EN 1999-1-1 (2007) is sufficient in this case. The proof 

stress ratio at a temperature of 350 ºC after a thermal exposure period of 30 minutes is 

on average already reduced to 0.2. The strength of mild steel reduces at considerably 

higher temperatures. 

 

The variation in the relative value of the 0.2% proof stress between different alloys and 

tempers is large. 

 

Non heat-treatable alloys 

At increasing temperature, the difference in f0.2,θ between a work hardened alloy and 

the same alloy in annealed condition reduces and, at high temperature, it vanishes. 

This is basically caused by two processes: 

- At sufficiently high temperatures, a new grain structure forms. The deformed 

grains of the cold worked condition are replaced by new, undeformed grains. This 

is called recrystallisation. The recrystallisation temperature decreases with 

increasing thermal exposure time. Above the recrystallisation temperature, the 

alloy is back in annealed temper. 

- Below recrystallisation temperature, dislocations already migrate away from the 

pile-ups at the grain boundaries, as the dislocations rearrange to a configuration of 

minimum energy. This causes deformation along the slip planes to occur easier. 

This process is called recovery (Verdier et al. (1998); Altenpohl (1982)). 

 

In some cases, for example for alloy 5083, f0.2,θ of the cold worked alloy at a certain 

temperature may even be lower than f0.2,θ of the alloy in annealed condition at the same 

temperature, e.g. at a temperature of 250 ºC in Figure 2.10. This may be due to the fact 

that the amount of dislocations and vacancies in the crystal structure of a cold worked 

alloy is larger than in annealed temper. At elevated temperature, these dislocations and 

vacancies are more mobile so that the structure deforms easier. 

 

Recrystallisation and recovery require time. It is therefore expected that f0.2,θ of work-

hardened non-heat treatable alloys depends on the thermal exposure period. However, 

the tensile tests results tabulated by Voorhees and Freeman (1960) and by Kaufman 

(1999) show that f0.2,θ is relatively independent of the thermal exposure period, between 

30 and 600 minutes, for most alloys. The time-dependency of f0.2,θ for shorter periods 

than 30 minutes is not known, due to lack of test data. 
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Figure 2.10 f0.2,θ of alloy 5083 in different tempers, resulting from tensile tests (data source: 
Voorhees and Freeman (1960)) 

 

Heat treatable alloys 

The temperature influence on f0.2,θ of heat treatable alloys strongly depends on the 

temper. 

Test results show that f0.2,θ of artificially aged alloys (tempers T5-T8) decreases with 

increasing temperature. However, f0.2,θ of naturally aged alloys (tempers T1-T4) 

increases at moderately elevated temperatures, whereas f0.2,θ decreases at higher 

temperatures (Figure 2.11). This may be explained by artificial ageing, i.e. the ageing 

process speeds up at moderately elevated temperatures. The turning point from 

increase to decrease in f0.2,θ in the tests reported occurs at a temperature of 

approximately 200 ºC for a thermal exposure period of 0.5 and 1.0 hour. At higher 

temperatures, f0.2,θ of the naturally aged alloy approaches that of the same alloy in 

artificially aged temper. 
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Figure 2.11 f0.2,θ of two 6xxx series alloys in various tempers after a thermal exposure period 
of 30 min (a. Average values for alloy 6063, data source: Kaufman (1999); b. Test data for 
alloy 6082, data source: Eberg et al. (1996) and Langhelle (1999)) 
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The test data show that the difference in f0.2,θ between an alloy in a heat-treated temper 

and the same alloy in annealed condition is not present any more at high temperatures, 

which is caused by annealing of the alloy. 

 

When exposed to elevated temperatures for a too long period, the precipitate particles 

grow, which is called overaging. The formation and growth of precipitate particles 

requires time. Test results show that f0.2,θ of heat-treated alloys indeed depends on the 

thermal exposure period (Maljaars (2005a) and Maljaars et al. (2005)). 

2.4.3 Modulus of elasticity and Poisson ratio 

Ambient temperature 

The modulus of elasticity varies between 65.500 N/mm2 and 72.400 N/mm2 for most 

commercially applied alloys (Cobden (1994)). The temper does not have a significant 

influence on the modulus of elasticity. The modulus of elasticity in compression is 

approximately 2 % higher than in tension for most alloys (Kaufman (1999)). The 

modulus of elasticity provided by EN 1999-1-1 (2007) is 70.000 N/mm2, independent of 

the alloy. This value is one third of that of steel.  

 

The Poisson ratio of aluminium is approximately ν = 0.33 in case of aluminium and 

aluminium alloys (Kammer (2002), Mondolfo (1976)). The Poisson ratio is expected to 

rise in when the stress exceeds fp, as the fully plastic value for incompressible, isotropic 

materials is νp = 0.5. 

 

Elevated temperature 

The modulus of elasticity Eθ decreases with increasing temperature. Data on Eθ of 

aluminium alloys at elevated temperature are given in Kaufman (1999), Langhelle 

(1999) and Voorhees and Freeman (1960).  

According to data in Kaufman (1999), the variation in Eθ between different alloys is 

larger at elevated temperature than at ambient temperature. Both at ambient and at 

elevated temperature, there is no difference in Eθ between different tempers of the 

same alloy. The value for Eθ appears to be independent of the thermal exposure 

period. This is explained by the fact that elastic deformation is the sole result of the 

inter-atomic distance. This distance is dominated by the main constituent, and 

therefore not dependent on alloy, treatment, exposure period or strain rate. 

 

For each of the alloys listed in Kaufman (1999), the ratio between the modulus of 

elasticity at elevated temperature and the modulus of elasticity at ambient temperature 

is determined. The average value of these elastic modulus ratios for all alloys is given 

in Figure 2.9 a. (grey curve). The standard deviation of the elastic modulus ratio is also 

shown in the figure.  
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When compared to the average values of f0.2,θ, it appears that, on average, Eθ reduces 

less fast as compared to f0.2,θ with increasing temperature (Figure 2.9). In case of mild 

steel, the ratio Eθ / f0.2,θ is almost independent of the temperature  (Renaud and Zhao 

(2006)). 

 

Literature on the Poisson ratio of aluminium at elevated temperature is not found. On 

the other hand, the Poisson ratio is usually less relevant for structural applications than 

other mechanical properties such as Eθ and f0.2,θ. 

2.4.4 Visco-elastic and visco-plastic behaviour 

The mechanical properties of aluminium exposed to an elevated temperature depend 

on the time exposed to elevated temperature. The phenomena responsible for this are 

visco-elasticity and visco-plasticity and change in temper. The effect on the change in 

temper is discussed in the previous paragraph. It depends on the temperature and the 

exposure time. Visco-elastic and visco-plastic behaviour is dependent on the 

temperature, the exposure time and the stress level. It exhibits in different ways, 

depending on the type of test carried out: 

- In a test with a constant stress and temperature (creep test), strains develop in 

time. The creep process is normally divided into three stages, i.e. a primary stage, 

with a decreasing strain rate in time, a secondary stage, with constant strain rate 

(the minimum strain rate) and a tertiary stage, with increasing strain rate (Figure 

2.12 a). At the end of the tertiary creep stage, creep rupture occurs. The strain rate 

increases at increasing temperature and/or stress (Figure 2.12 b). 

- In a steady state tensile test, a certain strain rate is applied. In paragraph 2.4.1, it 

is already noted that f0.2,θ following from the test depends on the strain rate 

applied, i.e. at elevated temperature, f0.2,θ increases at increasing strain rate. 
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Figure 2.12 Creep deformation of metals (a. Division in primary, secondary and tertiary 
creep; b. Influence of the stress level on the creep deformation) 
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If a creep test is carried out in which the stress is removed after a certain creep period, 

the elastic strain recovers instantaneously. A part of the creep strain also recovers in 

time, while the other part remains (Figure 2.13). The recovering part of the creep strain 

is called visco-elastic strain, while the remaining strain is called visco-plastic strain. The 

recovering creep strain is usually only a small portion of the total creep strain in case of 

metals (Findley et al. (1989)). 
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Figure 2.13 Real and modelled strain as a function of the time during loading and unloading 
(after Harmathy (1966)) 

 

Several creep databases on aluminium alloys exist. Voorhees and Freeman (1960) and 

Kaufman (1999) give creep strains after various exposure periods and the time to 

rupture of various alloys and tempers.  Kaspersen and Sørås (1994) and Krokeide 

(1991) carried out creep tensile tests on alloy 6082 T6. Their results are discussed in 

Eberg et al. (1996) and in Langhelle (1999). Also Hepples and Wale (1992) carried out 

creep tensile tests on alloy 6082 T6. 

 

Both for aluminium and steel, creep strains at ambient temperature are so small that 

they are usually neglected in the structural design. At temperatures exceeding 150 ºC, 

creep has a major influence on the mechanical properties (Sandström (1993); 

Engström and Sandström (1993)). 

 

The creep test data show that at elevated temperature, significant creep strains already 

develop in less than one hour. It may therefore be necessary to take creep into account 

in fire conditions. In general, the influence of creep on the mechanical properties is 

larger for non-heat treated alloys than for heat treated alloys. To illustrate this, Figure 

2.14 gives the ratio between the stress causing a creep strain, obtained after 60 

minutes and the stress causing this creep strain after 6 minutes as a function of 

temperature for alloys 5083-O and 6061-T6. 
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Figure 2.14 Stress ratio for a creep strain after 60 minutes and after 6 minutes as a function 
of temperature (a. Alloy 5083-H111; b. Alloy 6061-T6) 

 

Dorn-Harmathy creep model 

An analytical model is available with which the primary and secondary creep strain, 

εt,I+II, can be determined as a function of time, temperature and stress. The model is 

known as the Dorn-Harmathy model. It consists of an equation by Dorn (1954) for 

secondary creep εt,II (2.5) with an extension by Harmathy (1967) to incorporate primary 

creep εt,I (2.6). Tertiary creep εt,III is not incorporated in the model. εt,I, εt,II and εt,III are 

indicated in Figure 2.12. 
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Z is the Zener-Holloman parameter (Zener and Holloman (1944)), describing the 

influence of stress on the secondary strain rate. Equation (2.7) is proposed for this 

relation in McQueen and Jonas (1971), in which A, α and n are material dependent 

parameters (note that n in equation (2.7) is a different parameter as n of the Ramberg 

Osgood relation in equation (2.4)). 

( )( )nAZ σα ⋅⋅= sinh  (2.7) 

The influence of temperature is incorporated by the well-known Arrhenius equation 

( e
Q

R T
−

⋅ ), with Q is the material-dependent activation energy for creep [J/mol], R is the 

universal gas constant (R = 8.314 [J/mol K]) and T is the absolute temperature [K]. 

The model describes diffusional creep. As diffusional creep dominates the mechanical 

behaviour at temperatures higher than 0.5 times the absolute value of the melting 

temperature, the model is valid from this temperature onwards (Dorn (1954)). For 

aluminium alloys, this temperature is approximately equal to 150 ºC, i.e. the equation 
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applies in the temperature domain that is relevant for fire exposed aluminium 

structures. Dorn pointed out that the model can also be applied in case of a varying 

temperature in time. This makes the model suited for application in fire conditions, 

contrarily to many other creep models. 

 

The extension for primary creep (equation (2.5)) is based on curve fitting of creep test 

results of mild steel specimens. Parameter εt0 is the projection back to zero time of the 

secondary strain curve (Figure 2.12). Equation (2.8) is proposed for this parameter, in 

which D and m are material dependent parameters. Harmathy (1967) noted that 

equation (2.8) is based on a plot with badly scattered data 

( )0

m

t Dε σ= ⋅  (2.8) 

Although equation (2.6) is derived for constant stress in time, Harmathy (1967) showed 

that the equation can also be applied with reasonable accuracy for non-constant stress 

in time, provided dσ / dt is not too large. 

Harmathy (1966) and Thor (1973) applied the Dorn-Harmathy model to determine the 

deflection of a steel beam exposed to fire conditions. They assumed that the total 

mechanical strain εm at elevated temperature is the sum of the creep strain according 

to equation (2.6) and the elastic (instant) strain. 

2.4.5 Thermal expansion 

In case thermal expansion is restrained, internal stresses occur. Thermal expansion 

results in a change in the load distribution of statically indeterminate structures. 

Thermal stresses may also occur in members with a temperature gradient over the 

cross-section. 

 

Davis (1993) and Kammer (2002) give average coefficients of linear thermal expansion 

for various alloys up to 300 ºC and for pure commercial aluminium up to 500 ºC. The 

data show that the variation in the coefficient of linear thermal expansion between 

various alloys is only a few percent. EN 1999-1-2 (2007) gives equation (2.9) for the 

relation between thermal expansion εth and the member temperature θ : 

42528 105.41025.2100.1 −−− ⋅−⋅+⋅= θθε th       (20 ºC < θ < 500 ºC) (2.9) 

The coefficient of thermal expansion of aluminium is approximately two times the value 

for steel. On the other hand, the modulus of elasticity of aluminium is only one third of 

the modulus of elasticity of steel, both at ambient and at elevated temperature. This 

means that the thermal stresses induced when expansion is restrained are smaller than 

in case of steel. Further, the range of important temperatures is lower than in case of 

steel. Still, thermal expansion of aluminium may lead to significant changes in the load 

and the stress distribution and may cause plasticity or (local) buckling of the structure 

even for low values of the externally applied loads. 
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2.5 Chapter conclusions 

The low thermal capacitance in combination with the high thermal conductivity of 

aluminium results in fast heating of aluminium components when exposed to fire. The 

coefficient of linear thermal expansion is approximately two times higher than that of 

steel. When the expansion is restrained, high internal stresses may result. 

 

Only results of steady state tests on aluminium alloys are found in literature. However, 

the load and temperature conditions in transient state tests form a better approximation 

of the conditions of fire exposed structures than in case of steady state tests. 

The steady state tests found show that the 0.2% proof stress, the modulus of elasticity, 

the homogeneous strain and the ratio between ultimate tensile strength and 0.2 % 

proof stress of aluminium decrease at elevated temperature. f0.2,θ reduces from 75 % to 

25 % of the f0.2 at ambient temperature in the temperature range from 150 to 350 ºC. 

These temperatures are low when compared to steel. The low temperatures at which 

f0.2,θ reduces in combination with fast heating makes aluminium sensitive to fire 

exposure. 

The modulus of elasticity is (almost) independent of the alloy and the temper. 

 

Visco-plastic behaviour, normally neglected at ambient temperature in structural 

design, has a major influence on the mechanical properties at elevated temperature. 

This means that the stress-strain relation not only depends on the temperature, but 

also on the exposure time. Changes in temper at elevated temperature exhibit an 

additional time influence on the stress-strain relationships. 

 

Table 2.1 gives an overview of the relevant properties at elevated temperature. In this 

table, it is indicated whether the properties are known, or whether more research is 

necessary. 
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Table 2.1 Overview of relevant properties at elevated temperature 

Property Status Remarks 

Thermal 

conductivity 

Sufficiently 

known 

Varies between alloys at ambient temperature. 

At temperatures > 100 ºC, only data on pure 

aluminium are available. 

Specific heat Sufficiently 

known 

Varies little between alloys. At elevated 

temperature, only data on pure aluminium are 

available. It is assumed that these data also 

apply on alloys. 

Emissivity Sufficiently 

known 

For covered surfaces, EN 1999-1-2 specifies 

an emissivity of 0.7, independent of the 

coverage. 

Thermal 

expansion 

Known  

Stress-strain 

relationships 

Insufficiently 

known 

Transient state tests are not found in literature, 

only results of steady state and creep tests are 

given.  

Modulus of 

elasticity 

Known  

Poisson ratio Unknown For most structural failure mechanisms not 

relevant. 

Creep Insufficiently

known 

Creep data are available for a limited number 

of alloys. 
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3 State of the art on local buckling 

3.1 Scope of the chapter 

This chapter describes the failure mechanism of local buckling. Extensive information 

on local buckling at ambient temperature is given in many books, such as Bleich 

(1952), Timoshenko and Gere (1961), Trahair and Bradford (1988) and Galambos 

(1998). Based on the information in these books, paragraph 3.2 describes local 

buckling of plates with linear elastic material. Paragraph 3.3 discusses the ultimate 

buckling resistance of plates of bi-linear elastic-plastic material. Local buckling of plates 

with nonlinear material is the subject of paragraph 3.4. Based on the sensitivity to local 

buckling, the Eurocodes on steel and aluminium give a classification system of cross-

sections. The background of this classification system is given in paragraph 3.5. 

 

The information found on local buckling of plates exposed to fire conditions is limited. 

The studies found are discussed in paragraph 3.6. Figure 3.1 gives a graphical 

summary of this chapter. 

 
 σcr, σcr ,inel 

                                                                                 

   σcr,in el 

 
 

Figure 3.1 Graphical summary of chapter 3 

3.2 Linear elastic material properties 

When a plate with finite stiffness is loaded in plane by compression, bending or shear, 

deformations out-of-plane occur under certain circumstances. This may induce failure 

of the plate. This failure mechanism is called local buckling. 
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3.2.1 Critical buckling load 

The equation of equilibrium of a plate composed of linear elastic material and loaded in 

compression and bending has been derived by Saint Venant (Timoshenko and Gere 

(1961)). This equation forms the basis for the critical load of a plate. 
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In equations (3.1) and (3.2), t is the plate thickness, q is the out-of-plane load on the 

plate, σxx, σyy and τxy are the normal stresses in x and y direction and the shear stress 

in the plate, respectively, and w is the out-of-plane deformation (Figure 3.2). 

 

 

 

 

 

 

 

 

 

 

Figure 3.2 Local buckling of a simply supported plate 

 

The derivation of this equation is based on the theory of plate bending. The following 

assumptions apply: 

1. The thickness of the plate is small compared to other dimensions; 

2. The deflections are small (i.e. less than the thickness of the plate); 

3. The middle plane of the plate does not stretch during bending. This middle plane 

remains a neutral surface, analogous to the neutral axis of a beam; 

4. Plane sections remain normal to the neutral surface and do not distort, so that the 

stresses and strains are proportional to their distance form the neutral surface, i.e. 

the loads are entirely resisted by bending and twisting of the plate elements and the 

effect of shear deformations is neglected. 

 

Plate with simply supported edges loaded in compression 

The critical stress of a plate can be derived by omitting q in equation (3.1). As an 

example, consider the rectangular plate with dimensions L and b according to Figure 

3.2. The plate is loaded in compression by a uniformly distributed load along the edges 

and simply supported at edges (on which the load is applied) and sides (parallel to the 

w(x,y) 
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b 

x y 
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load direction). The critical load of a plate with these loading and boundary conditions 

is first determined by Bryan (1891). 

For the plate considered, τxy and σyy are equal to zero and σxx = σ, thus: 
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The boundary conditions for solving equation (3.3) are that the out of plane deformation 

w at the plate sides and edges are equal to zero. The solution that follows is: 
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Symbols m and n are natural numbers and denote the number of half wave lengths in 

directions b and L, respectively. Substitution of equation (3.4) in (3.3) results in: 
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Equation (3.5) is satisfied for any value of x and y when A is zero, i.e. when no lateral 

deflection occurs and the load is lower than the critical stress, or when the first part of 

the equation between brackets is zero. The latter case gives the elastic critical stress 

σcr: 
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The lowest value of the critical stress is found for n = 1, i.e. the plate buckles in such a 

mode that there is one half-wave in the direction perpendicular to compression. 

Expression (3.6) can be rewritten according to equations (3.7) and (3.8) for n = 1. 
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The lowest value for the critical stress is found for the lowest value of kcr. This is the 

case when m multiplied by b is closest to L. This means that the middle picture in 

Figure 3.2 indicates the buckled shape when b is equal to or approximates L (m = 1) 

and that the right-hand picture indicates the buckled shape when b is equal to or 

approximates ½.L (m = 2). 

 

Figure 3.3 gives the buckling factor kcr as a function of the ratio L / b (solid curves). The 

figure shows that a lower boundary for kcr for the plate considered is 4. Hence, the 
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elastic critical buckling load of the plate in Figure 3.2 with L >> b, is obtained with 

kcr = 4, substituted in equation (3.7). 
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Figure 3.3 Buckling factor kcr as a function of the ratio L / b for different values of m 

 

Influence of boundary conditions and loads 

The above elaboration of the critical stress concerns a plate, simply supported at all 

sides and loaded in uniform compression. Various authors have studied the critical 

stress of plates with other boundary conditions, such as clamped or free sides, and for 

plates loaded in bending. Their results are summarised by Gerhard and Becker (1957). 

The elastic critical stress of plates with other boundary or load conditions can also be 

expressed according to equation (3.7), with different values for buckling factor kcr. As 

an example, kcr of a plate with one side simply supported and the other side free, i.e. a 

simply supported outstand, is approximated with equation (3.9) (after Timoshenko and 

Gere (1961)). 
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This relation is shown with the dashed curve in Figure 3.3, assuming ν = 0.3.  Table 3.1 

gives the lower boundaries of kcr for plates with simply supported edges and various 

supports of the sides, assuming ν = 0.3. 

 

In practice, boundary conditions as given in Table 3.1 not always occur. In many cases, 

different plates of a section or a structure interact. The boundary conditions may then 

be in between purely hinged and purely clamped. The critical load of the section 

depends on the buckling length of the individual plates. More information can be found 

in Mennink (2002). 
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Table 3.1 Minimum values for kcr for plates with simply supported edges and various 
supports of the sides, loaded in compression, with ν = 0.3 

Type of plates Boundary conditions kcr 

Both sides simply supported  4.00 

One side clamped, other side simply 

supported 
 5.50 Internal parts 

Both sides clamped  7.00 

One side simply supported, other side 

free 
 0.425 

Outstands 

One side clamped, other side free  1.25 

3.2.2 Post buckling behaviour 

Unlike a centrically loaded column with symmetrical cross-section, a plate of linear 

elastic material does not collapse when reaching the elastic critical load. This is due to 

the fact that the parts of the plate near the supports are able to bear a higher load than 

the elastic critical load. Consequently, the stress distribution in the plate is uniform until 

the elastic critical load is reached and non-uniform at higher loads, as shown in Figure 

3.4 a. and b. 

 

 

 

 

 

 

 

 

 

Figure 3.4 Stress distribution in simply supported internal plates (a. σ lower than σcr; b. Post 

buckling stress division in a plate with linear elastic material  c. Post buckling stress division 
in a plate with elastic-plastic material) 

 

The overall buckling behaviour of a plate of linear elastic material is indicated with 

black, solid curves in Figure 3.5. The figure relates the average stress in the plate σav 

with the average axial strain εav and the out-of-plane deflection w. The post buckling 

behaviour of a plate can be analysed by using large deflection theory. Von Karman 

(1910) derived the system of equations for this case. For a number of boundary 

conditions, the system of equations has been solved. The results are summarised in 

Allen and Bulson (1980). The elastic post buckling stiffness E* of a plate with linear 

elastic material turns out to be approximately constant. Depending on the boundary 
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conditions of the plate, E* is in between 0.4 E and 0.5 E. Figure 3.5 b. shows that the 

out-of-plane deflection increases with increasing axial load. 
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Figure 3.5 Post buckling stiffness of plates (a. Axial deformation;  b. Lateral deformation) 
After Allen and Bulson (1980) and Hu et al. (1946) 

 

The description given above applies to perfectly flat plates. Real plates are not entirely 

flat, but have initial imperfections. The out of plane deflection of an imperfect plate 

increases from the beginning of loading. The grey curves in Figure 3.5 give the 

deflections of a plate with a maximum initial imperfection equal to imax = 1/1000 b. It is 

shown that the initial imperfection mainly influences the load-displacement trajectory 

near the critical load. 

3.3 Bi-linear elastic-plastic material properties 

3.3.1 Ultimate buckling resistance without imperfections 

The above given elaboration of the post buckling behaviour is valid for linear elastic 

material. Because of the occurrence of yielding, the stresses in the plates near the 

supported sides are subjected to a maximum. Hence, the ultimate strength of the plate 

depends both on the critical stress and the yield stress. 

Von Karman et al. (1932) introduced the effective width approach to determine the 

ultimate buckling resistance of steel plates. The approach is based on the simplification 

that the force carried by the plate, i.e. the integral of the stress over the plate area, is 

described by an effective width multiplied by the thickness and the yield strength (see 

Figure 3.4 c): 
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The effective plate width beff represents a plate with such a width, that the plate just 

buckles when the compressive stress reaches the yield stress. It is assumed that the 

ultimate resistance of a plate with b > beff is equal to the ultimate resistance of a plate 

with b = beff. Applying beff and fy in equation (3.7) results in expression (3.11). The 

effective width approach is summarised with equations (3.11) and (3.12). 
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b f

σ
=  (3.11) 

yeffu ftbN ⋅⋅=  (3.12) 

With σcr is the elastic critical stress according to equation (3.7), Nu is the ultimate 

resistance of the plate and fy is the yield stress. 

3.3.2 Influence of imperfections and residual stresses 

Winter (1947) carried out an extensive amount of tests on cold-formed steel sections. 

He concluded that for plates with initial imperfections and residual stresses, the 

effective width approach of Von Karman results generally in too high values for the 

ultimate buckling resistance. Winter (1947) defined a modification of the effective width 

approach of Von Karman, resulting in equation (3.13) instead of equation (3.11). 

Equation (3.13) is based on curve fitting of tests, where factors α and β depend on the 

boundary conditions of the plate. 
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Winter (1974) proposed α = 1.0 and β = 0.25 for simply supported internal plates. 

Based on later tests, β is set to 0.22. For simply supported outstands, α = 1.19 and β = 

0.30 (Kalyanaraman et al. (1977)). 

Most modern codes on steel structures use equation (3.13) for the local buckling 

resistance. 

 

Equations (3.11) and (3.13) show that the sensitivity to buckling depends on the square 

root of the ratio between of the 0.2 % proof stress and the critical stress. This ratio is 

called the relative slenderness ρλ :  
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Equation (3.14) shows that the sensitivity to buckling depends on the geometry 

(expressed by the ratio b / t and the value for kcr) and the mechanical properties 

(expressed by the ratios fy / E and 1/(1-ν2). 
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3.4 Nonlinear material properties 

3.4.1 Inelastic critical stress 

The equations for the critical stress in the previous paragraphs are valid for linear 

elastic material and for bi-linear elastic-plastic material. Aluminium, however, has a 

nonlinear stress-strain relationship (Figure 3.6 a). The secant modulus of elasticity (Es 

= σ/ε) and the tangential modulus of elasticity (Et = dσ/dε) are used to account for the 

shape of the stress-strain curves in the equations of the critical stress. A graphical 

representation of Es and Et is given in Figure 3.6 b. 
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Figure 3.6 Nonlinear stress-strain curves (a. Curves with different ratios fp / f02; b. Definition 
of E, Es and Et) 

 

As local buckling causes stresses both in the direction of loading and perpendicular to 

this direction, the buckling load depends on the material characteristics in both 

directions. 

 

Stowell (1948) assumed that Et is effective in direction of the load and that E is valid in 

the direction perpendicular to the load. Applying the principle of virtual work, he 

determined an equation for the inelastic critical stress σcr,inel. σcr,inel is equal to the 

elastic critical stress σcr, multiplied by a factor η (equation (3.15)). The factor η depends 

on the support conditions and on E, Es and Et. The values for η are given in Table 3.2. 

In the derivation of η, a Poisson ratio of 0.5 is applied, which is valid for buckling in the 

plastic region. 
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As Es and Et depend on σ, σcr,inel has to be determined iteratively. 
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Table 3.2 Factor η with which the critical elastic buckling load is multiplied to account for 
nonlinear stress-strain relationships (after Stowell (1948)) 

Type of plate Boundary conditions η 

Both sides simply 

supported 
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3.4.2 Ultimate buckling resistance 

The approach of Von Karman and Winter is based on steel and valid for bi-linear 

elastic-plastic material. In case of nonlinear stress strain curves as for aluminium, it is 

necessary to modify the approach. Local buckling of aluminium sections has been 

studied extensively. 

 

Method of Hopperstad and Langseth 

Hopperstad et al. (1997) and (1999) and Langseth and Hopperstad (1997) carried out 

stub column tests and finite element analyses on cruciform sections and square hollow 

sections. For evaluating the ultimate resistance Nu, it is proposed to apply Stowell’s 

equation (3.15) for σcr,inel in combination with the effective width method of Von 

Karman, using f0.2 instead of fy. In the calculation procedure, the axial strain is 

increased step-by-step, calculating σcr,inel according to equation (3.15), the effective 

width beff,σ according to equation (3.16) and the resistance Nσ according to equation 

(3.17). The ultimate resistance Nu is the maximum value of Nσ (equation (3.18)). 

σ
σσ inelcreff

b

b ,, =  (3.16) 

σσσ ⋅⋅= tbN eff ,  (3.17) 

( )σNNu max=  (3.18) 

Using the Ramberg-Osgood relation (equation 2.4) and equations (3.15) up to (3.18), 

Hopperstad et al. (1999) derived an explicit function for the buckling resistance for 

outstands with postbuckling strength (equations (3.19) and (3.21)). εpl,u is the plastic 

strain at Nu, determined with equation (3.20). σcr is determined with equation (3.7). 
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Method of Mazzolani et al. 

Mazzolani and co-workers (Landolfo and Mazzolani (1997a), (1997b); Mazzolani, 

Faella, Piluso, Rizzano, (1996a), (1996b), (1997), (1999); Mazzolani, Piluso, Rizzano 

(1997), (2001)) carried out a large number of stub column tests on square hollow 

sections, rectangular hollow sections and C-channels. In order to let local buckling be 

the decisive failure mechanism, instead of global buckling or interaction between local 

and global buckling, the length of the columns was short (often between one and two 

times the width of the largest plate of which the column is composed). Based on the 

results, design models are proposed to determine the buckling resistance. 

 

The method in Mazzolani et al. (1999) is similar to that of Hopperstad et al. (1999), but 

using equation (3.22) instead of (3.16), with α = 1 and β = 0.11 for internal plates and 

α =1.19 and β = 0.15 for outstands. 
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This equation is equal to that applied for steel (equation (3.13)), but using the σcr,inel 

instead of σcr and using other (more favourable) coefficients β. 

 

A slightly different design model is proposed in Mazzolani, Piluso, Rizzano (1997): 

- For internal plates buckling in the inelastic range, i.e. σcr > fp, it is proposed to use 

the same calculation model as Hopperstad and Langseth (1999), i.e. equations 

(3.15), (3.16), (3.17) and (3.18); 

- For internal plates buckling in the elastic range, i.e. σcr ≤ fp, the ultimate resistance 

is based on the elastic critical load, i.e. on equation (3.7) with α = 1 and β = 0.11. 

Further, an equation is proposed for the critical load of rectangular hollow sections 

composed of plates with different slenderness. 

 

Methods of other researchers 

Mofflin and Dwight (1983), (1984) carried out compression tests on individual, slender 

plates and executed numerical simulations of simply supported internal parts and 

outstands. For unwelded plates, the maximum initial imperfection applied in the 

calculations was imax = b / 1000. For welded plates, this out-of-flatness was 
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imax = b / 200, together with a certain distribution of residual stresses. The research 

resulted in a proposal for buckling curves for slender plates in compression. 

 

Mennink (2002) carried out compression tests on slender sections and numerical 

simulations of plates and sections, resulting in a proposal for a calculation model for 

local buckling sections consisting of plates with various slendernesses. 

It is concluded that for plates that buckle in the elastic range, significant post-buckling 

strength is developed. Little post-buckling strength develops in case the critical stress 

is larger than the proportional limit. For such less slender plates, σcr,inel gives a lower 

bound for the stress at the ultimate buckling resistance. The equations provided by 

Mennink (2002) to determine the average stress at the ultimate buckling resistance σu 

are as follows: 

( )pcrupcr ftbNf 32.068.0 +⋅⋅=⇒< σσ  (3.23) 

inelcrupcr tbNf ,σσ ⋅⋅=⇒≥  (3.24) 

Method in EN 1999-1-1 (2007) 

In the methods of Mazzolani and Mennink, Nu has to be determined iteratively. In order 

to simplify the calculation procedure, EN 1999-1-1 (2007) uses σcr instead of σcr,inel. The 

relative value for the ultimate buckling resistance (in short: the relative buckling 

resistance), indicated with ρc
6 , is determined with equation (3.25). The ultimate 

buckling resistance of a plate in compression Nu is determined with equation (3.26). 

(The method in the code is rewritten in such a way that it has a similar formulation as 

equation (3.13)). 
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cu tbfN ρ⋅⋅⋅= 2.0  (3.26) 

The code accounts for the shape of the stress-strain curves by dividing the alloys into 

two classes (Figure 3.6 a): 

- Alloys in class A have a stress-strain relationship close to bi-linear elastic-plastic 

behaviour; i.e. fp is close to f0.2; 

- Alloys in class B have a stress-strain curve for which fp is considerably smaller 

than f0.2. 

The border between class A and B is set as n = 10 in the Ramberg Osgood relation, 

equation 2.4 (Landolfo and Mazzolani (1997b)). 

                                                             
6 ρc is a factor which has to be multiplied by the thickness to obtain an effective thickness. 
Note that, for members in compression, there is no difference in results between applying an 
effective width or an effective thickness. For members in bending, the difference is in most 
cases small. 
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The coefficients α and β in equation (3.26) depend on the class and are given in Table 

3.3. For class A, the parameters are equal to or close to that of steel. For class B 

alloys, the buckling curves are less favourable. Different values for these parameters 

are also given for members with longitudinal welds. 

 

Table 3.3 Parameters α and β in equation (3.26) according to EN 1999-1-1 (2007) 

 Class A Class A welded Class B Class B welded 

internal plate α=1.00 β=0.22 α=0.91 β=0.21 α=0.91 β=0.21 α=0.79 β=0.19 

outstand α=0.96 β=0.23 α=0.86 β=0.21 α=0.86 β=0.21 α=0.77 β=0.19 

3.5 Classification of the cross-section 

Local buckling not only influences the strength, but also limits the deformation capacity. 

This deformation capacity is important in the design of structures, as it determines the 

possibility to apply the elastic or plastic moment resistance and to allow redistribution of 

forces and moments. Therefore, EN 1999-1-1 (2007) provides a classification system 

of cross-sections, in which the section is classified depending on the deformation at 

which the member fails due to local buckling (not to be confused with the material 

classification into class A and B). The classification system is similar to that of steel in 

EN 1993-1-1 (1995), and outlined for aluminium in Mazzolani and Piluso (1997). Tests 

and numerical simulations to determine a classification system are described e.g. by 

Moen et al. (1999), Moen, Hopperstad and Langseth (1999), Faella et al. (2000) and 

De Matteis et al. (2001). 

 

The classification of members in bending is illustrated in Figure 3.7. The horizontal axis 

shows the actual rotation of the section φ divided by the rotation corresponding to the 

attainment of the 0.2 % proof stress, φ0.2. The vertical axis of this figure shows the 

actual moment M divided by the elastic moment M0.2. The latter is determined by 

multiplying f0.2 with the elastic section modulus Wel.
7 

 

Class 1:  (Ductile) Sections in which local buckling occurs after extensive deformation, 

or does not occur at all. The plastic capacity of the cross-sections can be 

achieved for these sections and the deformation capacity is sufficient to make 

redistribution of forces possible; 

Class 2: (Compact) The plastic capacity of the cross-sections Mpl, determined by 

multiplying f0.2 with the plastic section modulus Wpl,
7 can develop before 

buckling occurs. The deformation capacity is limited because of local buckling 

and it is insufficient to make redistribution of forces possible. The border 

                                                             
7 This definition has actually no physical meaning in case of material with a nonlinear stress-
strain curve, such as aluminium 
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 between classes 2 and 1 is set as the plastic moment at which the curvature of 

the beam is equal to 5 times the curvature corresponding to the attainment of 

the 0.2 % proof stress. This moment is denoted as α5
.M0.2; 

Class 3: (Semi-compact) Local buckling occurs after the 0.2% proof stress is reached 

in the extreme fibre of the member, but before the full plastic capacity is 

reached. The design value of the capacity of the cross-section may be 

determined with the theory of elasticity; the ultimate bending moment for the 

design is equal to M0.2. The factor α0, indicating the border between class 3 

and class 2 sections in Figure 3.7, is equal to the ratio Wpl / Wel; 

Class 4: (Slender) Local buckling occurs before the 0.2% proof stress is reached in one 

or more parts of the cross-section. Buckling thus occurs in the elastic range. 

Only in case of these cross-sections, a check on the local buckling resistance 

is necessary. 
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Figure 3.7 Classification of the cross-section of aluminium members 

 

The borders between the classes in EN 1999-1-1 (2007) are given as values for the 

relative plate slenderness 
ρλ  (equation 3.14). Different borders apply for class A and 

class B material (Maljaars (2005a)). 

 

In case of members loaded in uniform compression, only two classes apply. First, class 

4, for which the ultimate resistance is limited by local buckling as described in 

paragraphs 3.3 and 3.4 and second, classes 1-3, for which the ultimate resistance is 

determined by multiplying the f0.2 with the gross area of the cross-section b .t. 

3.6 Local buckling at elevated temperature 

3.6.1 Models 

Research on local buckling of aluminium members at elevated temperature is not found 

in literature. EN 1999-1-2 (2007) does not provide a simple calculation method for local 

buckling of fire exposed, slender aluminium sections. Several studies are carried out on 

local buckling of thin walled steel plates or sections exposed to fire conditions. 
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Ranby (1998), (1999) carried out an analytical and numerical (finite element) research 

on thin walled steel C-sections. It is suggested to apply the same design models for the 

local buckling resistance at elevated temperature as currently applied in EN 1993-1-1 

(1995) for ambient temperature, i.e. applying equation (3.13) with the same coefficients 

α and β as for steel at ambient temperature. The modulus of elasticity that should be 

applied in the calculation model is the initial modulus of elasticity at elevated 

temperature Eθ and the material strength value to be applied is f0.2,θ 
8. The method has 

been included in the informative Annex E of EN 1993-1-2 (2004). 

 

Uy and Bradford (1995) carried out a numerical research to local buckling of cold-

formed steel sections in composite steel-concrete structural elements at elevated 

temperature. For this purpose, the finite strip method (Cheung (1976)) was applied. 

They suggest to apply equation (3.24) for the critical stress in case of buckling in the 

elastic range and (3.25) in case σcr,θ > fp,θ. 
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Research on local buckling of steel components at elevated temperature, using the 

finite element method is also reported in Zhao et al. (2003) and Renaud and Zhao 

(2006). In these researches, the effective width is calculated using the material 

properties (E and fy) at ambient temperature. This simplification is based on the fact 

that for the cold-formed steel considered, the ratio f0.2,θ / Eθ varies only slightly with the 

temperature. 

 

Based on an analytical model and curve fitting with finite element models, Knobloch 

(2007) and Knobloch and Fontana (2006), (2007) provide an alternative design model 

for local buckling of steel internal plates exposed to fire conditions. This method is 

based on the fact that the resistance to buckling decreases, while the material strength 

increases with increasing axial strain. For various b / t ratios, curves are provided that 

give the relation between Nuε / Nε and the axial strain ε. Nuε is the resistance of the 

plate at strain ε and Nε = A . σ(ε), where σ(ε) is obtained from the stress-strain curve. 

The curves provided can be used to iteratively determine the resistance of the plate Nu:  

The strain ε is increased step-by-step, Nε is determined as a function of ε and Nuε / Nε 

is read from the curves provided. The largest value of Nuε is the utimate resistance Nu. 

The method is similar to that of Hopperstad et al. (1999) and Mazzolani et al. (1999) as 

                                                             
8 The 2.0 % proof stress f2,θ is used in the design models for other failure mechanisms for 
fire exposed steel in EN 1993-1-2 
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described in paragraph 3.4.2, but it is based on curves instead of equations. The 

method is relatively time-consuming. It is not suited to be used for outstands. 

 

Most of the models in the studies described above are not validated with tests. Only 

Ranby (1998) compared results of the finite element model with three steady state tests 

at elevated temperature. The tests are, however, carried out on relatively stocky 

sections (with ρc at ambient temperature ≈ 0.80), and the difference in ultimate 

resistance between tests and finite element model was of the same order of magnitude 

as the influence of local buckling on the resistance. The differences found between 

tests and models are attributed to the fact that the mechanical properties at elevated 

temperatures are not determined for the steel grade used. 

Other test series, such as Yang et al. (2005), are not used for drafting a design model. 

3.6.2 Influence of restrained thermal expansion 

Restrained thermal expansion may result in significant stresses. In case of members 

that are not sensitive to buckling, the 0.2 % proof stress at elevated temperature, f0.2,θ, 

reduces as the temperature increases, and finally f0.2,θ approaches the externally 

applied stress. The internal stress due to restrained thermal expansion then flow off, 

and the critical temperature of a member with a uniform temperature distribution can be 

approximated by neglecting restrained thermal expansion. 

In case of members that are sensitive to local buckling, however, the member collapses 

before the 0.2 % proof stress is reached. Restrained thermal expansion may in this 

case influence the critical temperature. 

 

It is possible to incorporate the effect of restrained thermal expansion on the resistance 

for local buckling in the design model of Knobloch and Fontana (2007). In Heidarpour 

and Bradford (2007), the relation between the b / t ratio and the critical temperature to 

cause buckling without external load has been determined for steel outstands. For b / t 
ratios greater than 12, the critical temperature is lower than 200 ºC, which is a low 

temperature for fire exposed steel structures. This indicates how important restrained 

thermal expansion is for local buckling. 

3.6.3 Classification 

According to a simple calculation model in EN 1999-1-2 (2007), aluminium sections 

exposed to fire conditions may be classified as for ambient temperature design 

according to EN 1999-1-1 (2007). In this case, changes in material properties are not 

accounted for. Lundberg (1995) gives the background to this simple calculation model. 

It is noted that, for all alloys listed in EN 1999-1-2 (2007), the ratio between Eθ and f0.2,θ 

increases at increasing temperature θ. This may indicate that the sensitivity to local 

buckling for unrestrained structural elements decreases compared to ambient 

temperature (assuming that the Poisson ratio remains approximately unchanged at 
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elevated temperature). The simple calculation model thus provides conservative values 

for the ultimate resistance. 

 

On the contrary, the ratio between Eθ and f2,θ of mild steel is at some temperatures 

lower than at ambient temperature. To account for this, EN 1993-1-2 (2004) specifies 

that the same classification should be used as at ambient temperature, but that the b / t 
ratios that mark the borders between the classes should be divided by a factor 0.85 

(Twilt (2003)). 

3.7 Chapter conclusions 

The failure mechanism of local buckling is discussed in this chapter. The chapter 

shows that the ultimate resistance of a plate depends both on the material strength (f0.2, 

fy) and on the critical buckling load. It is shown that important factors influencing the 

sensitivity to local buckling are the ratio E / f0.2, the shape of the stress-strain curve 

denoted with parameter n, the ratio b / t and the boundary conditions of the plate, 

expressed by kcr. Because aluminium has a relatively low modulus of elasticity, and 

because thin wall thicknesses are usually applied in aluminium structures, local 

buckling is an important failure mechanism for aluminium structures. 

 

Analytical model exists to determine the critical stress of plates with linear elastic or 

with nonlinear material. Several semi-empirical methods are available to determine the 

ultimate buckling resistance of plates with bi-linear elastic-plastic or with nonlinear 

material at ambient temperature. 

 

Research is not found on local buckling of aluminium sections exposed to fire 

conditions. Research on local buckling of steel plates indicates that the behaviour at 

elevated temperature is comparable with that at ambient temperature, but that the 

changed shape of the stress-strain curve has to be taken into account. However, the 

numerical models used in these studies are not validated with appropriate tests. The 

effect of restrained thermal expansion on the local buckling behaviour is demonstrated 

to be significant for steel structures, leading to local buckling at temperatures as low as 

200 ºC. On the basis of the material properties of Aluminium (E and αTH), it can be 

expected that similar restrained expansion will also be of importance for aluminium. 

 

The evaluation of members in the Eurocodes is based on a classification system of the 

cross-section. This classification system is dependent on the deformation at which local 

buckling occurs. EN 1999-1-2 (2007) applies the same classification for fire design of 

aluminium as for ambient temperature. 



 45 

4 Heating of aluminium members exposed to fire 

4.1 Scope of the chapter 

The mechanical properties to be used in fire design depend on the maximum member 

temperature and the temperature-time history. It is therefore necessary to evaluate the 

temperature development of the structural members when exposed to fire. This chapter 

gives the temperature development of unprotected and protected aluminium members. 

 

Paragraph 4.2 gives an overview of gas temperature-time curves which can be applied 

in fire design. Heating of unprotected members (paragraph 4.3) and protected 

members (paragraph 4.4) applied inside a fire compartment and exposed to these 

temperature conditions is evaluated. Paragraph 4.5 discusses heating of components 

applied outside a compartment. The information obtained from this chapter will be used 

to answer the question whether or not it is relevant to accurately determine the 

structural response of an aluminium structure in fire design. Figure 4.1 gives a 

graphical summary of this chapter. 

 

 

 

 

 

 

 

 

 

Figure 4.1 Graphical summary of chapter 4 

4.2 Gas temperature 

The temperature development in a compartment in case of a fire is, for structural 

applications, often schematised according to the solid curve in Figure 4.2. The three 

phases distinguished in a fire are the growth phase, the fully developed phase and the 

decay phase. 

 

The actual gas temperature depends on the geometry of the fire compartment and the 

amount and types of combustibles. Nominal temperature-time curves are traditionally 

applied for the verification of the fire resistance of a structure. These curves are 
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independent of the specific layout and occupancy of the fire compartment, and they are 

a simplified representation of a real fire. The most well-known nominal curve is the 

standard temperature-time curve (standard fire, ISO 834), indicated with the dashed 

curve in Figure 4.2 and represented by equation (4.1), with θg is the gas temperature 

[ºC] and t is the time [min]. 

( )20 345 log 8 1g tθ = + ⋅ +  (4.1) 

 

 

 

 

 

 

 

 

 

Figure 4.2 Phases distinguished in a fire 

 

Another possibility is to base the fire design on a natural fire safety concept (NFSC), 

which considers the geometry of the fire compartment and the amount and types of 

combustibles, thereby providing a more realistic approximation of the gas temperature 

than nominal temperature time curves. Contrarily to the standard fire, the growth phase 

and decay phase can be taken into account in the NFSC. Both the standard fire and the 

NFSC are implemented in the Eurocode on actions in case of fire, EN 1991-1-2 (2002). 

 

Two of the most important parameters determining the temperature-time curve in the 

NFSC are the ventilation conditions (determined by the amount and size of openings 

such as doors and windows in relation to the entire surface of the boundary enclosure 

of the compartment) and the fire load density qf, i.e. the total energy that is released by 

combustion of all combustibles in a fire compartment per unit area. In EN 1991-1-2 

(2002), generalised values are given for qf, depending on the occupancy of the 

compartment. Active measures, such as fire detectors and automatic fire extinguishing 

systems, influence the probability that a small, local fire develops into a fully developed 

fire. Based on a probability study, reduction factors δn on the fire load density are 

determined for various active measures. The probability of fire initiation caused by the 

type of activity and the floor area is also taken into account by factors on qf. The design 

value of qf applied in the calculation is multiplied with the product of these factors. More 

information on the NFSC is given in Schleich et al. (2001). 

 

In order to determine how aluminium members are heated when exposed to fire, a wide 

range of gas temperature-time curves, based on the NFSC, are generated in the 
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current research. The geometry of the compartments, the occupancy and the factors 

for the active measures selected for this purpose are indicated in Table 4.1. The 

openings considered are indicated in Figure 4.3. 

 
Table 4.1 Parameters selected for gas temperatures according to the NFSC 

Parameter Values 

Compartment 

size 

length x width x height = 20 m x 10 m x 3 m (floor area 200 m2), 

length x width x height = 40 m x 20 m x 3 m (floor area 800 m2) 

Occupancies1) Dwelling (qf = 948 MJ/m2), Office (511 MJ/m2),  

Transport (104 MJ/m2) 

Active 

measures 
Πδn = 0.78,   Πδn = 0.50,  Πδn = 0.26 

1) An example of transport occupancy is a train station 

 

Floor plans: 

 

 

 

 

 

 

 

Figure 4.3 Openings (indicated in the floor plans) considered in the study 

 

The gas temperature-time curves for these compartments are determined with the 

software OZONE (Cadorin et al. (2001)). A selection of the resulting curves is given in 

the graphs in Figure 4.4. In these graphs, different ventilation conditions are indicated 

with different grey-scales of the curves (corresponding to the grey-scales in Figure 4.3), 

while the symbols indicate the reduction factors Πδn on the fire load density. The 

dashed curve is the standard fire. More information on the construction of these curves 

is given in Maljaars (2005b) and Maljaars et al (2006). 

 

In order to determine whether or not a structure complies with the fire design, the 

requirement on the fire resistance has to be known. For a standard fire, the 

requirement is given by national laws, and is commonly 30 up to 120 minutes. For the 

NFSC, no generally accepted specification exists. In this study, two basically different 

requirements are considered for the NFSC: 

- Requirement 1. The structure should maintain its load bearing function during the 

entire fire; 

- Requirement 2. The structure should maintain its load bearing function for 30 

minutes after initiation of the fire. 
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These requirements do not necessarily correspond with the requirements set in 

practice to structures evaluated on the basis of the NFSC. Using these requirements, it 

is not intended to introduce new requirements to be used in practice. The reason to 

apply these requirements is for the purpose of a comprehensive evaluation only. 
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Figure 4.4 Gas temperatures of the NFSC (a. Dwelling occupancy with floor area of 200 m2; 
b. Office occupancy with floor area of 800 m2; c. Transport occupancy with floor area of 
800 m2) 

4.3 Heating of unprotected members fully engulfed in flame 

4.3.1 Calculation procedure for the member temperature 

The temperature of a solid exposed to a gas temperature-time curve can be 

determined by solving equation (2.1). Using the assumption of a uniform temperature 

through the cross-section, i.e. assuming an infinitively large thermal conductivity, the 

equation and its boundary conditions reduce to (EN 1999-1-2 (2007)): 
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In which t is the time, Tm is the absolute member temperature, c, ρ and εm are material 

properties with values according to paragraph 2.3.2 (εm is taken as 0.7 for covered 

surfaces), εf is the emissivity of the fire, taken as 1.0, Tr is the radiation temperature, 

taken equal to the gas temperature Tg.  

From equation (4.1) it follows that the member temperature depends on the section 

factor, defined as the exposed surface area of the member Am divided by its volume V. 

In this study, two aluminium members are considered: 

- A square hollow section with a width of 100 mm and a wall thickness of 8 mm 

(section factor Am/V = 136 m-1); 

- A square hollow section with a width of 50 mm and a wall thickness of 1 mm 

(section factor Am/V = 1020 m-1). 

4.3.2 Evaluation of the member temperature 

From Figure 2.9, it follows that the 0.2 % proof stress of aluminium alloys reduces in 

the temperature range of 150 to 350 ºC. In the evaluation of the fire resistance, it is 

focussed on this temperature range. These temperatures are exceeded in all cases 

when exposed to the standard fire. Hence, insulation is always required when the fire 

design of aluminium members is evaluated based on the standard fire. 

 

Figure 4.5 gives an example of the temperature-time curve of the aluminium sections 

exposed to natural fire conditions for compartment 1 with a transport function and with 

Πδn = 0.26. The temperature of the section with Am/V = 1020/m follows the gas 

temperature without a substantial delay. The maximum temperature of both members 

is shown to be almost equal to the gas temperature. This is found for all NFSC gas 

temperature-time curves considered. Thus, a good approximation of the maximum 

temperature of unprotected members is obtained by determining the maximum gas 

temperatures in Figure 4.4. 

 

In case the NFSC is applied with requirement 1, the maximum member temperature of 

unprotected members remains within the relevant temperature range (i.e. < 350 ºC) 

only in case of extremely low fire load densities in combination with large openings 

(consider the maximum gas temperatures in Figure 4.4). Only in case of a transport 

function (with a low fire load density) with several types of active measures applied in 

the compartment and large parts of the facades opened, the member temperature 

remains in the relevant temperature range. Using requirement 2, the temperature range 

remains sufficiently low in more cases, however, also for this requirement the fire load 

density has to be low and the openings large in order to allow for unprotected 

aluminium. In all other cases, insulation is required (Maljaars (2005b)). 
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Figure 4.5 Example of unprotected member temperature when exposed to a certain NFSC 

4.4 Heating of insulated members 

The previous paragraph showed that insulation is required in most cases. This 

paragraph gives the temperature development in insulated members exposed to fire. 

4.4.1 Calculation procedure for the member temperature 

For all temperature-time curves resulting from the compartment layouts considered, the 

insulated member temperature is determined by solving equation (2.1) numerically. For 

this purpose, 2D finite element models are developed in the finite element program 

DIANA 9.2 (De Witte and Kikstra (2007)). 

The aluminium member and the insulation are modelled with 8-noded elements 

CQ8HT, applying a 2 * 2 integration scheme. Full contact is assumed between the 

insulation material and the aluminium member. The boundary between gas and solid is 

modelled with 3-noded elements BC3HT. The mesh is shown in Figure 4.6. Transient 

state heat analyses are carried out with the models.  
 

                     

 

 

 

 

 

 

 

 

 

Figure 4.6 Mesh of the finite element model used for evaluating the temperature of insulated 
members (example with insulation thickness of 25 mm, section Am / V = 1020/m)  
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The boundary conditions of equation 2.1 are formed by heat flow by convection and 

radiation (paragraph 2.3.1). The model only provides the possibility to take account of 

heating by convection. To take radiation into account, a modified convection coefficient 

αmod is applied in the model, according to equation (4.3)9. (The original convection 

coefficient is according to equation (4.2)). 
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αmod thus depends on the gas and member temperature. It is specified accordingly in 

the model. 

 

It should be pointed out that the model used in this study is not validated with tests. 

However, similar models, using the same type of elements, are regularly applied to 

determine the thermal response. 

4.4.2 Heating by the standard fire 

The temperature development in members heated by the standard fire is determined 

for three insulation materials p1, p2 and p3, with fictitious – but not unrealistic – thermal 

properties according to Table 4.2. The thermal conductivity λp depends on the 

temperature of the insulation material θp. 

 
Table 4.2 Thermal properties of insulation materials considered 

material ρp [kg/m3] cp [J/kgK] λp [W/mK] symbol 

p1 60 1030 5.10-8 θp
2 + 2.6.10-5 θp + 2.10-2 + 

p2 240 900 1.10-8 θp
2 + 2.1.10-2 □  

p3 240 1000 4.10-8 θp
2 + 2.6.10-5 θp + 2.5.10-2 ○  

 

Results of the finite element analyses are given in Table 4.3, Figure 4.7 and Figure 4.8. 

Table 4.3 gives the insulation thicknesses required to obtain a maximum member 

temperature of 200 or 300 ºC after 30 or 120 minutes of exposure to the standard fire. 

The temperature as a function of time for these sections is given in Figure 4.7. 

                                                             
9 This is for an exact calculation. The convection coefficient does not significantly influence 
the member temperature 
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Table 4.3 Required thickness of insulation material 

Am/V [/m] 1020 136 

Fire resistance [min] 30 120 30 120 

Temperature [ºC] 200 300 200 300 200 300 200 300 

Thickness p1 [mm] 51 41 144 131 13 8 79 55 

Thickness p2 [mm] 30 25 78 70 12 8 52 41 

Thickness p3 [mm] 22 17 58 50 7 4 32 22 
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Figure 4.7 Member temperature as a function of time of insulated aluminium members 
exposed to the standard fire (a. Fire resistance of 30 min.; b. Fire resistance of 120 min.) 

 

Figure 4.8 gives the relation between the maximum member temperature and the 

thickness of the insulation layer of material p1. The figure gives results for both 

aluminium and steel sections. The analyses show that the amount of insulation 

required for a member temperature of 350 ºC is 20 to 70 % of the insulation required for 

a member temperature of 150 ºC, the percentage depending on the section factor and 

the fire resistance. Similar percentages are obtained with the other insulation materials. 
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Figure 4.8 Relation between insulation thickness and member temperature for aluminium 
and steel members exposed to the standard fire (a. Fire resistance 30 min.; b. Fire 
resistance 120 min.) 

 

Discussion of results 

Although the insulation thickness required depends largely on the insulation material, 

the temperature development in the section is similar for the different insulation 

materials. From a temperature of 50 ºC onwards, the heating rate is approximately 

constant. The duration of the period before this temperature is reached varies, and 

depends mainly on the fire resistance requirement (i.e. the relative insulation thickness) 

and the section factor (Table 4.3 and Figure 4.7). 

 

In fire design, it may be possible to insulate the structure in such a way that a member 

temperature of 150 ºC is not reached. In such a case, the mechanical properties are 

almost not reduced, so that the determination of the structural response in the fire 

design can be omitted. However, Figure 4.8 shows that considerably more insulation is 

required for a maximum member temperature of 150 ºC than for of e.g. 200 or 300 ºC. 

It may therefore be economical to determine the structural response in fire design, in 

order to determine the actual critical temperature. 

4.4.3 Heating by natural fire conditions 

The temperature development in members exposed to the gas temperature-time 

curves that are based on the NFSC is determined for insulation material p1. As an 

example, Figure 4.9 gives the temperature development as a function of the time of 

insulated aluminium sections exposed to a certain gas temperature-time curve, with a 

maximum gas temperature of 1300 ºC. Different curves in Figure 4.9 indicate different 
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thicknesses of the insulation layer. The thicknesses are chosen in such a way that the 

maximum member temperature is in the relevant temperature range, i.e. 150 to 350 ºC. 
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Figure 4.9 Temperature development of sections with various insulation thicknesses tins, 
exposed to certain natural fire conditions (a. Am / V = 1020 m-1; b. Am / V = 136 m-1) 

 

For all gas temperature-time curves and for both sections considered, the relation 

between the insulation thickness of material p1 and the maximum member temperature 

is determined for both requirement 1 and requirement 2. Figures 4.10, 4.11 and 4.12 

give some results of the maximum member temperature as a function of the relative 

amount of insulation. This relative amount of insulation is defined as the insulation 

mass required to obtain a certain member temperature, mins,θ, divided by the insulation 

mass required for a member temperature of 150 ºC, mins,150ºC. The left-hand graphs in 

the figures refer to requirement 1 and the right-hand graphs to requirement 2. The 

curves correspond to the compartment layouts for which the gas temperature is given 

in Figure 4.4. Curves of individual cases are given in Maljaars et al. (2006). 

 

For some cases the curves are given up to a certain temperature, lower than 350 ºC. 

This is due to the fact that the minimum practical insulation thickness, taken into 

account in this study, is 5 mm. The ends of the curves mark this thickness.  
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Figure 4.10 Relation between relative amount of insulation and max. member temperature 
for dwelling occupancy, area 200 m2 (a. Requirement 1; b. Requirement 2) 
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Figure 4.11 Relation between relative amount of insulation and max. member temperature 
for office occupancy, area 800 m2 (a. Requirement 1; b. Requirement 2) 
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Figure 4.12 Relation between relative amount of insulation and max. member temperature 
for transport occupancy, area 800 m2, for requirement 1 

 

Discussion of the results 

Figure 4.9 shows that the insulation thickness for requirement 1 (and insulation 

material p1) has to be large (> 100 mm) in some cases. In practice, this may result in 

uneconomic and/or difficult to apply solutions. Besides, the advantage of relative 

lightweight construction is lost. 

The figure also shows that the aluminium member needs to be so heavily insulated, 

that the aluminium temperature may still increase several hours after the decay phase 

has started. In this thesis, no attention is paid to this problem. 

 

The temperature development of the sections and the required insulation thickness 

vary widely, and depend to a large extent on the gas temperature-time curves and the 

section factor (Figure 4.9). However, the relation between the maximum member 

temperature and the relative amount of insulation is similar for all cases considered 

(Figures 4.10, 4.11 and 4.12). Differences are especially small for requirement 1. 

 

The curves in Figures 4.10, 4.11 and 4.12 show that a considerable increase in 

insulation thickness is required in order to reduce the maximum aluminium 

temperature. For most gas temperature-time curves, the amount of insulation required 

for a maximum member temperature of 350 ºC is only 15 to 25 % of the amount of 

insulation for a maximum member temperature of 150 ºC. The insulation layer has to 

be 25 % up to 50 % thicker in order to reduce the member temperature with 50 ºC. 

This significant amount of extra insulation indicates that it is important to determine the 

critical temperature of aluminium members in fire design. Because of this, it is 

important to evaluate the structural response of aluminium members exposed to fire 

conditions in detail. 
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4.5 Heating of externally applied uninsulated members 

The previous paragraphs considered heating of members inside a compartment. Due 

to the good corrosion resistance of aluminium, it is also possible to apply aluminium 

members outside, i.e. in the open air. In this paragraph, the heating of such external 

members is considered. 

4.5.1 Calculation procedure for the member temperature 

The member temperature is determined by using the method described in Annexes B 

and G of EN 1991-1-2 (2002) and Annex B of EN 1999-1-2 (2007). Equation (4.4) is the 

basis of the method to determine the member temperature. 

4 293SB m c m z f cT T I Iσ α α⋅ + ⋅ = + + ⋅∑ ∑  (4.4) 

Symbol Iz is the radiative heat flux from a flame and If is the radiative heat flux from an 

opening. The left-hand side of this equation considers the member and the right-hand 

side considers the surroundings. The method considers steady state conditions for the 

various parameters. This results in a safe approach, where the maximum member 

temperature is determined. 

The summation of Iz and If is determined with the software SHADOW 1.0 (Lemaire 

(2004)). The heat flux determined by this program is based on the equations in Annex 

B of EN 1999-1-2 (2007). The value of the convection coefficient αc is determined with 

the equations in Annex B of EN 1991-1-2 (2002) (see Maljaars (2005b)). 

4.5.2 Compartment lay-outs considered 

Two types of external members are considered, indicated in Figure 4.13: 

- Column 1, directly opposite to an opening; 

- Column 2, in between two openings. 

The lay-out of the compartment considered in this study is also shown in Figure 4.13. 

The dimensions of the compartment taken into account in this study are given in Table 

4.4. 
 

 

 

 

 

 

 

 

 

 

Figure 4.13 Lay-out of the compartment considered for externally heated columns 
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Table 4.4 Lay-out of the compartment considered for heating of external members 

Parameter Values 

Compartment depth 10 m, 40 m 

Distance s between column and window 0.5 m up to 6 m 

Window height h 1 m up to 3 m 

Window width w 2 m up to 6 m 

Fire load density qf 
1) 200 MJ/m2 up to 800 MJ/m2 

1) 200 MJ/m2 is the lower border of the application area of the equations in EN 1991-1-2 

   (2002). 800 MJ/m2 corresponds to a dwelling with Πδn = 0.78. 

 

The walls of the compartment are assumed to remain intact during the fire and they are 

assumed to be insulated such that the columns are not heated by conduction through 

the wall. The columns are heated by convection and radiation from windows and 

flames. They are assumed to be not engulfed in flames. 

4.5.3 Maximum member temperatures 

The main parameters determining the member temperature appear to be the distance s 

between the member and the opening, and the fire load density qf. As an example, 

Figure 4.14 gives the maximum temperature of the uninsulated member as a function 

of s. The left-hand graph gives the result of a column directly opposite to an opening 

(column 1) and the right-hand graph gives the results of a column in between openings 

(column 2). The different curves indicate different values for qf. The figure gives results 

for a compartment depth of 10 m and window sizes w x h = 3 x 2 m. Similar results are 

obtained for other dimensions. 
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Figure 4.14 Column between openings: member temperature as a function of distance s for 
different values of qf (a. Column 1 b. Column 2) 
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Discussion of the results 

In case of members in between openings (column 2), the maximum member 

temperature is in most cases within the relevant temperature range of 150 to 350 ºC. 

For such columns it depends on the critical temperature, and thus on the structural 

response, whether or not insulation is required. This discrete difference could have a 

decisive impact on the choice for aluminium or another construction material. In case of 

a member opposite to an opening, the temperature is only within the range of relevant 

temperatures for low fire load densities and large distances between the member and 

the opening. In other cases, such members need to be insulated. 

4.6 Chapter conclusions 

It is important both for internal and external members to evaluate the structural 

response of aluminium members exposed to fire conditions in order to achieve an 

optimised economic design. 

 

If structural fire safety requirements have to be met, the use of non-insulated structural 

members of aluminium, applied inside a fire compartment, is only feasible in 

exceptional cases, i.e. in situations with low fire load densities (e.g. transport buildings), 

in combination with active fire protection measures and significant ventilation; 

 

The required thickness of fire insulation on internal aluminium members is large. As a 

consequence, under natural fire conditions, a significant temperature increase of the 

aluminium member during the cooling down period of the fire may occur, possibly 

leading to (unexpected) failure in the decay phase of the fire. 

 

When analysed under natural fire conditions, a reduction of the critical temperature of 

aluminium members from 350 °C (= maximum value attainable in practice) to 150 °C 

(= no failure to be expected in any case) results in an increase in the required amount 

of insulation with a factor 4 to 7; the corresponding factor, based on a standard fire 

approach amounts 1.5 to 3.5. In addition, the insulation layer required in order to keep 

the aluminium temperature below 150 ºC is for many compartment layouts so thick that 

it may be uneconomical and difficult or even impossible to apply this insulation layer.  

In case of external members in between openings, it depends on the compartment lay-

out and on the critical temperature of the member whether or not insulation is required. 

Hence there is a strong need to be able to determine the critical temperature of 

aluminium members. 
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5 Mechanical properties of aluminium exposed to 

fire conditions 

5.1 Scope of the chapter 

The mechanical properties of aluminium exposed to fire conditions depend on the 

temperature development in time, and the (variation of the) stress level in time. The 

existing Dorn-Harmathy creep model is used as a basis for deriving the mechanical 

properties of aluminium alloys exposed to fire conditions in this chapter. Alloys 5083-

H111 and 6060-T66 are selected for this purpose, because of their frequent application 

in structures and their different mechanical behaviour at elevated temperatures 

(Maljaars et al. (2008a)). 

 

In conformity with Harmathy (1966) and Thor (1973), it is assumed that the total strain 

at elevated temperature is composed of thermal strain, elastic strain and visco-plastic 

strain. These strain components are calibrated with various tests: 

- The coefficient of linear thermal expansion is sufficiently known (paragraph 2.4.5); 

- The modulus of elasticity is calibrated with bending tests (paragraph 5.2); 

- The parameters of the Dorn-Harmathy creep model are calibrated with creep tests 

(paragraph 5.3). 

 

The existing Dorn-Harmathy creep model has limitations with respect to 

loading/unloading. Additionally, tertiary creep is not described by the model. The 

existing creep model is modified to overcome these problems (paragraph 5.4). The 

modified model is successfully validated for fire conditions with transient state tests 

(paragraph 5.5). The modified uniaxial model is extended to the multiaxial case 

(paragraph 5.6) and implemented in the finite element program DIANA (Annex E).  

 

Using the model, stress-strain curves for alloys 5083-H111 and 6060-T66 are derived 

which take creep implicitly into account. The derived stress-strain curves can be used 

in simple analyses (paragraph 5.7). Figure 5.1 gives a graphical summary of the 

chapter. 
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Figure 5.1 Graphical summary of chapter 5 (εth is obtained from literature) 

5.2 Calibration of the modulus of elasticity with bending tests 

5.2.1 Test set-up and test program 

The modulus of elasticity is usually determined in tensile tests. Depending on the 

stress-strain relationship, the strain at which the modulus of elasticity is measured 

varies between 1.10-3 and 4.10-3. Thermal strains of aluminium are larger than these 

mechanical strains for temperatures of 200 ºC and higher. Noise in the determination of 

thermal expansion of the specimen and measuring devices caused that the 

measurement of the modulus of elasticity determined in tensile tests is inaccurate 

(Annex B). 

In a bending test, the (elastic) deflection is larger than the deformation in tensile tests. 

Consequently, the noise in the elastic deflection is relatively small in bending tests. 

Therefore, the modulus of elasticity at elevated temperature is determined with bending 

tests. 

 

In an electrical furnace, aluminium strips supported with a hinge and a roll at the edges 

are loaded with a concentrated load at midspan. Figure 5.2 gives an overview of the 

set-up. Figure 5.3 gives a detail of the set-up with a loaded specimen. The 

displacements are measured with linear variable differential transformers (LVDTs) at 

the supports and at midspan. The LVDTs are situated outside the furnace. Bars of invar 

steel are applied between the specimen inside the furnace and the LVDTs. 

 

A steel bar is attached to the specimen at midspan. This bar is guided through a hole in 

the bottom of the furnace. When the test temperature is reached, weights are 

suspended at the steel bar, the deflection is measured, and the weights are 

subsequently removed. During heating, mechanical loads are not applied. 
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Figure 5.2 Overview of the set-up for bending tests 

 

 

Figure 5.3 Strip in loaded condition 

 

The span of the aluminium strips was L = 250 mm. The width of the specimens of alloy 

5083-H111 was b = 30.0 mm and the thickness was t = 4.948 mm. For alloy 6060-T66, 

two types of specimens are applied, one with b x t = 27.9 mm x 2.018 mm and one with 

b x t = 30.2 x 4.059 mm. The chemical composition of the specimens is given in Annex 

A. The temperatures at which the modulus of elasticity is measured and the maximum 

weights applied at each temperature are listed in Table 5.1. The maximum weights are 

obtained by stepwise applying at least 5 weights. Each load is applied for 

approximately 10 seconds. The weights are applied and removed twice at each 

temperature. 

 

Table 5.1 Test program of the bending tests 

Specimen Test temperatures (maximum weight applied at test temp) 

5083-H111 

(t = 5 mm) 

20 ºC (5.5 kg), 71 ºC (5.5 kg), 138 ºC (5.5 kg), 159 ºC (5.5 kg),  

208 ºC (3.0 kg), 260 ºC (1.9 kg), 313 ºC (1.0 kg), 367 ºC (0.9 kg) 

6060-T66 

(t = 2 mm) 

20 ºC (1.6 kg), 105 ºC (1.5 kg), 167 ºC (1.4 kg), 211 ºC (1.2 kg),  

259 ºC (1.0 kg), 307 ºC (0.5 kg), 358 ºC (0.4 kg) 

6060-T66 

(t = 4 mm) 

20 ºC (5.5 kg), 138 ºC (4.0 kg), 197 ºC (1.4 kg), 252 ºC (1.9 kg) 

 

LVDTs 

kg 

Specimen 

(Figure 5.3) 

Furnace
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5.2.2 Test results 

At each test temperature, the procedure for the evaluation of the modulus of elasticity is 

as follows: 

- If the measured deformation at midspan of the specimen δmid,θ is plotted as a 

function of the load N, an approximately linear relation is found, as indicated in 

Figure 5.4 a; 

- A straight, best-fitted line is drawn through the data, which describes the relation 

between force and displacements; 

- The modulus of elasticity is derived from this best-fitted line, using beam theory (Iz 
is the second moment of area about the weak axis)): 

z
mid IE

LN
⋅

⋅=
θ

θδ
3

, 48
1

 (5.1) 

In case of the specimen with a small plate thickness t of 2 mm, membrane action in 

width direction of the strips results in smaller vertical deformations than determined 

with the beam theory. A finite element analysis of the plate has shown that the 

deformation of this plate is close to the deformation of a plate with fully restrained 

lateral contraction. The deformation of the specimens with t = 2 mm according to the 

beam theory has therefore to be multiplied by factor (1-ν2). This is not necessary for the 

thicker specimens, as the membrane action is less significant for thicker plates 

(Maljaars (2007a)). 
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Figure 5.4 Relation between applied force N and measured midspan displacement δmid for 
alloy 5083-H111 (a. At 160 ºC; b. At 315 ºC) 

 

At temperatures exceeding 250 ºC, the relation between load and deformation is not 

linear, as indicated in Figure 5.4 b. This is attributed to visco-plastic behaviour, even 

though the duration of a load step is only 10 seconds. As the creep influence is 
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smallest at small stress levels, the modulus of elasticity at high temperatures is based 

on small load levels. 

 

The evaluation of the individual measurements is given in Maljaars (2007a). The 

resulting values for the modulus of elasticity of alloys 5083-H111 and 6060-T66 are 

given as a function of temperature with black dots in Figure 5.5 a. and b, respectively. 

The fact that the modulus of elasticity in compression is approximately 2 % higher than 

in tension (Kaufman (1999)) is neglected in the evaluation. 
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Figure 5.5 Modulus of elasticity as a function of the temperature (a. Alloy 5083; b. Alloys in 
series 6xxx) 

5.2.3 Discussion of test results 

Because of the large influence of visco-plastic behaviour, the values found for alloy 

5083-H111 at temperatures exceeding 300 ºC (indicated with open dots in Figure 

5.5 a) should be regarded with caution. 

 

Figure 5.5 also gives the modulus of elasticity determined in tensile tests on 

comparable alloys as found in literature. There is a reasonable agreement between the 

current test results on alloy 5083-H111 and the data in Kaufman (1999) on alloy 5083-

O. Differences are largest at high temperatures, which is again attributed to the large 

influence of visco-plastic behaviour. There is also a reasonable agreement between the 

tests results in the current study on alloy 6060-T66 and the data by Kaufman (1999) on 
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alloy 6063-T6. The scatter in the data from Voorhees and Freeman (1960) on alloy 

6063-T6 and Langhelle (1999) on alloy 6082-T6 is large. 

 

Equations describing the modulus of elasticity E and the temperature θ in [ºC] are fitted 

on the test data and the data in Kaufman (1999): 

Alloy 5083:   221.01072000 θθθ ⋅−⋅−=E      for 20 ºC ≤ θ ≤ 350 ºC (5.2) 

Alloy 6060:   221.01069000 θθθ ⋅−⋅−=E      for 20 ºC ≤ θ ≤ 350 ºC (5.3) 

The equations are indicated with grey curves in Figure 5.5. The curves agree 

reasonably with the data in EN 1999-1-2 (2007) (The value of the standard is up to 

15 % lower. This maximum difference of occurs for alloy 5083 at temperatures of +350 

ºC). 

 

Equations (5.2) and (5.3) are used in the remaining of this thesis for the temperature 

dependent modulus of elasticity. The elastic strain εel can be determined using Hooke's 

law: εel = σ / Eθ. 

5.3 Calibration of creep model parameters with creep tests 

The goal of the creep tests is to calibrate the material parameters of the Dorn-

Harmathy creep model as described in paragraph 2.4.4. The material parameters in the 

Dorn-Harmathy creep model are the activation energy Q in the Arrhenius equation 

(2.5), parameters A, α and n in equation (2.7) for the Zener-Holloman parameter and 

parameters D and m in equation (2.8) for the primary creep factor εt0. 

5.3.1 Test set-up and test programme 

The specimens used in the creep tests are standard flat tensile specimens with a 

parallel length of 75 mm, a width of 12.5 mm and a thickness of 5 mm. The specimens 

of alloy 5083-H111 are obtained from a rolled plate, with the parallel length 

perpendicular to the rolling direction (Figure 5.6 a). The specimens of alloy 6060-T66 

originate from extruded strip, with the parallel length parallel to the extrusion direction. 

Two batches are used for the tests on alloy 6060-T66, denoted as batch ’05 and batch 

’06. The chemical composition is given in Annex A. 

 

The creep tests are carried out in a Gleeble 3800 thermo mechanical simulator (dual 

servo valve) installed with a pocket jaw. The Gleeble contains a furnace under vacuum 

in order to prevent the clamps and measurement devices from oxidising. Deformations 

are measured with a hot zone extensometer attached to the sample. Unless specified 

otherwise, the measuring distance applied is 20 mm (10 mm out of the middle of the 

specimen at both sides). 
 



 67 

 

Figure 5.6 Specimens used for creep and transient state tests (a. Tensile specimen, alloy 
5083-H111; b. Stub column specimen, alloy 6060-T66) 

 

The temperature is measured with a thermocouple spot-welded at the middle of the 

specimen. The pit and the heat input introduced by spot-welding are so small that it is 

expected to have a negligible influence on the results of the creep tests.  Figure 5.7 

shows the specimen inside the furnace. 

 

 

Figure 5.7 Specimen clamped inside furnace 

 

The specimen is heated by induction through the clamps and cooled by water flow. The 

thermocouple is used to control the induction current. This heating system has the 

following main advantages: 

- The actual temperature follows the specified temperature with an error of less than 

1 ºC. The temperature can be adjusted in a short time. In the tests, the specimen is 

heated from ambient to test temperature in 40 seconds and a temperature 

increment of 20 ºC is applied in 5 seconds; 
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- The surroundings of the specimen remain relatively cold, so that thermal 

expansion of the measurement equipment remains small. 

The main drawback of the heating system is that the temperature of the specimen is 

not uniform. The difference in temperature between the middle of the span and 10 mm 

out of the middle of the span of the specimen was approximately 2 ºC. In a separate 

test on a  specimen with a circular cross-section and a diameter of 10 mm (not used for 

mechanical testing), the temperature difference between the specimen core and its 

surface is also determined at approximately 2 ºC. 

 

The load is applied with a 200 kN actuator and measured with a 200 kN load cell. This 

capacity is large compared to the loads applied: 1.3 to 9.4 kN. This may have had 

consequences for the accuracy of the test results. The creep specimens are subjected 

to a constant load. 

 

For calibration of the parameters of the Dorn-Harmathy creep model, only those test 

results are considered in which the strain developed at the end of the test was so small 

that the engineering stress was almost equal to the true stress. The tests can therefore 

be regarded as tests with an (almost) constant stress in time. 

 

Several types of creep tests are applied. To determine the value for Q, the most 

consistent results are obtained with tests with a constant stress in time and a stepwise 

varied temperature, as shown in Figure 5.8 a. At each step, the secondary strain rate is 

determined (say, 1,,IItε& at temperature T1 and 2,,IItε& at temperature T2). Using equation 

(5.4), this results in the value for Q. 
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In a similar way, the Zener Holloman parameter and parameter εt0 are obtained from 

tests with a constant temperature and a stepwise varied stress (Figure 5.8 b).  

 

The ranges of loads, temperatures and times at which the creep tests are carried out 

and the number of creep tests are summarised in Table 5.2. 

 
Table 5.2 Conditions in creep tests 

 Alloy Stress range Temperature 

range 

Duration of 

most tests 

Duration of 

each step1 

Number 

of tests 

 5083-H111 20 - 110 N/mm2 200 - 340 ºC 50 - 110 min 10 - 30 min 13 

 6060-T66 b’05 30 - 150 N/mm2 200 - 340 ºC 20 - 45 min 10 - 15 min 20 

 6060-T66 b’06 30 - 150 N/mm2 200 - 340 ºC 20 - 45 min 10 - 15 min 33 

1 Period with constant load and temperature, duration given for majority of tests 
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Figure 5.8 Temperature, stress and measured mechanical strain as a function of time in 

creep tests on alloy 5083-H111 (a. Test with constant stress σ = 19 N/mm2; b. Test with 

constant temperature θ = 199 ºC) 

 

Creep tests with deviating load and temperature conditions 

Overaging or annealing may have an influence on the creep test results of alloy 6060-

T66 (chapter 2). 

 

In order to determine the influence of the thermal exposure period on alloy 6060-T66, a 

limited number of additional creep tests are carried out on b'06, which are first 

subjected to an elevated temperature for a certain period without being loaded. After 

this period, the actual creep test is carried out by applying the mechanical load. Two 

types of tests are carried out with longer periods at elevated temperature: 

- Tests with a constant elevated temperature for 90 minutes prior to loading 

- Tests with a linearly increasing temperature, from ambient to test temperature in 

approximately 90 minutes prior to loading. 

These additional tests are carried out at 180, 220, 250 and 300 ºC. 

 

In order to determine the creep strain development during reverse loading, some 

additional creep tests are carried out: 

- Two tests are carried out which are first subjected to a tensile stress, and after 12 

minutes to a compressive stress. The temperature of both tests is 229 ºC, and the 

stress applied is 104 N/mm2 (both in tension and compression). The tensile stress 

is applied during the first 12 minutes of the test. 

- One test is carried out which is first subjected to a tensile stress (σ = 119 N/mm2) 

during 18 minutes. Subsequently, the load is removed and kept at σ = 0 N/mm2 

during 4 minutes. Finally, the specimen is loaded again in tension (σ = 119 

N/mm2). The test is carried out at 204 ºC. 

These tests are carried out on alloy 6060-T66 b'06. 

 

3,crε&

2,crε&

1,crε&
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5.3.2 Test results of the creep tests 

The mechanical strain in the creep tests is obtained by subtraction of the thermal strain 

according to equation (2.9) from the measured strain. Equation (2.9) is checked with a 

measurement on an unloaded specimen. Data of individual creep tests are given in 

Annex C and graphs of individual creep tests are given in Maljaars (2007a). 

 

Parameters for the secondary strain rate 

Figure 5.9 gives the resulting secondary strain rate as a function of the reciprocal of the 

temperature for the creep tests with a constant load and a stepwise varied temperature. 

The slopes of the lines are parallel, indicating that one value for the activation energy Q 

covers the entire test range. The values for Q are determined based on the slopes of 

the curves, and are 152000 J/mol for alloy 5083-H111 (20 < σ < 110 N/mm2) and 

195000 J/mol for alloy 6060-T66 (30 < σ < 150 N/mm2). The activation energy of the 

two batches of alloy 6060-T66 (b’05 and b’06) is equal. 
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Figure 5.9 Secondary strain rate as a function of the reciprocal of the temperature (a. Alloy 
5083-H111; b. Alloy 6060-T66 (grey curves: b’05, black curves: b’06)) 

 

Using equation (2.5) and the values determined for the activation energy, the Zener-

Holloman parameter Z is determined for each creep test. Figure 5.10 gives Z (on 

logarithmic scale) as a function of the stress. The test results for alloy 6060-T66 b’05 

and b’06 are different. This is attributed mainly to differences in the chemical 

composition (Annex A). 

 

Equations (5.5), (5.6) and (5.7) are proposed for alloys 5083-H111, 6060-T66 b’05 and 

6060-T66 b’06, respectively (with Z in [1/min]). The equations are indicated with curves 

in Figure 5.10. It is noted that, for stresses larger than 120 N/mm2, equation (5.7) gives 

a too low value for Z (Annex C). 
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( )( )310 025.0sinh107.6 σ⋅⋅⋅=Z  20 N/mm2 ≤ σ  ≤ 120 N/mm2 (5.5) 

( )( )312 04.0sinh100.7 σ⋅⋅⋅=Z  30 N/mm2 ≤ σ  ≤ 150 N/mm2 (5.6) 

( )( )414 019.0sinh100.2 σ⋅⋅⋅=Z  25 N/mm2 ≤ σ  ≤ 120 N/mm2 (5.7) 
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Figure 5.10 Zener Holloman parameters as a function of the stress (a. Alloy 5083-H111; 
b. Alloy 6060-T66) 

 

Parameters for the primary creep stage 

Due to slip between the clamps of the extensometer and the specimen at the start of 

loading, the projection back to zero time of the secondary strain curve could not be 

accurately determined in case of alloys 5083-H111 and 6060-T66 b’05. Instead, data of 

εt0 given in Voorhees and Freeman (1960) on alloy 5083-O are used in the model for 

alloy 5083-H111. Before carrying out the tests on alloy 6060-T66 b'06, stronger springs 

were applied for the extensometer. This effectively minimised the slip between the 

clamps and the specimen, so that the values for εt0 could be determined with sufficient 

accuracy. With this modified set-up, data on εt0 are obtained for alloy 6060-T66 b’06. 

This relation is also used for the model of b’05. The individual test data are given with 

dots in Figure 5.11.  

 

The grey lines in Figure 5.11 represent equations (5.8) and (5.9) for alloys 5083-H111 

and 6060-T66, respectively.  

( )3.410
0 4 10tε σ−= ⋅ ⋅  (alloy 5083-H111) (5.8) 

( )7.4518
0 2 10tε σ−= ⋅ ⋅  (alloy 6060-T66) (5.9) 
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Figure 5.11 Primary creep parameter εt0  (a. Data on alloy 5083-O according to Voorhees 
and Freeman (1960); b. Data on alloy 6060-T66 b’06 determined in current creep tests) 

 

Influence of thermal exposure period 

The results presented above are obtained from the creep tests heated and loaded 

directly (i.e. tests of Table 5.2). This section gives the results of the tests that are 

subjected to an elevated temperature for 90 minutes prior to loading. 

 

For temperatures lower than 240 ºC, the secondary strain rates determined in the tests 

with a constant or increasing temperature for 90 minutes prior to loading are almost 

equal to those obtained in the tests loaded directly. For higher temperatures, the tests 

subjected to a constant elevated temperature prior to loading resulted in higher strain 

rates than the tests loaded directly. The strain rates resulting from the tests with a 

linear increasing temperature are approximately equal to that of the tests loaded 

directly. Figure 5.12 gives an example. 
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Figure 5.12 Strain as a function of time of creep tests on alloy 6060-T66, with σ = 35 N/mm2 
and θ = 299 ºC and various exposures to this temperature before loading 
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Tertiary creep 

In case of alloy 6060-T66, the tertiary creep stage with increasing strain rate started 

after a relatively short period and after a small creep strain. In some cases, the 

secondary stage was even absent (Figure 5.13). 

 

A linear relation between the creep strain rate and the creep strain in the tertiary creep 

stage was found, at least for strains up to approximately 2 % (Figure 5.14). This 

relation is present in all tests at all temperatures and stress levels investigated. One 

test is repeated with different gauge lengths of the extensometer, ranging from 14 mm 

≤ lgauge ≤ 31 mm. The reason is to determine whether or not the tertiary creep strain is 

homogeneous. The relation between tε&  and εt appears to be independent of the gauge 

length (Figure 5.14). Measurements on the thickness and width of the specimens with 

creep strains up to 2 % did not reveal a clear necking location. 
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Figure 5.13 Strain as a function of time in a creep test on alloy 6060-T66 with σ = 104 

N/mm2 and a temperature of 220 ºC 
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Figure 5.14 Creep tests on alloy 6060-T66 with tertiary creep (a. Strain as function of time; 
b. Strain rate as function of strain) 



 74

Tests with reverse loading 

The results of one of the two tests first subjected to a tensile force and then to a 

compression force is given in Figure 5.15 (the grey curves will be addressed later in 

this chapter). 

At the moment of applying the compression stress, a new period of primary creep 

occurred, with an approximately equal value for εt0 as observed in tension. The 

secondary creep strain rate in compression is approximately equal to that in tension. 
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Figure 5.15 Plastic strain as a function of time in a test first subjected to tension and then 
compression and the simulation of this test (a. Simulation with the original Dorn-Harmathy 
model; b. Simulation with the modified model of paragraph 5.4) 

 

The result of the test carried out with a stress equal to zero halfway the test is given in 

Figure 5.16. The figure shows that the creep strain remains approximately at the same 

level during this period (the creep strain εt in Figure 5.16 is determined by subtraction 

of the instant elastic strain εel from the mechanical strain εm). 
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Figure 5.16 Creep test with a period without load halfway the test (a. Temperature and 
stress applied in the test; b. Resulting creep strain in the test) 
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5.3.3 Discussion of the results 

Average values and variances of the creep parameters  

Table 5.3 gives an overview of all material parameters determined in the creep tests 

and which have to be applied in equations (2.5) to (2.8). 

 

The value for Q is equal for the entire stress range investigated, indicating that one 

creep process is dominant in this entire stress range. The values for Q are similar to 

values found on other alloys in series 5xxx and 6xxx in literature (Table 5.4).  

The average value for all tests of the ratio between the simulated secondary creep 

strain rate according to the model and the measured secondary creep strain rate 

testIItmodelIIt ,,,, / εε && is equal to 1.0. The average value for all tests of the ratio between the 

simulated value for εt0 and the measured value, testtelt ,0mod,,0 /εε , is also equal to 1.0. The 

standard deviations of the ratios testIItmodelIIt ,,,, /εε && and testtelt ,0mod,,0 /εε are given in Table 

5.5. 

 
Table 5.3 Material dependent parameters in equations (2.5) to (2.8) 

Parameter Alloy 5083-H111 6060-T66 b’05 6060-T66 b’06 

Q 1.52.105 [J/mol] 1.95.105 [J/mol] 1.95.105 [J/mol] 

A 6.7.1010 [/min] 7.0.1012 [/min] 2.0.1014 [/min] 

α 2.5.10-2 4.0.10-2 1.9.10-2 

n 3.0 3.0 4.0 

D 4.0.10-10 2.0.10-18    1) 2.0.10-18 

m 3.40       7.45    1) 7.45 

Application range σ = 20-110 N/mm2 σ = 30-150 N/mm2 σ = 25-150 N/mm2 

1)  Not measured, same value applied as for b'06 

 
Table 5.4 Activation energy for creep of a number of aluminium alloys (selection of literature 
data) 

Alloy Activation energy Q [kJ/mol] Reference 

Alloy 5083-H111 152 current test series 
Alloy 5083 170 (at 300 ºC) Airod et al. (2004) 

Alloy with 1.6 % Mg 151 Dorn (1954) 

Alloy 5070A  153 Webb (1977) 

Alloy 5182  174 Sheppard, Jackson (1997) 

Alloy 5182  192 Wells et al. (1993) 

Alloy 5182  125 Van Haaften (2002) 

Alloy 6060-T66 195 current test series 
Alloy 6082  231 (at 300 ºC) Airod et al. (2004) 

Alloy 6092  135 Li and Langdon (1998) 
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Table 5.5 Standard deviations of the ratios testIItmodelIIt ,,,, /εε &&  and testtelt ,0mod,,0 /εε  

Alloy 5083-H111 6060-T66 b’05 6060-T66 b’06 

St.dev. testIItmodelIIt ,,,, /εε &&  0.22 0.51 0.25 

St.dev. testtelt ,0mod,,0 /εε  0.63 - 0.41 

 

The standard deviations of the ratios testIItmodelIIt ,,,, / εε &&  and testtelt ,0mod,,0 /εε  are high. This is 

partially attributed to the generally found scatter in test results of creep tests (Harmathy 

(1966)). Additionally, the creep model may have its limitations. The effect of the 

variances in these parameters on fire design is investigated in paragraph 7.4. 

 

Figure 5.16 shows that the reversible part of the creep strain is small compared to the 

irreversible part. This is generally found for creep of metals (Findley et al. (1989)). In 

the model, the total creep strain is assumed to be irreversible. 

 

At ambient temperature, if a specimen is first subjected to tension beyond fp, the 

Bauschinger effect causes that the mechanical properties in tension are not equal to 

that in compression (paragraph 2.4.1). In the tests carried out at 229 ºC on alloy 6060-

T66 the strain rate in compression is approximately equal to that in tension (Figure 

5.15). This indicates that the Bauschinger effect is not important at elevated 

temperature, which may be due to processes such as recovery (paragraph 2.4.2). It is 

not checked whether this also applies at other elevated temperatures. 

 

Influence of overaging or annealing 

The tests that are exposed to elevated temperature for some period prior to testing 

(Figure 5.12 gives an example) show that the strain rate in tests on alloy 6060-T66 

depends on the thermal exposure period. This is attributed to overaging and / or 

annealing. However, in tests with heating conditions as present in fire exposure 

(increasing temperature), the strain rates are equal to that of the test with direct 

loading. It is concluded that, although overaging and annealing influence the 

mechanical behaviour of alloy 6060-T66, it is not necessary to explicitly take this into 

account, if the model is used for fire conditions. 

 

Tertiary creep 

For strains up to 2 %, a linear relation exists between the creep strain rate and the 

creep strain in the tertiary creep stage of alloy 6060-T66 (Figure 5.14). The tertiary 

creep strain development in time appeared to be independent of the gauge length of 

the LVDT. Measurements on the thickness and width of the specimens with creep 

strains up to 2 % did not reveal a clear necking location. This indicates that the strain in 

the first part of the tertiary creep stage (up to 2 %) is still (approximately) 

homogeneous. 
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Observed discrepancy between the model and the tests 

Three important discrepancies between the tests and the model are observed:  

- The simulation of the strain of the tests that was first subjected to tension and then 

to compression disagrees with the measured strain in these tests (compare the 

grey curve with the black curve in Figure 5.15 a). The existing model is thus not 

suited for the simulation of the creep strain when the load changes from sign; 

- A stress equal to zero gives zero for εt0, which returns infinity for the fraction 

between brackets in equations (2.6). A strain equal to zero returns infinity for the 

parts of equations (2.6) containing coth, thus the equation cannot be solved for 

εt = 0 or σ = 0.  

- The model describes primary and secondary creep. Tertiary creep is not taken into 

account. However, in case of alloy 6060-T66, tertiary creep commences at a 

relatively small strain. Consequently, tertiary creep may be important for fire 

design. 

5.4 Modifications on the existing constitutive model 

The existing model of Dorn and Harmathy is modified in order to overcome the 

discrepancies noted in the previous paragraph. 

5.4.1 Incorporation of tertiary creep 

The creep strain rate in the first part of the tertiary creep stage IIIt ,ε& is found to be linear 

proportional to the creep strain εt,I+II+III:, where subscript III indicates the first part of the 

tertiary creep stage (up to 2 %), and I+II+III indicate the primary, secondary and the 

first part of tertiary creep stages. 

IIIIIItIIIt C ++⋅= ,, εε&  (5.10) 

C is a constant. The creep strain at the start of the tertiary stage is denoted with symbol 

εlim. 

For reasons of continuity, the creep strain rate at the start of the tertiary stage should 

be equal to the secondary creep strain rate IIIt +,ε&  according to equation (2.6). This 

allows for the elaboration of constant C: 

lim

IIIt

ε
C += ,ε&

 (5.11) 

Incorporating this, the constitutive model including the first part of tertiary creep is 

described with equation (5.11): 

∫ +++ +=≤
t

IIItlimIIIIIIt dt
E 0

,, : εσεεε &  (5.12 a) 



 78

∫ ++
+++ +=>

t
IIIIIIt

IIItlimIIIIIIt dt
E 0 lim

,
,, :

ε
ε

εσεεε &  (5.12 b) 

The start of the tertiary stage εlim (and the ratio between strain rate and strain C) varied 

between creep tests. In many cases the tertiary stage started at the moment the 

temperature or stress was increased. The parameter is thus temperature and stress 

dependent. There are not enough test results to determine the relation between εlim and 

the temperature or stress. However, simulations with the model for transient state 

conditions show that it is sufficiently accurate to use the average value of εlim of the 

creep tests (see paragraph 5.5). The average value is εlim = 2.5.10-3 for alloy 6060-T66 

b’05 and εlim = 2.0.10-3 for b’06. 

5.4.2 Stress or strain equal to zero 

The problem that equation (2.6) returns infinity for σ = 0 or εt = 0 is easily solved by 

artificially increasing εt and εt0 with small numbers. The numbers must be so small as to 

have a negligible influence on the resulting strain rate. A number of 1.10-7 is selected 

both for εt and εt0. This gives the following equation: 
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 (5.13) 

5.4.3 Subsequent compressive and tensile stresses 

The existing model is not suited for the strain development in cases where the stress 

changes from sign (Figure 5.15 a). 

 

In order to solve this problem, it is first investigated in which cases primary creep 

occurs. In the creep tests carried out, the following is observed: 

- Primary creep does not occur (or hardly occurs) when the stress is reduced, up to 

the ‘original’ stress level of zero N/mm2 (i.e. completely unloaded); 

- Primary creep does occur when the stress is reduced below the ‘original’ stress 

level of zero N/mm2 (i.e. the stress changes its sign, from tension to compression 

or vice versa). Primary creep occurs each time the stress changes sign. 

- Primary creep occurs when the stress is increased. Based on a number of tests, it 

is concluded that the total primary creep strain evolved in a material subjected to a 

stepwise increased stress, is equal to the primary creep strain in a material in 

which the total stress is applied at once. 



 79 

The model is modified in such a way that it satisfies these observations. Instead of the 

total creep strain εt, a modified creep strain εt* is introduced in the second part of the 

equation: 
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The plastic strain simulated with this modified model is indicated in grey in Figure 

5.15 b. The agreement with the test is considerably better as compared to the original 

model (Figure 5.15 a). 

5.5 Model validation with transient state tests 

When it is recognised that the total strain at a certain time, according to the constitutive 

model, is equal to the summation of the thermal strain, the elastic strain and the creep 

strain rate integrated over time (equation (5.18)), the model is complete and can be 

applied to aluminium structures exposed to fire conditions. 

 ∫∫ ++=++=
t

t

t

thtelth t
E

tT
00

dd εσαεεεε
θ

&&  (5.18) 

Uniaxial transient state tests are carried out to validate the constitutive model for fire 

conditions. 

5.5.1 Test set-up and test programme 

For the transient state tests, the same test set-up and type of specimens are used as 

for the creep tests (paragraph 5.3.1). 

 

It is shown in chapter 4 that the heating rates of sections exposed to the standard fire 

are approximately constant in time, with such values that the critical temperature is 

reached after 30 up to 120 minutes. These conditions are applied in the transient state 

tests. The ranges of loads and heating rates applied in the transient state tests and the 

number of tests are summarised in Table 5.6. 
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Table 5.6 Test program transient state tests 

Alloy Stress range Heating rates Number of tests 

5083-H111 20 to 100 N/mm2 2.4 to 11 [ºC/min] 10 

6060-T66 b’05 40 to 150 N/mm2 1.6 to 11 [ºC/min] 7 

6060-T66 b’06 40 to 150 N/mm2 1.6 to 11 [ºC/min] 10 

 

In most cases, the stress level is constant during the tests. In a few tests, the stress is 

varied in time. One of the tests on alloy 6060-T66 b’06 is carried out in compression, on 

a stub column specimen (Figure 5.6 b). 

5.5.2 Test results 

Figure 5.17 and Figure 5.18 show the results of some of the transient state tests with a 

constant heating rate (hr) and a constant stress on alloy 5083-H111 and alloy 6060-

T66, respectively. The test results are indicated with black curves (grey curves are 

introduced later in this paragraph). Figure 5.19 gives an example of a result of a 

transient state test with a non-constant stress in time. Graphs of all transient state tests 

are given in Annex D. 

 

The curves in the figures show a small strain increase up to approximately 50 ºC before 

failure. This is followed by an exponential increase of the strain. 
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Figure 5.17 Strain as function of temperature of transient state tests and simulations on alloy 
5083-H111 (a. Constant stress of 41 N/mm2; b. Constant stress of 70 N/mm2) 
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Figure 5.18 Strain as function of temperature of transient state tests and simulations on alloy 
6060-T66 b’05 (a. Constant stress of 76 N/mm2; b. Constant stress of 127 N/mm2) 
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Figure 5.19 Transient state test on alloy 6060-T66 b’06 with varying stress in time (a. Stress 
and temperature as function of time; b. Strain as function of time) 

 

Figure 5.20 gives the temperatures at which a plastic strain of 0.2 % is measured in the 

transient state tests carried out with a constant stress level, i.e. the figure gives the 0.2 

% proof stress for transient state conditions as a function of the temperature. 

Distinction is made in the figure between low heating rates, ranging from 1.5 to 2.6 ºC / 

min and high heating rates, ranging from 6 to 11 ºC/min. 

 

The stub column test in compression on alloy 6060-T66 b’06 is carried out with a stress 

of -77 N/mm2 and a heating rate of 8 ºC/min. The critical temperature was 291 ºC, 

which is equal to the tests carried out in tension with the same stress level and heating 

rate. 

Two pairs of transient state tests are repeated with the same loads and heating rates. 

The difference in the temperature at f0.2 of these two pairs of tests was 3 ºC and 8 ºC. 
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Figure 5.20 Relation between temperature and stress at a plastic strain of 0.2 % resulting 
from transient state tests (a. Alloy 5083-H111; b. Alloy 6060-T66) 

5.5.3 Results of simulations and discussion 

Figure 5.20 shows that the relation between the 0.2 % proof stress and the temperature 

for fire conditions depends on the heating rate. This is due to the influence of creep on 

the mechanical properties. 

 

The transient state tests are simulated with the modified Dorn-Harmathy model. 

Strictly, equation (2.5) is applicable only for temperatures higher than 0.5 times the 

absolute melting temperature (paragraph 2.4.4) , which is approximately 150 ºC for 

most 5xxx and 6xxx series alloys, while in case of transient state tests, the constitutive 

model has to be used also for temperatures between ambient temperature and 150 ºC. 

This is justified because the creep strain developed at such low temperatures is 

negligible for the stress levels relevant for fire design (Figure 5.17, Figure 5.18 and 

Figure 5.19). This causes that the possible error introduced by using the model for the 

entire temperature range is also negligible. 

 

The simulation results of some of the transient state tests carried out with the model 

equation (5.18), using the modified creep model according to equations (5.14) to (5.17), 

are indicated with grey curves in Figures 5.17, 5.18 and 5.19. The results of simulations 

all tests are given in Annex D. In all cases, a good agreement is observed between the 

measured and the simulated strain development. Figure 5.21b-d gives the agreement 

between the test and the simulations of the temperature at which a plastic strain of 0.2 

or 1.0 % is detected. The lines in the graph indicate a deviation between the test 

temperature θtest and the temperature of the simulations θmodel of -5 %, 0 % and +5 % 

(determined from 20 ºC onwards). 

 

Only in one case, the deviation between simulation and test was larger than 5 %. The 

average difference and standard deviation of the difference in temperature between 
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tests and simulations at a plastic strain of 0.2 % is given in Table 5.7. The standard 

deviations are of the same order of magnitude as the difference in temperatures 

obtained for tests carried out with equal test conditions (i.e. equal load and equal 

heating rate). 
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Figure 5.21 Relation between simulation temperature and test temperature at plastic strains 
of 0.2 % and 1.0 % 

 
Table 5.7 Average value and standard deviation of the difference in temperature between 
simulations and test at a plastic strain of 0.2 % 

 5083-H111 6060-T66 b’05 6060-T66 b’06 

Average difference [ºC] -1 2 0 

Stand. dev. difference [ºC] 8 5 2 

 

Based on the small differences between tests and simulations, it is concluded that the 

modified model is suited for alloys 5083-H111 and 6060-T66 exposed to fire conditions. 

Considering the agreement in behaviour of alloys in the same series and the same 

temper (Maljaars et al (2008 b)), it is expected that the modified model is suited at least 
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also for other 5xxx series alloys in soft temper and for precipitation hardened and 

artificially aged alloys in the 6xxx series. 

5.6 Multiaxial model 

The material model presented so far is calibrated and validated for a uniaxial stress 

condition with tests. The model is extended to a multiaxial stress condition, with use of 

the following assumptions: 

1. Assuming isotropic material, the principal directions of stress and strain should 

coincide (note that the mechanical properties are only determined in one direction, 

and that only two creep tests with σ = 104 N/mm2 and two transient state tests with 

σ = 93 N/mm2 are carried out to check whether the mechanical properties in 

compression are equal to the ones in tension); 

2. In creep tests, it has been observed that the volume remains constant (Kraus 

(1980). Thus the plastic value for the Poisson ratio of νp = 0.5 applies for creep 

strains; 

3. In creep tests, it has been observed that creep strains do not develop under a 

hydrostatic stress condition, i.e. a situation in which a normal stress is applied in all 

directions (Kraus (1980)). The Von Mises yield criterion, usually applied for 

aluminium at ambient temperature10, satisfies this observation. The Von Mises 

yield criterion is assumed as well for elevated temperature. The Von Mises 

criterion implies that yielding commences wen the Von Mises stress σVM according 

to equation (5.19) reaches a critical value. 

2 2 2 2 2 23 3 3VM xx yy zz xx yy yy zz zz xx xy yz zxσ σ σ σ σ σ σ σ σ σ τ τ τ= + + − − − + + +  (5.19) 

Where σ-symbols indicate normal stresses and τ-symbols indicate shear stresses. The 

equation usually considered for the accompanying effective (or Von Mises) strain is: 

2 2 2 2 2 2
, , , , , , , , , , , , ,

2 3 3 3
3 4 4 4t eff t xx t yy t zz t xx t yy t yy t zz t zz t xx t xy t yz t zxε ε ε ε ε ε ε ε ε ε γ γ γ= + + − − − + + + (5.20) 

The multiaxial stress-strain formulation is evaluated here for plastic strains only. The 

entire model, including elastic strains, is given in Annex E. The derivation given below 

is based on Kraus (1980). 

 

The strain rate in the model depends on the stress. At a certain time and temperature, 

the relation between strain rate and stress for a uniaxial stress condition is written 

according to equation (5.21). In the same way, it is possible to apply equation (5.22) for 

the 3D case, with ijt ,ε&  is the strain rate in direction ij according to equation (5.23). 

                                                             
10 Von Mises is usually applied in civil engineering and building applications, although more 
appropriate models exist (e.g. Barlat et al. (2003) and (2005)) 
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In which ε are the normal components and γ are the shear components of the strain 

tensor. Sij is the stress deviator tensor. As the hydrostatic stress has no effect on the 

creep strain rate, the stress deviator contains only the distortional components of the 

stress. The stress deviator thus consists of the following components: 
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 (5.24) 

In which the quantity 1/3 (σxx + σyy + σzz) is the hydrostatic stress. From assumptions 1 

and 3, it follows that the creep strain vector is aligned with the deviatoric stress vector. 

Therefore, C2 in equation (5.22) has to be a scalar. 

 

If a hydrostatic stress is applied in equation (5.22), i.e. xx yy zzσ σ σ σ= = = , it follows 

that all strain rate components are equal to 0, hence assumption 3 is satisfied. 

Assumption 2, the constancy of volume, applied in equation (5.22) results: 

( ) 03322112,,, =++=++ SSSCzztyytxxt εεε &&& . Thus relation (5.22) satisfies all assumptions. 

 

C2 is determined by recognising that equation (5.22) should reduce to equation (5.21) 

for the uniaxial stress case. Consider a uniaxial test with σxx = σ and all other stress 

components equal to zero. In this case, txxt εε && =,  and zztyyt ,, εε && = . Using the assumption 

of constant volume, i.e. 0,,, =++ zztyytxxt εεε &&& , it follows that tzztyyt εεε &&& 5.0,, −== . All 

shear strain rates are equal to zero. Thus, tefft εε && =, and σVM = σ. If the Von Mises 

stress and the effective strain rate of this uniaxial case are applied in equation (5.22), 

an expression is found for C2: 

VM

efft
VMefft CC

σ
ε

σε ,
22, 2

3
3
2 &

& =⇒=  (5.25) 

Since the effective strain rate and the von Mises stress are defined in order to reduce 

to the uniaxial strain and stress, it is possible to extend the model for the uniaxial strain 

rate (equation 5.12) to the multiaxial case by introducing the effective quantities: 
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Equations (5.26) are applied in equation (5.25) to determine quantity C2. The model for 

multiaxial creep is then completed by substitution of C2 in equation (5.22): 
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The relations between stresses and strains for the multiaxial case are described with 

equations (5.27a), (5.27b) and (5.27c). These equations are used in Annex E for 

implementation in the finite element program DIANA 9.2. 

5.7 Stress-strain relations for practice 

Although the constitutive model gives the required information for determining the 

mechanical response of an aluminium member exposed to fire conditions, the 

equations governing the model are too complicated to be used in simple calculation 

models such as those provided by EN 1999-1-2 (2007). Therefore, stress-strain 

relations are derived from the model, which take the creep influence implicitly into 

account. 

 

Calculations for transient state conditions are carried out with various constant stress 

levels, while keeping the heating rate constant. Each calculation results in a certain 

strain at a certain temperature. Varying the stress level gives stress-strain points in 

function of the temperature and the heating rate. Combining these points at the same 

temperature and heating rate leads to a stress-strain relation. This stress-strain relation 

is valid for the heating rate and exposure period considered. Witteveen and Twilt 

(1975) followed a similar procedure to determine the mechanical properties of steel 

exposed to fire conditions. In case of steel, the stress-strain curves are directly based 
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on transient state tests, while in the current research on aluminium alloys, they are 

based on calculations with the validated constitutive model. 

 

Figure 5.22 gives the resulting stress-strain curves for the aluminium alloys considered 

(solid curves). The heating rates applied are such as to give the indicated temperature 

after 30, 60, 90 or 120 minutes. The curves are derived, and therefore valid, for a 

constant heating rate and a constant stress in time. It is shown that the mechanical 

properties of aluminium exposed to fire conditions not only depend on the temperature, 

but also on the exposure time. Furthermore, it appears that the ratio fp,θ / f0.2,θ is much 

lower than at ambient temperature (compare with the curves in Annex B.2). This is 

especially the case for alloy 5083-H111. 

 

The stress-strain curves are approximated by the Ramberg-Osgood relationship, using 

three material parameters to describe each curve: f0.2,θ, Eθ and nθ (equation (2.4)). 

The relationships for Eθ are according to equations (5.2) and (5.3). The values for nθ 

are selected such as to give good agreement between the Ramberg Osgood stress-

strain curves and the original stress-strain curves for strains up to 1 %. For larger 

strains, the agreement is less good. The values for nθ could be chosen such that they 

are independent of the fire exposure period. nθ decreases approximately linearly with 

temperature. The relationships are according to equations (5.28) and (5.29), where θ is 

the temperature [ºC]. The values for f0.2,θ are given in Table 5.8 and Table 5.9. Using 

these quantities for Eθ, f0.2,θ and nθ, the stress-strain relations according to the dashed 

curves in Figure 5.22 are obtained. 

Alloy 5083-H111:          θθ ⋅−= 016.08.8n        for 175 ºC ≤ θ ≤ 350 ºC        (5.28) 

Alloy 6060-T66:             θθ ⋅−= 04.019n           for 175 ºC ≤ θ ≤ 350 ºC (5.29) 

Table 5.8 f0.2,θ [N/mm2] for alloy 5083-H111 (ambient temp.: f0.2 = 150 N/mm2
 (Annex B)) 

θ [ºC] 175 200 225 250 275 300 325 350 

t = 30 min 113 96 82 67 52 38 27 19 

t = 60 min 107 91 76 61 45 32 22 15 

t = 90 min 104 88 73 57 41 29 20 13 

t = 120 min 102 86 71 54 37 27 18 12 

 
Table 5.9 f0.2,θ [N/mm2] for alloy 6060-T66 (ambient temp.: f0.2 = 205 N/mm2 (Annex B)) 

θ [ºC] 175 200 225 250 275 300 325 350 

t = 30 min 120 110 100 88 75 60 46 34 

t = 60 min 116 106 96 84 69 55 41 29 

t = 90 min 114 104 94 81 66 51 38 27 

t = 120 min 113 103 93 79 64 49 36 25 
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Figure 5.22 Stress strain curves for fire design derived for a constant heating rate and a 
constant stress in time (a. Alloy 5083-H111 b. Alloy 6060-T66) 

 

As indicated in paragraph 2.4, the relative values f0.2,θ / f0.2 in EN 1999-1-2 (2007) are 

based on steady state tests. Figure 5.23 gives a comparison between f0.2,θ according to 

the standard, and f0.2,θ for transient state conditions as based on simulations with the 

constitutive model. The values of the standard are obtained by multiplying the relative 

values f0.2,θ / f0.2 in EN 1999-1-2 (2007) with f0.2 in EN 1999-1-1 (2007). 
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Figure 5.23 Relation between 0.2 % proof stress and temperature (a. Alloy 5083-H111; 
b. Alloy 6060-T66 b’05) 

 

Figure 5.23 shows that f0.2,θ according to the code is unsafe for alloy 5083-H111, 

compared to the transient state simulations. For a linear heating rate, this may result in 

an overestimation of the fire resistance of 37 % maximum (i.e. 23 minutes instead of 30 

minutes or 88 minutes instead of 120 minutes). Kaufman (1999) shows a comparable 

reduction of the steady state value for f0.2,θ and a comparable large creep influence on 

other alloys in series 5xxx in soft temper. It is therefore expected that the data on f0.2,θ 
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in EN 1999-1-2 (2007) are also unsafe for other 5xxx series alloys in soft temper. The 

shape of the stress-strain relationships resulting from steady state tests is also different 

from the transient-state relationships (Figure 2.8 and Annex B versus Figure 5.23) 

For alloy 6060-T66, the values for f0.2,θ in the standard are conservative compared to 

the values determined in the transient state simulations. 

 

Furthermore, Figure 5.23 shows that the curves for different heating rates are close 

together. Therefore, despite the large influence of creep on the stress-strain relations, it 

is possible to provide data on the mechanical properties that are independent of the 

heating rate for fire design in practice (the maximum influence of the heating rate on 

the fire resistance is 9 % for the alloys considered, when assuming that f0.2,θ is the 

governing parameter for the resistance). 

5.8 Chapter conclusions 

The modulus of elasticity at elevated temperature has been successfully determined in 

simple three point bending tests. Tensile tests are not recommended for this purpose, 

because the elastic deformation is several orders of magnitude smaller than thermal 

expansion in case of tensile tests. Consequently, thermal expansion or other 

temperature influences on the measuring devices cause considerable noise in the 

determination of the modulus of elasticity when based on tensile tests. 

 

The material parameters of the Dorn-Harmathy creep model have been successfully 

determined in creep tests. Consistent results are found if the parameters are 

determined based on tests with a stepwise increased temperature or stress level. 

Tertiary creep already starts at low strains in case of alloy 6060-T66. A modification on 

the existing Dorn-Harmathy model is proposed to account for tertiary creep for this 

alloy. 

A second modification is proposed to account for stress conditions where compression 

is followed by tension or vice versa. 

 

In using the modified model for the mechanical properties in fire, the following 

assumptions are made: 

- The mechanical strain at elevated temperature is composed of creep strain and 

elastic strain; 

- The creep strain is irreversible, i.e. all creep strains are visco-plastic strains 

(corresponding to literature and checked with one test only); 

- The material behaves isotropic, from which it follows that: 

- The stress-strain relationships in tension are equal to that in compression 

(checked with a minimum amount of tests). 

- The stress-strain relationships in the direction perpendicular to rolling or 

extrusion are equal to the relationships parallel to rolling or extrusion; 
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- The Von Mises yield criterion applies. 

The last two assumptions, together with the condition of incompressibility for creep 

strains, are used to extend the model to the multiaxial case. 

 

The modified model showed a good agreement with uniaxial transient state tests: the 

difference in the temperature at f0.2 between the model and tests is on average 0 ºC, 

the standard deviation is 6 ºC. The model is thus suited for aluminium alloys in series 

5xxx with soft temper and series 6xxx with artificially aged temper exposed to fire 

conditions. 

  

Based on simulations with the validated constitutive model, simplified stress-strain 

relations for aluminium alloys exposed to fire conditions are determined that can easily 

be used in fire design in practice. Comparing these relations with the data in EN 1999-

1-2 (2007), it appears that the relative values f0.2,θ / f0.2 of alloy 5083-H111 in the 

standard are unsafe. Alloys in the same series show a similar reduction of the strength 

in steady state tests and a similar creep strain (Maljaars et al. (2008a)). It is therefore 

expected that the relative values f0.2,θ / f0.2 in the standard are also unsafe for other 

5xxx series alloys in soft temper. 

 

Despite the large influence of creep on the constitutive relations, it is possible to 

provide data on the mechanical properties that are independent of the heating rate for 

fire design in practice. 
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6 Local buckling tests 

6.1 Scope of the chapter 

A test programme is carried out to study local buckling of aluminium sections at 

elevated temperature. Square hollow sections and angular sections of alloys 5083-

H111 and 6060-T66 are tested in compression. This chapter describes the tests. The 

test program and test set-up are given (paragraphs 6.1 and 6.2, respectively) and the 

tests results of the steady state and transient state tests are presented and discussed 

(paragraphs 6.3 and 6.4). Main aim of the test programme is using it for the validation 

of a finite element model in chapter 7. Figure 6.1 gives a graphical summary of the 

chapter. 

 

 

 

 

 

 

 

 

 

                                                                                                
Figure 6.1 Graphical summary of chapter 6 

6.2 Types of specimens 

Chapter 3 described the design model for local buckling of slender aluminium sections 

at ambient temperature according to EN 1999-1-1. As a conservative simplification, all 

plates are considered being simply supported in this design model. Applying this 

simplification also for fire design implies that the plates included in the test program of 

the current thesis have to be simply supported. Two types of simply supported plates 

are distinguished: internal plates and outstands according to Figure 6.2. 

 

Simply supported, individual plates are difficult to realise in a test set-up. Therefore, 

sections are tested instead of plates. The sections have such geometry that buckling of 

the sections corresponds with buckling of individual, simply supported plates. The 

sections selected are square hollow sections (SHS) given in Figure 6.3a for testing 

internal plates and angular sections (AS) according to Figure 6.3b for testing outstands. 

The alloys selected for the test program are 6060-T66 and 5083-H111.  
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Figure 6.2 Definition of internal plates and outstands 

 

 

 

 

 

Figure 6.3 Types of specimens for the compression tests (a. SHS; b. AS) 

 

Aim of the research is to study sections that fail due to local buckling before the plastic 

capacity Npl,θ is reached (class 4 sections). Npl,θ being defined as f0.2,θ multiplied by the 

gross area of the cross-section A. In order to guarantee that the sections are in class 4 

both at ambient and at elevated temperature, plates with large ratios b / t are selected  

(for AS: b / t > 15, for SHS: b / t > 35). 

 

The AS tested of alloy 6060-T66 are obtained from a standard extruded profile 50x50x2 

[mm] (b / t = 25). For alloy 5083-H111, AS are manufactured by folding a rolled plate. 

The dimensions of these AS are 50x50x1 [mm] (b / t = 50). 

Extruded SHS that meet the requirements on the plate dimensions are not standard 

deliverable. The following procedures are followed to obtain SHS with the desired 

dimensions: 

- For alloy 6060-T66, SHS with dimensions 50x50x2 [mm] are obtained from 

standard deliverable extruded profiles. The ratio b / t - equal to 25 - is too low for 

the purpose of the tests. The walls are milled in order to reduce the thickness from 

2 mm to 1.1 or 0.8 mm (b / t = 44 or 60, respectively, Figure 6.4a); 

- For alloy 5083-H111, SHS are made out of a rolled plate. First, two U-sections are 

composed by folding the plate. Subsequently, the two U-sections are welded 

together, so that the SHS has welds in the middle of two walls of the SHS along 

the entire length. The dimensions are 50x50x1 [mm] (Figure 6.4b). As the plate of 

alloy 5083 is already in soft temper, it is assumed that welding does not influence 

the temper (and thus the mechanical properties) of the section. 

 

The types of specimens included in the test program are (Figure 6.5): 

1. SHS of alloy 6060-T66 with b / t = 25 (extruded). Chemical composition is 

according to batch 3 in Annex A; 

a. b. internal outstand SHS AS

Internal plate Outstand 
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2. SHS of alloy 6060-T66 with b / t = 44 or 60 (extruded and milled). Chem. comp. 

batch 3; 

3. AS of alloy 6060-T66 with b / t = 25 (extruded). Chem. comp. batch 4; 

4. SHS of alloy 5083-H111 with b / t = 50 (folding and welding rolled plate). Chem. 

comp. batch 1; 

5. AS of alloy 5083-H111 with b / t = 50 (folding rolled plate). Chem. comp. batch 1. 

The length L of all specimens (SHS and AS) is 300 mm (L / b = 6). 

 

a.                       top view                                    b.       side view             top view 

                      

 

 

 

 

 

Figure 6.4 Realised SHS for the compression tests (a. SHS of alloy 6060-T66, with left-hand 
an original SHS and right-hand a milled SHS; b. SHS of alloy 5083-H111) 

 

 

Figure 6.5 Realised types of specimens for the test programme 

 

It is well known that geometrical imperfections and residual stresses influence the 

ultimate resistance in case of buckling. Accurate measurements are carried out on the 

dimensions and the geometrical imperfections of most of the specimens (Annex F). The 

geometrical imperfections of the AS of alloy 5083-H111 could not be measured, due to 

the lack of stiffness of these specimens. However, it will be shown in paragraph 7.4 that 

the imperfections of these sections have a negligible influence on the buckling 

resistance. 

 

According to tests carried out by Mazzolani (1998), the maximum residual stresses in 

extruded sections are smaller than 20 N/mm2. These small stresses are assumed to be 

irrelevant for the ultimate resistance. Therefore, the residual stresses are not measured 

for the extruded sections. The residual stresses in welded sections, however, are not 

negligible. The residual stresses in the welded SHS of alloy 5083-H111 are measured 

using the X-ray method. The method and the results are elaborated in Annex G. 

welds 

1. 2. 3. 4. 5.
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6.3 Test program 

In chapter 2, it is noted that transient state conditions are more representative for 

simulating fire exposure than steady state conditions. However, steady state tests can 

provide additional information that can be used for validation purposes. Therefore, both 

steady state and transient state compression tests are carried out on the sections 

described above. 

 

The loading procedure of the steady state tests consists of the following steps: 

- Exposure of the specimen to an elevated temperature. The specimens tested at 

180 ºC are subjected to 120 ºC during 180 minutes prior to testing. The specimens 

tested at higher temperatures are subjected to 270 ºC during 30 minutes 11 . 

Thermal expansion of the specimens is not restrained during heating;  

- Cooling down to ambient temperature; 

- Heating of the specimen from ambient to test temperature in approximately 20 

minutes. Thermal expansion of the specimens is not restrained during heating; 

- Maintaining the test temperature constant for approximately 20 minutes; 

- Loading of the specimen in compression by applying a certain strain rate. The 

strain rate of the tests at elevated temperature is in most cases between         

2.5.10-3/min and 7.0.10-3/min. The value for each test is given in Annex H. 

The test temperatures of the steady state compression tests are given in Table 6.1. 

 
 Table 6.1 Test programme for the steady state compression tests 

Type of specimen b [mm] t [mm] b / t [-] Test temperatures [ºC] 1) 

50 2 25 20 (3x) 180  270  290  

48.2 1.1 44 20  180  270  290 (2x) 

SHS 6060-T66 

47.6 0.8 60 20 (2x) - -    - 

AS 6060-T66 50 2 25 20  180  270  300  

SHS 5083-H111 50 1 50 20  180  270  330 (2x) 

AS 5083-H111 50 1 50 20  180  270  330 (2x)  

1) Test temperatures are rounded to the nearest 10 ºC interval 

 

The transient state tests are carried out with constant loads, equal to 30 %, 45 % and 

60-65 % of the ultimate resistance of the steady state tests at ambient temperature, 

Nu.20 ºC. The heating rates applied are constant in time12 and are such that failure is 

expected after 30 minutes. Additionally, tests are carried out with a load percentage of 

                                                             
11  This step is done in order to expose the specimens to equal elevated temperature 
conditions as applied in the steady state tensile test, see Annex B 
12 A constant heating rate is representative for insulated aluminium sections exposed to the 
standard fire (chapter 4) 
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45 % and a lower heating rate, so that failure is expected after 90 up to 120 minutes. 

The transient state test program is given in Table 6.2. 

 

Table 6.2 Test programme for the transient state compression tests 

Type of b t b / t Load as % of Nu, 20 ºC Nu, 20 ºC 

specimens [mm] [mm] [-] 30 %   45 %  45 %   60 % (100 %) 

    heating rates [ºC/min]  

50 2 25   - 7.8 (2x) 2.2 (2x)   -    80 kN 

48.2 1.1 44 8.6 7.8 (3x) 2.9  6.6 26.8 kN 

SHS 6060-T66 

47.6 0.8 60   - 9.7 (2x) 2.4 (2x)   -   7.8 kN 

AS 6060-T66 50 2 25 7.8 6.7 (2x) 2.9 6.5 19.9 kN 

SHS 5083-H111 50 1 50 7.4 7.0 2.4 (2x) 6.6 19.8 kN 

AS 5083-H111 50 1 50 8.7 9.6 2.1 6.5   5.1 kN 

6.4 Test set-up 

6.4.1 Overview of the realised test set-up 

A special test set-up is designed and constructed for carrying out the tests. The set-up 

consists of a frame with an electrical furnace and an actuator with a load cell outside 

the furnace. The load is transmitted by an axle that is restrained in horizontal direction 

and free for vertical displacements. Figure 6.6a gives an overview of the test set-up. 

The specimens are clamped (Figure 6.6b). 

 

 

                                        

Figure 6.6 Test set-up for the compression tests (a. Global set-up; b. Compressed 
specimen) 
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The vertical deformation of the specimen is measured with LVDTs outside the furnace. 

Invarsteel bars are applied between the LVDTs and the upper respectively lower 

support plates of the specimen (bars are shown in Figure 6.6b). Thermocouples are 

spot-welded at five positions along the specimen length. 

 

A hole with a diameter of 1.0 mm is drilled in the SHS so that the heated air inside the 

SHS is able to escape. 

6.4.2 Details of the supports 

The force is transferred from the set-up to the SHS by simple contact between the 

supports and the loaded edges, i.e. there is no structural connection between the 

supports and the loaded edges for the SHS. The walls of the specimen may thus either 

remain straight or be free to rotate (Figure 6.7). Gerhard and Becker (1957) showed 

that, for large ratios between length and width (L / b ≥ 5), the difference in σcr between 

clamped or hinged edge restraints is small. Thus, it is assumed that for the L / b ratio of 

6, as applied in the current tests, it is not important for the buckling behaviour if the 

walls are clamped or not. This assumption is checked in chapter 7. 

 

 

 

 

 

 

 

 
Figure 6.7 Contact of plates of the specimen with the supports during testing 

 

The AS show large out-of-plane deformations. Consequently, the tips of the AS loose 

contact with the supports and bend sideward. The contact area through which the load 

is transferred reduces and the specimen fails at its supports. In order to prevent this 

undesired failure mode from happening, the AS are adhesively bonded to the supports. 

It is expected that the adhesive has a too low stiffness to effectively prevent the edges 

loosing contact with the supports. Thus, tensile forces cannot be transferred from the 

specimen to its supports, both for the SHS and the AS. 

 

The supports of the test set-up are insulated in order to prevent the specimen to cool 

down at the loaded edges. The supports are schematically shown in Figure 6.8. The 

specimen is supported by aluminium plates. Strong and stiff insulation layers are 

applied between these plates and the supporting axle and beam outside the furnace. 

The insulation layers are pre-stressed by pre-stressing a threaded rod (or bolt) between 

the aluminium plates and the supporting axle and beam. In this way, the deformations 

of the supports of the set-up are minimised when the specimen is loaded. 

straight edges rotating edges
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The test set-up is described in detail in Maljaars (2007 b). 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 6.8 Supports of the specimens in the set-up (a. Upper support; b. Lower support) 

 

The first tests showed a significant temperature gradient along the specimen length, 

caused by a heat flux from the specimen to the supports. In order to reduce this 

temperature gradient, the lower support plate is heated with an additional electrical 

heating element (spiral) in later tests. For this purpose, holes are drilled through the 

aluminium plate at the lower support through which the spiral is supplied. The heat flux 

via the upper support is reduced by better insulating this support. In Annex H, it is 

indicated in which tests a temperature gradient has been present. 

6.5 Steady state compression tests 

6.5.1 Test results 

The specimens used in the steady state tests showed out-of-plane deformations which 

are typical for local buckling (Figure 6.9). Figure 6.10a up to Figure 6.14a, give the ratio 

N / A (force divided by gross area) as a function of the ratio u / L (axial deformation 

measured over the entire length divided by original length) for the steady state 

compression tests. 

 

Figure 6.10b up to Figure 6.14b give the normalised force N / Npl,θ as a function of the 

normalised axial deformation u / uel,θ, where Npl,θ = f0.2,θ 
. A, and uel,θ = L . f0.2,θ / Eθ.  The 

values for f0.2,θ are based on uniaxial steady state tensile tests (Annex B). In chapter 2, 

it is noted that the strength of steady state tests depends on the strain rate. Therefore, 

the strain rates of the steady state compression tests are approximately equal to those 

of the steady state tensile tests. If the test temperature of a compression test did not 

match exactly with that of a tensile test, linear interpolation is used between the stress-

strain curves of Annex B to determine f0.2,θ. 
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Figure 6.9 Deformations of a selection of steady state compression tests 
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Figure 6.10 Results of steady state tests on SHS with b / t = 25, alloy 6060-T66 (a. Relative 
load-deformation diagrams; b. Normalised load-deformation diagrams) 
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Figure 6.11 Results of steady state tests on SHS with b / t = 44, alloy 6060-T66 (a. Relative 
load-deformation diagrams; b. Normalised load-deformation diagrams) 

 

(The specimens are 

shown in the same order 

as in Figure 6.5) 
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Figure 6.12 Results of steady state tests on AS with b / t = 25, alloy 6060-T66 (a. Relative 
load-deformation diagrams; b. Normalised load-deformation diagrams) 
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Figure 6.13 Results of steady state tests on SHS with b / t = 50, alloy 5083-H111 (a. Relative 
load-deformation diagrams; b. Normalised load-deformation diagrams) 
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Figure 6.14 Results of steady state tests on AS with b / t = 50, alloy 6060-T66 (a. Relative 
load-deformation diagrams; b. Normalised load-deformation diagrams) 

 

In most steady state tests, it is noticed that one wall of the specimen made contact with 

the supports, while a small ‘gap’ was visible between the opposite wall and the 

supports (Figure 6.15). This is due to non-parallel specimen edges and to non-parallel 

supports in the set-up. On average, the size of the gap was approximately 0.2 mm (i.e. 

just visible). 

 

 

 

 

 

 

 

 

Figure 6.15 ‘Gap’ between specimen and its supports, as noticed in steady state tests 

 

Three pairs of tests at ambient temperature are carried out on equal sections and with 

equal load conditions (see Annex H). The difference in ultimate resistance for these 

pairs of equal tests was on average 3 %, with a maximum of 5 %. Hence, the tests are 

well reproducible. 

6.5.2 Discussion of the results 

The relative buckling resistance ρc,θ of the steady state tests are the maximum values 

of the ratios N / Npl,θ  for Figure 6.10b up to Figure 6.14b (equation 6.1). The values for 

ρc,θ are tabulated in Annex H for each specimen. 
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The relative buckling resistance ρc,θ is lower than 1.0 for all tests except for the SHS of 

alloy 6060-T66 with b / t = 25, i.e. apart from this type, the sections fail before reaching 

the plastic capacity. This is due to the occurrence of local buckling. At ambient 

temperature, the SHS with b / t = 25 fails directly after obtaining the plastic capacity 

(Figure 6.10b). 

 

With increasing temperature, the deformation capacity increases. This is attributed to 

the fact that the ratio Eθ / f02,θ for steady state conditions increases with increasing θ for 

alloy 6060-T66 (Figure 6.16 a). Consequently, the relative slenderness ρλ  decreases 

with increasing θ (equation (3.14)). The temperature-dependent value of the Poisson 

ratio (Annex B) has only a small contribution to the decrease in ρλ  (Figure 6.16 b). 
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Figure 6.16 Variation in mechanical properties with temperature (a. Ratio Eθ / f0.2,θ for steady 
state conditions; b. Ratio 1 / (1- νθ

2)) 

 

The relative buckling resistance ρc,θ of the SHS of alloy 6060-T66 with b / t = 44 

increases with increasing temperature (Figure 6.11). This is also attributed to the 

increasing ratio Eθ / f0.2,θ (of course, the absolute resistance Nu,θ decreases with 

increasing temperature). ρc,θ of the AS of alloy 6060-T66 is approximately independent 

of the temperature. A closer observation of the results for this type of section indicates 

that the ratio between the critical stress for local buckling and f0.2,θ increases with 

increasing temperature, but that the extra strength in the post-buckling range 

decreases. (The critical stress is identified by the point where the relative force-axial 

deformation diagram of the compression test starts deviating from the stress-strain 

curve of the tensile test in Figures 6.11 up to 6.14). 
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The relative buckling resistance ρc,θ of the SHS and AS of alloy 5083-H111 does not 

change significantly with temperature (Figure 6.13 and Figure 6.14). This can be 

explained by the following reasons: 

- The ratio between Eθ / f0.2,θ for steady state conditions barely increases from 

ambient temperature up to temperatures of 300 ºC for alloy 5083-H111 (Figure 

6.16); 

- Chapter 3 showed that the sensitivity to buckling depends, among others, on the 

shape of the stress-strain relation. The ratio fp,θ / f0.2,θ of the steady state tensile 

tests decreases with increasing temperature (Annex B, Figure B.2). This reduces 

the ultimate resistance of slender sections. 

 

One would expect that the first, elastic stage of the normalised force – axial deformation 

curves is approximately the same for one specimen over the range of test 

temperatures, since the normalised force and normalised axial deformation are 

adjusted for temperature dependent changes of the material properties. However, the 

relative value of the initial stiffness of the steady state test on the SHS of alloy 5083-

H111 at 323 ºC is lower than that of the other tests on this type of section (Figure 

6.13b). This may be due to a measurement error. The relative value of the stiffness of 

the AS of alloy 5083-H111 is different for each test temperature (Figure 6.14b). 

However, the critical stress of these specimens is only 10 % of f0.2,θ. The relative 

stiffness shown is therefore the stiffness in the postbuckling range. This postbuckling 

stiffness depends on the entire shape of the stress-strain curve instead of just the 

modulus of elasticity and the 0.2 % proof stress. The shape of the stress-strain curve 

changes over the temperature domain. Consequently, the postbuckling stiffness 

changes over the temperature domain with changing temperature. 

6.6 Transient state compression tests 

6.6.1 Test results 

Before the transient state tests are carried out, the set-up is modified in such a way that 

the 'gap' between the supports and the specimen is reduced. A gap between the 

transient state test specimens and the set-up is noted only for the tests on the welded 

SHS of alloy 5083-H111. The reason for this is that the edges of the welded SHS were 

clearly not parallel. 

 

Similar to the steady state tests, all specimens used in the transient-state tests showed 

out-of-plane deformations which are typical for local buckling. As an example of the 

results of transient state tests, the relative axial deformation (u / L) as a function of the 

temperature is plotted in Figure 6.17 for SHS of alloy 6060-T66 with b / t = 44 and for 

AS of alloy 5083-H111 with b / t = 50.  The applied force is indicated as the percentage 

of the ultimate resistance that is determined in the steady state test at ambient 
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temperature (denoted with symbolη). Heating rates (hr) are also indicated. Similar plots 

are obtained for the other types of sections. Due to the fact that the thermal strain is 

much larger than the mechanical axial strain, the relative axial deformations in Figure 

6.17 contain noise. The plotted mechanical deformation in Figure 6.17 should therefore 

be regarded with caution. 
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Figure 6.17 Relative axial deformation as a function of temperature for transient state 
compression tests (a. SHS of alloy 6060-T66, b / t = 44; b. AS of alloy 5083-H111, b / t = 50) 

 

The critical temperature θcrit (i.e. the temperature at failure, note that this has no 

relation with the critical stress for buckling) is in this thesis defined as the vertical 

asymptote of the axial strain versus temperature curves of Figure 6.17. As an example, 

θcrit of the tests with η = 30 % are indicated with dashed curves in Figure 6.17. Values 

for θcrit of the individual tests are given in Annex H. For each specimen type, the 

specimen with the lowest load failed at the highest temperature and vice versa. For 

specimens of the same type tested with an equal load but different heating rates, the 

specimen with a low heating rate (approximately 2 ºC/min) gave a slightly lower critical 

temperature than the specimen with a high heating rate (approximately 8 ºC/min). This 

is in conformity with the degradation of the 0.2 % proof stress as a function of the 

temperature and exposure time (chapter 5). 

 

Six pairs of transient state tests are carried out on equal types of sections, with equal 

loads, and equal heating rates (see Annex H). The difference in critical temperature for 

these equal tests was on average 4 ºC, and maximum 13 ºC. Hence, the transient state 

tests are well reproducible. 

 

The relative buckling resistance at the critical temperature, ρc,θcrit, is equal to the ratio 

between the force applied on the section, divided by the plastic force at the critical 

temperature Npl,θcrit. Npl,θcrit is the 0.2 % proof stress at the critical temperature, f0.2,θcrit , 

multiplied by the gross area A (equation (6.2)). f0.2,θcrit is based on transient state 
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conditions, i.e. f0.2,θcrit is according to Table 5.8 and Table 5.9. The dots in Figure 6.18 

give ρc,θcrit as a function of θ for all transient state tests of alloy 5083-H111. 
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The material parameters of the Dorn-Harmathy creep model for the two batches of 

alloy 6060-T66 (b'05 and b'06) are different. Equation (6.2) is evaluated with both sets 

of parameters. The dots in Figure 6.19 give ρc,θcrit as a function of θ for all transient 

state tests of alloy 6060-T66. Comparing the results for b'05 and b'06, it appears that 

there is a slight difference in the values for ρc,θcrit between 240 ºC and 280 ºC. At 

temperatures exceeding 280 ºC, the values for ρc,θcrit are almost equal. 
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Figure 6.18 ρc,θcrit as a function of θ for the transient state compression tests for alloy 5083-
H111 
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Figure 6.19 ρc,θcrit as a function of θ for the transient state compression tests for alloy 6060-
T66 (a. f0.2,θ according to b'05; b. f0.2,θ according to b'06) 
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6.6.2 Discussion of the results 

The temperature-dependent mechanical properties have opposite influences on the 

buckling behaviour of slender sections: 

- The ratio Eθ/f0.2,θ for transient state conditions increases with increasing 

temperature for both alloys (Figure 6.20). Consequently, the sensitivity for local 

buckling decreases with increasing temperature; 

- The ratio fp,θ /f0.2,θ (and parameter n of the Ramberg-Osgood relationship) 

decreases with increasing temperature (chapter 5). Consequently, the sensitivity 

for local buckling increases with increasing temperature; 

- The Poisson ratio increases with increasing temperature, but it has a negligible 

effect on the sensitivity for local buckling (Figure 6.16 b). 

Figure 6.18 and Figure 6.19 show that ρc,θcrit at fire is higher than at ambient 

temperature, for all types of sections considered. In general, ρc,θcrit increases with 

increasing temperature. Apparently, the unfavourable influence of the decreasing value 

for n is more than counterbalanced by the favourable influence of the increasing ratio 

Eθ / f0.2,θ  for the alloys considered. 

 

Figure 6.18 shows that ρc,θcrit of the transient state tests on alloy 6060-T66 with b / t = 

25 are larger than 1.0. Hence, the ultimate resistance Nu,θcrit is larger than the plastic 

capacity Npl,θ. This is attributed to the fact that Npl,θ is related to f0.2,θ, while, the material 

strength is higher than f0.2,θ when the plastic strain exceeds 0.2 %. At  275 ºC, the ratio 

between the 2.0 % proof stress and the 0.2 % proof stress is equal to 1.33 for alloy 

6060-T66. 

It is noted that the test with the highest value for ρc,θcrit is one test out of two with equal 

load and heating rate. The difference in critical temperature for these two tests is 13 ºC. 

The corresponding difference in ρc,θcrit is 12 %. 
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Figure 6.20 Variation in ratio Eθ / f0.2,θ with temperature for transient state conditions (a. Fire 
resistance of 30 min; b. Fire resistance of 120 min) 
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The values found for ρc,θcrit of the other, more slender sections are evaluated in chapter 

8. Maljaars et al. (2008b) give a comparison between the experimentally found values 

for ρc,θcrit and the design rule for local buckling in EN 1999-1-1 (2007). 

6.7 Chapter conclusions 

A test program is carried out for studying local buckling of aluminium sections exposed 

to fire conditions. The test program consists of 27 steady state and 28 transient state 

tests. The test set-up and the specimen selection are suited for the purpose of testing 

local buckling of sections at elevated temperature. Because of the extensive 

measurements of geometrical and material properties of the specimens, the test 

program is suited for validating numerical models. Up to the knowledge of the author, it 

is the only test program carried out in the field of local buckling of aluminium sections 

exposed to fire conditions. 

 

The test set-up designed is suited for the purpose of testing local buckling of sections 

at elevated temperature. The displacement measurements, however, are not accurate 

for transient state conditions, due to the relatively large thermal strains of the specimen 

and the measuring devices and temperature influences on the LVDTs. On the other 

hand, the most important result of the transient state tests is the critical temperature. 

The critical temperature can be determined accurately. 

The tests are well reproducible. 

 

All specimens showed out-of-plane deformations that are typical for local buckling.  The 

deformation capacity of the tested sections is limited by the occurrence of local 

buckling both at ambient and at elevated temperature. For the thin walled sections 

tested, the ultimate resistance is also limited by the occurrence of local buckling, both 

at ambient and at elevated temperature. Local buckling is therefore the decisive failure 

mechanism of these sections, both at ambient and at elevated temperature.  

 

The transient state tests carried out show less sensitivity to local buckling than the tests 

at ambient temperature. This is attributed mainly to the fact that the ratio between the 

modulus of elasticity and the 0.2 % proof stress increases with increasing temperature. 
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7 Development and validation of finite element 

models for local buckling 

7.1 Scope of the chapter 

Numerical computer methods such as the finite element method (FEM) are significantly 

faster for carrying out a large parameter study than time-consuming tests at elevated 

temperature. However, the validity of such models has to be checked. 

This chapter describes finite element models developed for studying local buckling 

(paragraph 7.2). The results of the models are compared with the steady state and the 

transient state tests of the previous chapter in order to check the validity of the models 

(paragraph 7.3). A sensitivity study is carried out in order to explain the small 

differences between the tests and the finite element models (paragraph 7.4). The 

discussion of the results is presented in paragraph 7.5. Figure 7.1 gives a graphical 

summary of the chapter. 

 

 

 

 

 

 

 

  

 

Figure 7.1 Graphical summary of the chapter 

7.2 Description of the FEM models and the analyses 

Finite element models are developed and analysed using the finite element program 

DIANA 9.1 (De Witte and Kikstra (2007)). In order to accurately simulate the 

compression tests, the tested specimens (SHS and AS) are modelled as exact as 

possible with finite element models. The geometry, geometrical imperfections and 

temperature are modelled as measured. The residual stresses in the welded sections 

are obtained from measurements on similar welded sections. The mechanical 

properties are obtained from the calibrated parameters as derived from the tensile tests 

on specimens of the same alloy. 
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Type of elements 

The sections are modelled using shell elements with 8 nodes per element (type 

CQ40S). The normal stress in the normal direction is equal to zero for these elements. 

The in-plane strains vary linearly in the element thickness direction and the transverse 

shear strains are constant through thickness. The degrees of freedom of each node are 

three translations and two rotations (the rotation about the normal is not included). The 

nodes of the shell elements are applied in the midplane of the section walls they 

represent. 

 

A 2 x 2 x 7 integration scheme is applied for each element (i.e. 7 integration points 

through the thickness, in order to account for a possible non-linear stress distribution 

over the wall thickness). Each wall of the SHS is modelled with 8 elements in width 

direction and 54 in length direction. Each wall of the AS is modelled with 10 elements in 

width direction and 54 in length direction. The difference in ultimate resistance with 

models with twice as much elements in width and in length direction is less than 1 %, 

and the entire load-displacement relation is approximately equal for these models. 

 

As an example, Figure 7.2 gives the load-displacement relation of two models with 

different mesh density for the case of a SHS with b / t = 44. It is shown that the ultimate 

resistance is equal for the two meshes, and that the load-displacement relation at 

larger deformations is slightly different. The latter is attributed to the fact that, after 

having reached the ultimate resistance, the deformations concentrate at one buckle, 

causing large curvatures of the elements at the position of the buckle in the softening 

branch (Figure 7.10). This difference is not important for this research, as it is aimed at 

determining the ultimate buckling resistance. In all models, localisation of the 

deformations was not yet observed at the ultimate buckling resistance. 
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Figure 7.2 Load-axial displacement relations of models with different mesh densities 

 

applied 

mesh 

2 x denser 

mesh 



 109 

The sections of alloy 5083-H111 are obtained by folding a plate. The corners of these 

sections are not sharp, but rounded-off with a radius of approximately 4 mm. These 

corners are modelled with 5 curved elements, as indicated in Figure 7.3. 

 

Geometrical imperfections 

The application of the geometrical imperfections in the finite element models differ per 

type of specimen, depending on the accuracy of the measurements of the 

imperfections: 

- The geometrical imperfections of the AS of alloy 5083-H111 could not be 

measured with sufficient accuracy. A rough estimation of the maximum value of 

the imperfection is imax = 0.15 mm. In the finite element models, an imperfection 

shape according to the first Euler buckling mode is applied (figure 7.3), scaled in 

such a way that imax of the model is equal to 0.15 mm (hereafter called mode 

imperfections); 

- In case of 4 SHS of alloy 6060-T66, the imperfections are measured at a limited 

number of positions. The maximum imperfection value imax could be determined, 

but not the exact imperfection pattern. In the models, mode imperfections are 

applied (figure 7.3), with imax according to the measurements on each specimen. 

The 4 tests for which this applies are indicated in Annexes F and H; 

- For all other tests, the measured imperfection pattern of each specimen is applied 

in the finite element model. An example of measured imperfections is given in 

Annex F.2. As reproduction of this imperfection pattern is difficult for other 

researchers, additional models are made with mode imperfections, with imax 

corresponding with the measurements (Annex F). 

          

Figure 7.3 Rounded corners as modelled for         Figure 7.4 First Euler buckling 
AS and SHS     mode of a SHS and an AS 

 

Load imperfections: gap between the supports and the specimen 

The support conditions in the tests were such that compressive forces could be 

transferred from the set-up to the specimens, but tensile forces could not be 

transferred. 
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In a number of tests one of the walls made contact with the supports, while a small 

‘gap’ was visible between the opposite wall and the support (Figure 7.5a). The size of 

this ‘gap’ was different for the different tests carried out: 

- The ‘gap’ was approximately 0.2 mm in case of all steady state tests; 

- Due to adjustment of the test set-up, a ‘gap’ was not present in the transient state 

tests, except for the tests on welded SHS; 

- The ‘gap’ in the transient state tests on welded SHS was approximately equal to 

0.5 mm. 

 

The contact between the specimen and its supports is modelled with interface 

elements (3 + 3 nodes, type CL12I). The interface elements have a high stiffness for 

compression (100 times the elastic axial stiffness of the plate) and a negligibly low 

stiffness for tension and shear (0.001 times the elastic axial and shear stiffness of the 

plate, respectively). The upper nodes of the interface elements are tied to one another 

in such a way that these nodes describe one plane. This plane represents the support 

plate of the test set-up. The lower nodes are connected with the shell elements that 

represent the tested specimen. Interface elements are applied both at the upper 

support and at the lower support. For the analyses with a 'gap', the following 

subsequent steps are applied (Figure 7.5b): 

- The specimen and its supports are modelled straight, with interface elements 

between the model of the specimen and the supports (step 0); 

- In the first analysis step (step 1), the upper support is rotated and translated 

upwards. The translation is such, that all interface elements are loaded in tension. 

Since the stiffness for tension is negligible, the specimen is unstressed. This 

condition corresponds with the actual situation of the specimen just before the start 

of the tests; 

- In subsequent analysis steps (step 2 – last), the support is incrementally translated 

downwards. The specimen is then loaded in compression. 

The bottom support remains straight during the analysis. 

The nodes at the loaded edges of each wall are restrained against rotation, so that 

clamped end conditions are obtained. 

 

 

 

 

 

 

 

 

 
Figure 7.5 Modelling of the ‘gap’ between the specimen and its supports (a. Gap as detected 
in the tests; b. Subsequent steps in the finite element analyses) 
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Temperature 

In four of the transient state tests, the temperature at the midsection was approximately 

30 ºC higher than the parts of the section near the supports. The temperature was 

almost uniform in other tests. In Annex H, it is indicated in which cases the temperature 

was non-uniform. In the finite element models, the temperature is applied as measured, 

including the temperature gradient if present. 

Thermal expansion in length direction is not restrained in the tests. Thermal expansion 

is not incorporated in the finite element models. 

 

Geometry of welds and residual stresses 

The SHS of alloy 5083-H111 are welded. The welds are thicker than the rest of the 

plate (1.6 and 1 mm, respectively). The width of the weld is approximately 6 mm. The 

geometry of the welds is modelled by applying elements with a thickness of 1.6 mm at 

the position of the weld (indicated with accolades in Figure 7.3). 

 

The residual stresses applied into the models of the welded sections are obtained in 

Annex G. The values and pattern are indicated in Figure 7.6. These residual stresses 

relax during the analyses due to creep (paragraph 7.3). 

The mesh density is such that the stress 'jump' from the maximum to the minimum 

value of the residual stresses is applied over 1 element. This is a coarse mesh for such 

a large stress gradient. However, the difference in ultimate buckling resistance with a 

model with four  times as many elements in thickness direction was less than 1 % 

(Figure 7.6). 
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Figure 7.6 Residual stress applied in the models of the SHS of alloy 5083-H111 

 

Mechanical properties 

The mechanical properties applied in the simulations depend on the type of the tests: 

- The stress-strain curves of the uniaxial steady state tensile tests are applied in the 

finite element models of the steady state compression tests (Annex B). Isotropic 

hardening is applied, i.e. it is assumed that the stress-strain curves resulting from 

transient state tests in Annex B are also valid for compression and a possibly 

present Bauschinger effect is neglected. Further, it is assumed that the Von Mises 
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yield criterion applies13. In case the temperature of the steady state compression 

tests did not exactly match the temperature of the steady state tensile tests, linear 

interpolation is applied between the temperature-dependent stress-strain curves; 

- The constitutive model of chapter 5 is implemented in DIANA 9.1 (Annex E) for the 

simulation of the transient state compression tests. The tests on alloy 6060-T66 

are simulated both with the mechanical properties for batch '05 and with those for 

batch '06. 

 

The maximum local strain in the integration points at the ultimate resistance was in all 

models with slender walls smaller than 1.2 % for the models of the SHS of alloy 6060-

T66 with b/t = 25, and smaller than 0.6 % for all other models. Up to such small strains, 

the difference between the engineering stress and the true stress and between the 

engineering stress and the second Piola Kirchhoff stress is negligible. The engineering 

stress-strain curves are applied in the models. 

 

The thin walled SHS of alloy 6060-T66 are obtained by milling thick-walled SHS. For 

the simulation of the tests on these specimens, it is assumed that milling has not 

influenced the mechanical properties. 

 

The stress-strain curve of the weld metal has to be applied into the finite element model 

of the welded SHS of alloy 5083-H111. Soetens (1987) carried out tensile tests at 

ambient temperature on the parent metal (i.e. the unwelded material) and the weld 

metal of alloy 5083-O. The resulting values for f0.2 are given in Table 7.1. The value for 

f0.2 of the parent metal with a thickness of 12 mm is high in comparison with other 

literature sources. For a thickness of 4 mm, f0.2 at ambient temperature of the weld 

metal was approximately equal to that of the parent metal. Information on f0.2,θ at 

elevated temperature of the weld metal is not available. In the model, the stress-strain 

relationships of the weld metal are taken equal to those of the parent metal. The 

possible error introduced by this assumption appeared to be negligible (paragraph 7.4). 

 

Table 7.1 f0.2 of the parent metal and the weld metal of alloy 5083-O (Soetens (1987)) 

 parent metal weld metal weld / parent 

thickness = 4 mm 142 N/mm2 134 N/mm2 0.94 

thickness = 12 mm 184 N/mm2 128 N/mm2 0.70 

 

As the alloy is already in soft temper, it is assumed that the 0.2 % proof stress of the 

material close to the weld, which has been subjected to elevated temperature during 

welding (heat affected zone) is equal to that of the parent metal. 

                                                             
13 As the models showed a predominantly uniaxial stress condition at the positions with the 
highest Von Mises stresses, it is assumed that the yield criterion does not have a significant 
influence on the ultimate buckling resistance. 
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Type of analyses 

The tests are simulated with a Geometrical and Material Nonlinear Analysis including 

Imperfections (GMNIA). The steady state analyses are carried out with displacement 

control, with incremental displacements. The transient-state analyses are carried out 

with force control, with incremental time steps. A regular Newton-Raphson iteration 

scheme is applied, which means that the stiffness matrix is evaluated every iteration. 

The deformations are described with a Total Lagrange update scheme, i.e. the strains 

and stresses are described with reference to the undeformed geometry. 

 

The sizes of the load steps are taken small, so that smooth load-displacement 

trajectories are obtained for steady state conditions, and that the axial strain rate at the 

end of the transient state conditions is large (i.e. > 5.10-3 / min). 

7.3 Results of the simulations of the tests 

7.3.1 Steady state conditions 

The residual stresses in the welded SHS relax during heating of the steady state tests. 

The relaxation of the residual stresses is simulated with the constitutive model of 

chapter 5. The maximum values of the residual stresses at the start of loading, 

according to these simulations, are given in Table 7.2. 

 

Table 7.2 Maximum residual stresses at the start of loading 

Test temperature [ºC] 20 180 270 325 

Max. residual stress [N/mm2] 80 65 14 4 

 

Figure 7.7 gives a representative selection of the results of the simulations of the 

steady state compression tests. The horizontal axis gives the ratio u / L (axial 

deformation measured over the entire length divided by the specimen length. This can 

be regarded as the average axial strain of the section). The vertical axis gives the ratio 

N / A (force divided by the gross area. This can be regarded as the average axial stress 

in the section). 

 

Each graph gives the stress-strain relationship in light grey, the results of the 

compression test in dark grey and the results of the finite element analyses in black. 

The 'FEM mode' label refers to the analysis with mode imperfections, and with parallel 

supports. The 'FEM measured' label refers to measured imperfection patterns and 

parallel supports. The 'FEM measured gap' label refers to measured imperfections, and 

the ‘gap’ between the specimens and the supports being modelled. Similar plots are 

given for all transient state tests in Maljaars (2007c). 
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AS 5083-H111 b/t = 50, θ = 20 ºC
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Figure 7.7 Normalised load-displacement diagrams of a selection of the steady state tests 
and the simulations of these tests 

 

The ultimate load Nu,FEM of each simulation is given in Annex H. Figure 7.8 gives the 

ratios between the ultimate load according to the FEM (model with measured 

imperfections and with the ‘gap’ being modelled) and the ultimate load according to the 

test: Nu,FEM / Nu,test. 
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Figure 7.8 Ratio between ultimate resistance according to the FEM (measured 
imperfections, ‘gap’ included) and the tests (a. Alloy 6060-T66; b. Alloy 5083-H111) 

 

For the 18 steady state tests on SHS, the average value of the ratio Nu,FEM / Nu,test is 

1.00 and the standard deviation is 0.07. These numbers are 1.09 and 0.10, 

respectively, for the 9 steady state tests on AS. 

 

Figure 7.9 gives a comparison of the relative axial deformation at ultimate resistance of 

the test (u/L)Nu,test and that according to the finite element simulation (u/L)Nu,FEM. 

Results of tests where the deformation was obviously measured incorrectly (such as 

the test at 323 ºC in Figure 6.13) are not incorporated in the figure. 

0 0.002 0.004 0.006 0.008
(u/L)Nu,test [-]

0

0.2

0.4

0.6

0.8

1

1.2

1.4

(u
/L

) N
u,

FE
M
 /

 (
u/

L)
N

u,
te

st
 [

-]

SHS
AS

 

Figure 7.9 Comparison of the relative axial deformation at the ultimate resistance according 
to the FEM (measured imperfections, ‘gap’ included) and the tests 

 

In general, the relative axial deformation at ultimate resistance of the finite element 

simulations is lower than measured in the tests. The average value of the ratio 

(u/L)Nu,FEM / (u/L)Nu,test is equal to 0.86 and the standard deviation is 0.12. The initial 

stiffness of the models differs in a number of cases from that of the tests. 

The differences between tests and models will be discussed in paragraph 7.5. 
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Figure 7.10 gives a comparison of a selection of the deformed specimens after testing 

and of the deformed finite element models for a number of cases. The models are 

shown in the same order as in Figure 6.5, and show the deformation mode for large 

axial deformations, beyond the strain attending the ultimate buckling resistance. The 

deformation modes of the various types of analyses in Figure 7.7 are similar. 
 

       

Figure 7.10 Selection of deformed models and specimens 

7.3.2 Transient state conditions 

Figure 7.11 gives the relative axial deformation as a function of the temperature of a 

selection of transient state tests (solid curves) and the simulation of these tests 

(dashed curves). The simulation results in Figure 7.11a are obtained with mechanical 

properties for batch '05. The differences with the simulations for batch '06 are generally 

small: On average, the difference in critical temperature between these models is 3 ºC. 

Similar figures for the simulations of all tests are given in Maljaars (2007c). 
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Figure 7.11 Relative axial deformation as a function of temperature for transient state 
compression tests and the simulations of these tests (a. SHS of alloy 6060-T66, b / t = 44; 
b. AS of alloy 5083-H111, b / t = 50) 
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In four of the transient state tests, the temperature at the midsection was approximately 

30 ºC higher than near the supports. Analyses are carried out of models including this 

measured temperature gradient and of models with a uniform temperature equal to the 

maximum measured temperature. The critical temperature (i.e. the maximum 

temperature at failure) was equal for these two types of analyses. 

 

Figure 7.12 gives a comparison between the critical temperatures according to the 

FEM, θcrit,FEM, and that according to the tests, θcrit,tests, for all transient state tests carried 

out (both for alloy 5083-H111 and 6060-T66). The lines in the figure indicate a 

difference in critical temperature between finite element models and tests of -5 %, 0 % 

and 5%, determined from a temperature of 20 ºC onwards. Annex H gives the critical 

temperature of the simulations of all tests. The critical temperatures of the FEM for 

alloy 6060-T66 in Figure 7.12 are average values for batch '05 and batch '06. 
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Figure 7.12 Comparison of critical temperatures according to FEM and that of the tests 

 

For all 28 transient state tests carried out, the average value and the standard deviation 

of the difference in critical temperature between FEM and tests is equal to 1 ºC and 6 

ºC, respectively. The maximum difference in critical temperature is 10 ºC. The 

difference in critical temperature is smaller than 5 % for all cases. 

7.4 Sensitivity study 

The test set-up is not as ideal as applied in the simulations. Additionally, some 

parameters are difficult to measure in the tests. Almost all input parameters for the 

finite element models are stochastic variables. This may explain the differences found 

between the tests and the simulations. This paragraph gives the results of a sensitivity 

study with the parameters that are difficult to measure in the tests. The following 

procedure is followed: 

Step 1. The uncertain parameters are identified; 
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Step 2. The possible range for the input values of these parameters are estimated; 

Step 3. Simulations with the FEM are made to determine the influence on the ultimate 

buckling resistance or the critical temperature. 

 

Step 1. The following parameters are uncertain, and their influence is studied: 

1. The thickness of the specimen walls t (this parameter could be determined 

accurately, but the influence on the ultimate resistance is expected to be large); 

2. The thickness of the welds tweld in the SHS of alloy 5083-H111. The weld may act 

as a stiffener and may therefore contribute to the ultimate buckling resistance; 

3. The radii of the rounded corners r in the folded sections of alloy 5083-H111; 

4. The size and pattern of the geometrical imperfections (non-straightness); 

5. The size of the ‘gap’ between a specimen and the supports; 

6. The straightness at which the load is applied. Possibly, due to imperfections in the 

test set-up, the load on the specimens is not introduced perpendicular to the 

supports, but at a certain angle; 

7. The boundary conditions of the loaded edges. These edges may have been 

clamped or hinged. Besides, friction between the specimen and the support may 

have partially restrained thermal expansion in width direction, leading to transverse 

forces at the supports; 

8. The stress-strain relationships used for simulation of the steady state tests. The 

strain rate on the specimens is difficult to measure and the strain rates of the 

compression tests were sometimes different from that of the tensile tests; 

9. The (parameters of the) Dorn-Harmathy material model, used in the simulations of 

the transient state tests. The standard deviation between the model and the test 

for the governing quantities IIt ,ε&  and εto was large. (Table 5.5); 

10. A temperature gradient along the specimen length; 

11. The modulus of elasticity Eθ at elevated temperature; 

12. The size and pattern of the residual stresses in the welded SHS; 

13. The mechanical properties of the weld; 

 

It should be pointed out that this list is not intended to be complete. The total number of 

stochastic variables which may possibly have an influence is large. This sensitivity 

study is carried out with the purpose of explaining the differences between the tests 

and the model. 

 

Step 2. The values for the parameters as applied in the sensitivity study are listed in 

Table 7.3, together with an explanation for the use of these values. 
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Table 7.3 Parameters varied in the sensitivity study and the values for the parameters 

Parameter Values Explanation 

1. t t  - 0.01 mm; 

t + 0.01 mm 

The thickness measurements could be 

reproduced with a difference of 0.01 mm 

2. tweld 1.3 – 1.7 mm  Measured tweld  was on average 1.6 mm 

3. r r = 0 mm, r = 5 mm Measured r was approximately 4 mm 

4. geom. 

    imperf. 
• measured / mode 

• ½imax; imax; 2imax 

Measured and mode imperfections are 

applied, and for mode imperfections the size is 

varied  

5. ‘gap’ 0; 0.2 mm; 0.5 mm For all tests: 0 and 0.2 mm (i.e. just visible), for 

transient state tests on welded SHS: 0 and 0.5 

mm 

6. loadangle 0º, 3º (= 5 %) Angle between the load vector and the vertical 

7. boundary

    condition 
• clamped, hinged 

• free or restrained 

in width direction 

Analyses in paragraph 7.3 are carried out with 

clamped edges which are free to deform in 

lateral direction 

8. strain  

    rate 

-50 %; +50 % Difference between tensile and compression 

tests 

9. IIt ,ε& , εto IIt ,ε& +stdev, εto +stdev;

IIt ,ε& -stdev, εto -stdev 

Simulations are made with the average value + 

1 times the standard deviation (stdev), 

according to Table 5.5 

10. temp. 

      gradient
at supports 15 ºC 

cooler than at 

midspan 

Only applied on transient state tests, where a 

small temp difference (5 ºC) between midspan 

and supports was measured 

11. Eθ 20 ºC: 0 % diff. 
325 ºC: 15 % diff. 

Differences in Figure 5.5 between bending 

tests and Kaufman (1999) are applied in the 

FEM 

12. residual

      stress 
σres,max = 

0; 0.5 .f02; 1.0 .f02 

The measured maximum residual stress 

σres,max was 80 N/mm2, i.e. approximately 0.5 
.f0.2 

13. weld   

      material

fweld = 

0.7fpar; 1 fpar; 1.3fpar 

Analyses in paragraph 7.3 are carried out with 

f0.2,θ of the weld equal to that of the parent metal 

 

Step 3. As an example of the influence of the uncertain parameters on the buckling 

resistance, Figure 7.13 gives the results of a number of steady state simulations with 

mode imperfections, with various sizes of the imperfections (parameter 4). In case of 

the AS, the curves with different imperfection sizes fall together. 

The sensitivity study shows that the size and the shape of the imperfections have an 

important influence on the SHS, but a negligible influence on all AS of the test program, 

both for steady state and for transient state conditions. 
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Figure 7.13 Load-deformation diagrams of simulations of steady state compression tests 
with various values of imperfections (a. SHS, b / t = 44, 6060-T66; b. AS, b / t = 50, 5083-
H111) 

 

The influence of the possible mismatch in strain rate between the steady state and 

transient state tests (parameter 8) on the buckling resistance is determined in two 

steps: 

- The influence of the strain rate on the mechanical properties is determined with 

simulations with the constitutive model of chapter 514. The influence of 50 % 

mismatch in the strain rate on the 0.2 % proof stress is given in Figure 7.14 a; 

- The influence of this variation in mechanical properties on the ultimate resistance 

is determined with the FEM. Results are given in Figure 7.14 b. 
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Figure 7.14 Influence of an error of 50 % in the strain rate (a. On the value of the 0.2 % proof 
stress; b. On the ultimate resistance of the compressed sections) 

                                                             
14 Harmathy showed that equation 2.6 does not give accurate results when dσ / dt is large, 
such as in a tensile test. However, simulations with the constitutive model may provide an 
impression of the influence of a variation in strain rate on the variation in f0.2 
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The influence of the variation of the main parameters on the ultimate buckling 

resistance (steady state) or critical temperature (transient state) is summarised in Table 

7.4, roughly in sequence of decreasing importance. 

 
Table 7.4 Influence of variation of important parameters on local buckling 

Steady state Transient state Parameter Values  

parameter AS SHS AS SHS 

Remark 

4. geom.      

    imperf. 

mode or meas. 

values x 2 

0 % 

0 % 

6 - 13 % 

4 - 15 % 

2 ºC 

1 ºC 

10-28 ºC 

6-15 ºC 

 

8. strain rate + or – 50 %  0 - 20 % 0 - 20 %    

5. ‘gap’ 0 - 0.2 mm 

0 - 0.5 mm 

5 % 7 % 1 ºC 1 ºC 

6 ºC 

 

 

7. boundary hinged instead 

of clamped 

7 % 0 % 

 

6 ºC 0 ºC 

 

 

9. IIt ,ε& , εto av. + stdev.   5 ºC 4 ºC  

11. res. stress included or not  1-2 %  1 ºC 1) 

1) Due to relaxation of the residual stresses, the influence of residual stresses decreased for 

increasing temperature. At ambient temperature, the value was 9 %. 

 

All parameters not mentioned in Table 7.4 have, according to the results of the 

parameter study, a minor influence on the simulation results. Their influence is less 

than 3 % on the ultimate buckling resistance for steady state conditions or less than 3 

ºC on the critical temperature for transient state conditions. It should be noted that a 

small influence detected is not always due to the fact that the influence on local 

buckling of the parameter is small, but often it is due to the fact that the parameter 

could be accurately determined. This is the case for the specimen thickness (1 % 

variation in t leads to 1-2 % variation in Nu) and the modulus of elasticity (10 % 

variation in E leads to, on average, 3 % variation in Nu). 

 

The influence on the ultimate buckling resistance of more of the uncertain parameters 

acting simultaneously on a specimen is not determined. 

Obviously, the variation in ultimate resistance depends to a large extent on the 

variation assumed for the input parameters, such as the possible error in the 

measurement of the imperfections. These variations of the input parameters are 

sometimes difficult to estimate. Nevertheless, an impression is obtained of the variation 

in results of the simulations that can be attributed to uncertain parameters. 
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7.5 Discussion of the results 

7.5.1 Steady state conditions 

The shape and the size of the imperfections have a negligible influence on the ultimate 

resistance of the AS tested (Figure 7.13b, Table 7.4). This justifies the fact that the 

imperfections are not measured for the AS of alloy 5083-H111. 

 

The conditions of the models with measured imperfections and with a ‘gap’ of 0.2 mm 

between the supports and the specimens (FEM gap measured) give in general the best 

agreement with the real test conditions. The results of these simulations, in terms of the 

ultimate resistance and the initial stiffness, also give the best agreement with the tests 

(Figure 7.7). 

 

There is a good agreement in ultimate resistance between the models and the tests on 

SHS (Figure 7.8). For AS the prediction of the ultimate resistance according to the 

models is in general too high. This can be partially explained by the boundary 

conditions of the AS: For hinged edges, the ultimate resistance was on average 7 % 

lower (Table 7.4). In general, the relative difference in ultimate resistance between 

models and tests increases with increasing temperature. A reasonable explanation is 

that the influence of errors in the strain rate increases with increasing temperature 

(Figure 7.14). 

It should be noted that, although the difference in relative resistance between FEM and 

tests increases with increasing temperature, the absolute difference in ultimate 

resistance remains approximately equal. 

 

The differences found in ultimate resistance between the steady state tests and the 

simulations of these tests are of the same order of magnitude as the variation in results 

of the simulations due to the variation of uncertain input parameters. Hence, the 

differences between tests and simulations are explainable. 

The differences found in the stiffness of the initial part of the load-deformation diagrams 

are attributed to the actual size of the 'gap' between the supports and the specimen. 

This 'gap' was difficult to determine. Figure 7.7 shows that larger values for the gap 

reduce the initial stiffness. Additionally, the measurement of such small deformations 

may be inaccurate. 

 

The prediction of the deformation at ultimate resistance uNu may be of importance for 

members for which the thermal expansion is restrained. Figure 7.9 shows that there is 

a relatively large scatter in uNu between the tests and the simulations. This can be 

(partially) explained by the large sensitivity of uNu to parameters such as the size and 

the shape of the imperfections and the residual stresses, the size of the 'gap' and the 

actual strain hardening behaviour. 
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Figure 7.10 shows that the deformed shapes after testing agree reasonably well with 

those of the models. Deviations, such as the location of the concentration of 

deformations, are attributed to the inaccuracy of the measurements of the 

imperfections and to small temperature gradients in the tests, which are not 

implemented in the finite element models. 

It should be pointed out that the deformed shapes shown are obtained at large axial 

deformations far beyond the ultimate resistance. The deformations at ultimate 

resistance are so small that they are not clearly visible. 

 

The results of the sensitivity study are valid for the geometry of the tested specimens. 

Real columns often have larger dimensions. The influence of a weld in the middle of a 

wall of a column, for example, is expected to have an even smaller influence in 

columns with larger dimensions. The sensitivity study is carried out with the purpose of 

studying the possible causes for the differences found between the FEM and the tests. 

7.5.2 Transient state conditions 

The agreement in critical temperature between tests and models is good, but the 

agreement in axial deformations is not always good (Figure 7.11). This is attributed to 

the following: 

- The thermal strain of aluminium at a temperature of 300 ºC is approximately 0.007, 

i.e. considerably larger than the mechanical strains displayed in Figure 7.11. Due 

to thermal expansion of the measurement equipment and the specimen, small 

mechanical strains could not be determined accurately; 

- Finite element simulations showed that a small ‘gap’ between the supports and the 

specimen of e.g. 0.1 mm, results in an almost equal critical temperature but larger 

displacements compared to a simulation without a gap; 

- Finite element simulations showed that a non-uniform temperature along the 

length of the specimen, with the supports 15 ºC cooler than the middle of the 

specimens,  results in an equal critical temperature but smaller displacements 

compared with a simulation with a uniform temperature. 

 

A temperature gradient, equal to 30 ºC over 150 mm in length direction, appears to not 

influence the fire resistance for the studied specimens. This is attributed to the fact that 

local buckling remains a relatively local failure mechanism, where the maximum 

temperature is approximately uniform over the length of at least one buckle.  

 

Despite the large variances of the parameters of the constitutive model, their influence 

on the critical temperature is small (Table 7.4). Also the influence of the boundary 

conditions of AS is relatively small. Only the size and pattern of the geometrical 

imperfections appear having a significant influence on the critical temperature. 
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For practical applications, the fire resistance, i.e. the period between the start of 

heating and collapse, is important. For a constant heating rate from 20 ºC onwards, the 

fire resistance of the 28 tests carried out are predicted with the FEM with a mean error 

of 0.5 % and a standard deviation of 2.6 %. For a fire resistance of 30 minutes, this 

corresponds with 0.14 and 0.77 minutes, respectively. Based on these small 

differences between the FEM and the tests relative to the approximations applied to 

model the fire and to set the requirements, it is concluded that the finite element 

models developed for local buckling of aluminium sections are well suited to be used in 

a fire design. 

7.6 Chapter conclusions 

Finite element models are developed for studying local buckling of aluminium at 

elevated temperature. The compression tests on sections are simulated with these 

models.  

 

Steady state compression tests are simulated with mechanical properties originating 

from steady state tensile tests. The ultimate resistances of the steady state SHS are 

predicted with the FEM with a mean error of 0 % and a standard deviation of 7 %. The 

ultimate resistances of the AS are predicted with a mean error of 9 % and a standard 

deviation of 10 %. These differences can be explained by uncertainties of some test 

parameters. Especially the uncertainty in the strain rate, the boundary conditions of the 

loaded edges, the size of the 'gap' between the tests and the model and the 

geometrical imperfections are important for the ultimate resistance. 

The deformation at ultimate resistance uNu is not well predicted with the finite element 

models. 

 

The transient state compression tests are simulated with the constitutive model of 

chapter 5. The critical temperatures are predicted with a mean error of 1 ºC and a 

standard deviation of 6 ºC. This corresponds with 0.1 and 0.8 minutes, respectively, for 

a fire resistance of 30 minutes. Based on the excellent agreement between tests and 

simulations, it is concluded that the finite element models developed for local buckling 

of aluminium sections are well suited for using in a fire design. 

With the constitutive model implemented in the FEM, a powerful tool is obtained with 

which the structural behaviour of aluminium structures exposed to fire conditions can 

be determined accurately. 
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8 Design model for local buckling in fire 

8.1 Scope of the chapter 

A new design model for local buckling of aluminium structures exposed to fire 

conditions will be developed in this chapter. This design model is based on the local 

buckling resistance of a large number of sections with various dimensions and with 

mechanical properties that are representative for aluminium exposed to fire conditions 

(paragraph 8.2). The ultimate buckling resistances of these sections are determined 

using the validated finite element models of chapter 7 (paragraph 8.3). These 

resistances are compared with existing design models for local buckling of aluminium 

at ambient temperature, where the mechanical properties for elevated temperature are 

applied (paragraph 8.4). The existing design models serve as a basis for the new 

design model (paragraph 8.5). Special attention is paid to the classification of class 3 

and 4 sections in fire (paragraph 8.6). The new approach is summarised in paragraph 

8.7. Figure 8.1 gives a graphical summary of this chapter. 

 

 

 

 

 

 

 

 

 

Figure 8.1 Graphical summary of chapter 8 

8.2 Set-up of the parameter study 

For local buckling of sections at fire conditions, at least the parameters that are relevant 

at ambient temperature should be considered. Additionally, extra parameters may be 

relevant which are specific for members exposed to fire conditions. 

 

Chapter 3 showed that the parameters influencing the local buckling resistance at 

ambient temperature are: 

- The ratio between the plate width and the plate thickness (and, to a small extent, 

the ratio between the plate width and the length); 

- The boundary conditions of the plate; 
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- The loading type (compression, bending, shear); 

- The mechanical properties, characterised by the ratio E / f0.2 and parameter n of 

the Ramberg-Osgood relation (equation 2.4). 

At elevated temperature, restrained thermal expansion may also influence the 

resistance to external loads. 

 

In the parameter study, the following values for the governing parameters are 

incorporated: 

 

Mechanical properties 

The mechanical properties according to the constitutive model of chapter 5 are applied 

for a constant heating rate and a constant load in time, with the parameters as 

determined for alloys 5083-H111 and 6060-T66. Because the design model should 

also be applicable for other alloys, for which the stress-strain curves for fire are 

currently unknown, a number of additional, fictitious stress-strain curves is considered, 

covering a wide range of mechanical properties (with the modulus of elasticity of 

aluminium at 280 ºC and with high and low values for f0.2 and n): 

- E = 50000 N/mm2; f0.2 = 20 N/mm2; n = 3.3 (E / f0.2 = high; fp / f0.2 = low) 

- E = 50000 N/mm2; f0.2 = 150 N/mm2; n = 3.3 (E / f0.2 = low; fp / f0.2 = low) 

- E = 50000 N/mm2; f0.2 = 20 N/mm2; n = 15 (E / f0.2 = high; fp / f0.2 = high) 

- E = 50000 N/mm2; f0.2 = 150 N/mm2; n = 15 (E / f0.2 = low; fp / f0.2 = high) 

 

Loading type 

Plates loaded in compression are studied. 

 

Thermal expansion of components in real structures may be partially restrained, which 

results in internal stresses. However, EN 1999-1-2 (2007) specifies that thermal 

expansion in axial direction need not be taken into account when evaluating the fire 

design in combination with simple calculation models. It is implicitly assumed that 

applying the nominal temperature-time curves gives such a rough representation of a 

real fire, that it is unnecessary to determine the structural response with extreme 

accuracy. Therefore, aspects such as the influence of restrained thermal expansion on 

the structural response may be ignored. 

The influence of restrained thermal expansion in axial direction is considered in an 

exploratory study in Annex I. Restrained thermal expansion is not taken into account in 

the parameter study in this chapter. 

 

Boundary condition of the plate 

In this study plates without stiffeners are considered. 

Plates with hinged (i.e. simply supported) or free sides have a lower strength than 

plates with restraints against rotation along the sides. In chapter 3, it is noted that EN 

1999-1-1 (2007) conservatively treats all plates as being simply supported. For the 
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same reason, this parameter study considers simply supported internal plates and 

simply supported outstands. 

 

The simply supported sides may either remain straight, or may be free to deform in 

plane (Figure 8.2). The latter case gives a lower ultimate buckling resistance, and it 

agrees better with the support conditions of real plates in sections. Therefore, the 

plates considered are free to deform in plane. 

 

 

            

Figure 8.2 In-plane deformations of the sides of an internal plate 

 

The out-of-plane deformations at the ultimate buckling resistance are large in case of 

outstands. Due to this, second order deformations at the plate supports may influence 

the ultimate buckling resistance: 

- The axial deformation of the part of the plate near the unloaded side is larger than 

the axial deformation of the part of the plate near the supported edge. To illustrate 

this, the enlarged part of Figure 8.3 shows the deformations in case the edges are 

allowed to deform in plane. In case the edges are completely fixed, tensile 

stresses may occur in the part of the plate at the edges near the unsupported side; 

- Due to the in-plane deformation of a plate, noted above, the connecting nodes of a 

section consisting of plates may shift as the out-of-plane deformation increases, so 

that an eccentricity e occurs. As an example, Figure 8.3 b. shows the shifting 

connecting node of an angular section. 

 

The relative buckling resistance of the angular section is lower than that of the 

individual plate. The plate with loaded edges that are free to deform in plane has a 

lower buckling resistance than the plate with straight edges. However the difference in 

ultimate resistance between plates with these conditions is only approximately 10 % 

(Maljaars (2007f)). The parameter study comprises angular sections with loaded edges 

that are free to deform. Hence, the resulting design model will be conservative for 

outstands with loaded edges that remain straight and / or connecting nodes that remain 

in place during deformation. 
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Figure 8.3 Influence of large deformations on boundary conditions of an angular section 
(a. View of a plate; b. Deformed cross-section) 

 

Plate dimensions 

The plate width of all plates is b = 100 mm. The ratios between the plate width and the 

plate thickness b / t are chosen such that the relevant range of relative slendernesses 

θρλ ,  (equation (3.14), but using the mechanical properties in fire) is covered. The 

values applied for θρλ , are 0.67, 1.00, 1.75 and 2.30 for all stress-strain relationships 

and additionally 3 and 4.5 for a limited number of stress-strain relationships. The plate 

thicknesses t applied for each stress-strain curve are then determined by equations 

(3.14) and (3.7). 

 

From Figure 3.3, it follows that the buckling parameter kcr, and therefore the critical 

stress, depends on the ratio between the plate length and the plate width L / b. For 

simply supported internal plates, the minimum value of kcr is obtained if L / b is a 

natural number. For outstands, the value of kcr decreases with increasing value of L / b, 

but the variation in kcr is small for L / b > 5. 

The plates considered in this parameter study have a ratio L / b equal to 6. A limited 

number of additional angular sections are considered with L / b equal to 3. 

 

Geometrical imperfections 

The geometrical imperfections of extruded sections are, according to extensive 

measurements by Mazzolani (1995) and Mennink (2002), almost always smaller than 

1/1000 times b. Residual stresses in extruded sections are so small that they can be 

neglected (Mazzolani (1995)). 

The parameter study considers plates with an imperfection pattern according to the first 

Euler buckling mode, with a maximum value of 1/500 times b, while load eccentricities 
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and residual stresses are not taken into account. It is expected that this results in 

conservative values for extruded sections in practice. The influence of various values 

for the imperfections on the buckling resistance is investigated in Maljaars (2007f). 

 

Types of analyses 

For each plate, two types of analyses are carried out: 

- Analysis type 1: a transient state analysis is carried out, with a constant load in 

time and a constant heating rate. The modified Dorn-Harmathy model is used for 

the mechanical properties (chapter 5, Annex E). The analysis results in the critical 

temperature θcrit; 

- Analysis type 2: an analysis is carried out using the derived stress-strain curves for 

transient state conditions, according to Figure 5.22. As the influence of the 

temperature development in time is already incorporated in the stress-strain 

curves, it is not necessary to model the actual temperature development in time. 

This analysis is carried out by incrementally increasing the axial displacement of 

the edges. The analysis results in the ultimate plate resistance Nu,θ. 

In both types of analyses, a uniform temperature is applied. In practice, temperature 

gradients may occur, but the maximum temperature is expected to be approximately 

uniform over the length of at least one buckle. Chapter 7 showed that in such a case, 

the fire resistance is approximately equal to the case with a uniform temperature. 

Temperature gradients in width direction are not investigated in this research. 

 

Summary of cases 

Table 8.1 summarises the cases that have been considered in the parameter study.  

The parameter study comprises in total 94 cases (the two analyses of one plate are 

counted as one case). 
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Table 8.1 Cases considered in the parameter study 

Parameter Values 

Mechanical properties 5083-H111 and 6060-T66 at 200, 250, 300 and 350 ºC, 

additionally 4 fictitious σ-ε curves1), 2), 3) 

Loading type compression 

Boundary conditions simply supported internal plates and outstands   4) 

Plate dimensions b / t such, that θρλ , = 0.67; 1.0; 1.75; 2.3; 3.0 and 4.5 1), 3) 

For internal plates: L / b = 6, for outstands; L / b = 6 and 

L / b = 3 5) 

Geometrical imperfections Euler buckling mode with imax = b / 500 

Types of analyses with the modified Dorn Harmathy model and 

with the derived stress-strain curves 

1) Fictitious σ-ε curves are evaluated with plates with θρλ , 0.7; 0.8; 2.1 and 2.5 
2) Only analyses with derived stress-strain curves are applied for fictitious σ-ε curves 

3) Values θρλ , = 3.0 and 4.5 are applied only in combination with mechanical properties of 

alloys 5083-H111 and 6060-T66 at 300 ºC 

4) Angular sections are considered for outstands 

5) L / b = 3 is only applied for outstands of alloy 5083-H111 at 200 and at 300 ºC 

8.3 Results and discussion of the parameter study 

This paragraph gives a selection of the results of the parameter study. All results are 

given in Maljaars (2007f). 

8.3.1 Comparison Dorn-Harmathy model and derived stress-strain curves 

For each plate or section, the fire resistance is evaluated from analysis type 1, using 

the modified Dorn-Harmathy model, and from analysis type 2, using the derived stress-

strain curves. The resulting fire resistance is slightly different for these analyses. As an 

example, Figure 8.4 gives the axial deformation of one of the plates as a function of the 

temperature. The axial deformation is approximately equal up to just before the critical 

temperature. Then, the plate with the derived stress strain curve fails suddenly, while 

the plate with the modified Dorn-Harmathy model is able to withstand a 10 ºC higher 

temperature. 
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Figure 8.4 Axial deformation as a function of the temperature of one of the analysed plates 

 

In order to find the cause of the difference in critical temperature between the two types 

of analyses, the behaviour of the plate during heating is studied in more detail. The 

following subsequent steps are distinguished: 

- The temperature of the plate increases. At a certain moment, the mechanical 

properties are reduced to such an extent that the critical stress is reached; 

- From this moment onwards, the stress is no longer uniformly distributed over the 

cross-section. The stress in the parts of the plates near the supported edges 

increases, while the stress in the centre of the plate decreases (Figure 8.5); 

- The stress in the plate is thus not constant in time, although the total load on the 

plate is constant. Figure 8.5 gives the stress as a function of the temperature at the 

supported edge of the plate, analysed with the Dorn-Harmathy model; 

- The derived stress-strain relationships are, however, derived for a constant stress 

in time. This would mean that the high stress in the plate edges at the end of the 

analysis is assumed to be present during the entire analysis (grey dashed curve in 

Figure 8.5). This is accompanied by a much larger strain than according to the 

Dorn-Harmathy model. Similarly, the strain in the middle of the plate is 

underestimated. 

 

If the external load or heating rate changes during the analysis, it is possible to derive a 

stress-strain relationship for these conditions with the same procedure as described in 

chapter 5. However, it is not possible to take the changing stress distribution in the 

plate into account in the derivation of the stress-strain relationship, as it is a priory not 

known how the stress distribution changes in the plate. 

 

For all plates investigated, the fire resistance of analysis type 1 (modified Dorn-

Harmathy model) is slightly larger than that of analysis type 2 (derived model). For the 

64 plates of the parameter study, the difference in fire resistance between the two 

analyses is on average 4 %. The standard deviation is 2 %. 

 

Internal plate 

Alloy 5083-H111 

b / t = 49 

N / A = 30 N/mm2 
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Figure 8.5 Von Mises stress at the supported plate edge as a function of the temperature 

 

The discussion in the rest of this chapter, and the comparison with the design models 

in the following paragraphs, will be based on the analysis with the derived stress-strain 

relationships (type 2). This has the advantage that the new design model can then also 

be used for steady state conditions, such as for local buckling at ambient temperature. 

This approach will result in conservative values for the fire resistance. 

8.3.2 Load-axial displacement relationships 

From chapter 3, it follows that the ratio E / f0.2 and parameter n of the Ramberg-Osgood 

relation influence the ultimate buckling resistance. In order to determine what part of 

the stress-strain curve is important for the buckling behaviour, a number of extra 

analyses are carried out. Three stress-strain curves are applied, all with equal values 

for f0.2 and E  (f0.2 = 38.5 N/mm2 and E = 50000 N/mm2): 

- A bi-linear elastic-plastic relationship (Figure 8.6 a); 

- A nonlinear relationship, where n = 4 ((Figure 8.6 a); 

- A fictitious relationship, which is nonlinear up to f0.2 with n = 4, and subsequently a 

yield plateau is present (Figure 8.6 b). 

 

Finite element analyses are carried out of plates with various values of the slenderness 

and with the stress-strain curves according to Figure 8.6. Figure 8.7 gives the 

normalised load as a function of the normalised axial displacement of two of the 

analysed plates. Figure 8.7 a. gives the results of an internal plate with b / t = 74 ( ρλ = 

0.67). The results of an outstand with b / t = 15 ( ρλ = 1.00) are given in Figure 8.7 b. 

 

 

F ≤ Fcr 

F > Fcr 
σcr 
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Figure 8.6 Three stress-strain curves considered (a. Bi-linear elastic-plastic and nonlinear 
curves; b. Fictitious curve) 
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Figure 8.7 Influence of the stress-strain relationships on the buckling behaviour (a. Example 
of an internal plate; b. Example of an outstand) 

 

The following is observed from the results of these analyses: 

- For internal plates, the ultimate buckling resistance for elastic plastic bi-linear 

material is larger than that for the other stress-strain relationships. The ultimate 

buckling resistance for the fictitious stress-strain relationship is approximately 

equal to that for the nonlinear relationship. It appears that the stress-strain 

relationship for small strains (approximately up to 0.2 % plastic strain) is important 

for the ultimate buckling resistance of internal plates, while the strain hardening 

behaviour for strains larger than 0.2 % plastic strain is not important; 

- For outstands, the elastic plastic bi-linear material also gives the highest value for 

the ultimate buckling resistance, but the difference with the other stress-strain 

curves is generally smaller than in case of internal plates. Contrarily to internal 

plates, the nonlinear stress-strain curve gives in general a larger ultimate buckling 
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resistance than the fictitious curve. The part of the stress-strain relationship that is 

relevant for the ultimate buckling resistance appears to be larger than the part up 

to 0.2 % plastic strain; 

- Both for internal plates and outstands, the non-linear stress-strain curve, which 

shows strain hardening beyond f0.2, results in a strength that remains close to the 

ultimate resistance for large deformations. 

 

The stress-strain curves derived for alloys 5083-H111 and 6060-T66 exposed to fire 

conditions (Figure 5.22) have low values for n, especially at higher temperatures, and 

especially for alloy 5083-H111. As an example of the results of the analyses with such 

stress-strain curves, Figure 8.8 gives the normalised load-axial displacement diagrams 

of internal plates and outstands with various values for θρλ ,  (i.e. different ratios b / t). 

The stress-strain curve of the plates shown is that of alloy 6060-T66 at 300 ºC. The 

results of all analyses are given in Maljaars (2007f). 

 

0 1 2 3 4
u / uel,θ [-]

0

0.2

0.4

0.6

0.8

1

N
 / 

N
pl

,θ
 [-

]

a.           Internal plates

0 1 2 3 4
u / uel,θ [-]

0

0.2

0.4

0.6

0.8

1

N
 /

 N
p

l,θ
 [

-]

b.             Outstands

λρ,θ = 0.67

λρ,θ = 2.25

λρ,θ = 1.75

λρ,θ = 1.00

λρ,θ = 0.67

λρ,θ = 2.25

λρ,θ = 1.75

λρ,θ = 1.00

 

Figure 8.8 Normalised load-axial displacement diagrams of plates of alloy 6060-T66 at 
300 ºC (a. Internal plates; b. Outstands) 

8.3.3 Ultimate resistance of outstands 

A complication occurs for outstands. In some cases, two peaks are detected in the 

load-displacement relationships (Figure 8.9, θρλ , =1.00, indicated with two circles). This 

is also found in one of the tests in Hopperstad (1997). 
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Figure 8.9 Normalised load versus normalised axial deformation of outstands with various 
relative slendernesses of alloy 6060-T66 at 350 ºC 

 

The occurrence of the second peak is linked with a combination of material nonlinearity 

and second order deformations. It is therefore not possible to easily quantify the 

phenomenon or predict in which cases it will occur. However, some patterns are 

observed: 

- The second peak occurs only for material with extremely large strain hardening 

(i.e. small value for n). After having reached the first peak and the drop in strength 

following this peak, the strength is able to increase again at larger strains; 

- The second peak occurs only for a limited range of plate slenderness, namely for 

plates with a critical stress just larger than the proportional limit fp. For more stocky 

plates (e.g. ρλ =0.67 in Figure 8.9), the first peak already occurs in the range of 

high stresses. Extra deformation does not result in a significant increase of the 

stress in this case and the extra strength in the postbuckling range is limited or 

absent. Contrarily, when very slender plates (e.g. ρλ =1.75 in Figure 8.9) have 

reached their critical stress, a small increase in axial strain is attended by a large 

increase in stress, i.e. in the first part of the post-buckling range of this plate, the 

material behaves as if linear elastic. This results initially in a significant increase of 

the postbuckling strength, as observed for linear elastic material (Figure 3.5). As a 

result, the first peak is not present for such plates. For intermediate plate 

slendernesses, an intermediate failure mechanism occurs; 

- The second peak occurs only for outstands, not for internal plates. This is 

attributed to the fact that the stress distribution is significantly non-uniform in the 

post-buckling range of an internal, whereby the middle of the plate is relieved from 

stress. Contrarily, the stress distribution in an outstand is more uniform in the post 

buckling range. Therefore, at increasing deformation, the stress in the entire 

outstand increases, which may result in an increase of the normal force. 
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In this research, the ultimate resistance of an outstand is considered being the 

maximum value of the two peaks. 

8.3.4 Influence of restrained thermal expansion in axial direction 

From the exploratory study into the influence of restrained thermal expansion on the 

buckling resistance (Annex I), it follows that the restraining influence provided by the 

rest of the structure on the thermal expansion of the fire exposed part of the structure is 

generally very small. Consequently, the influence on the fire resistance is small, i.e. a 

few percent. Taking into account all approximations applied in the actions and 

response in a fire design, in particular when based on nominal temperature-time 

curves, it is considered unnecessary to account for this small influence on the fire 

resistance. The design models in the following paragraphs are compared with cases in 

which thermal expansion is not restrained. 

 

Attention should be paid to cases where the restraining influence on the buckling 

resistance is large (Annex I). In such cases, the design models of the following 

paragraphs cannot be used. 

It should be pointed out that bending moments, caused by thermal expansion, are not 

considered in this study. 

8.4 Agreement with existing design models 

A number of design models for the determination of the ultimate buckling resistance (at 

ambient temperature) are introduced in chapter 3. Two of these design models are 

selected for comparison with the results of the parameter study for fire conditions. The 

selection is based on the following criteria: 

- The model should be able to give the relative buckling resistance of plates with 

nonlinear stress-strain curves, with various values of n, f0.2 and E; 

- The model should be applicable to simply supported internal plates and simply 

supported outstands with various dimensions; 

- The model should be well evaluated and validated, preferably by comparison with 

appropriate tests. 

 

The two design models selected are: 

- The method in EN 1999-1-1 (paragraph 3.4); 

- The method proposed by Hopperstad and Langseth and by Mazzolani and co-

workers15. 

                                                             
15  The method Mazzolani and co-workers is based on the same principle as that of 
Hopperstad and Langseth in paragraph 3.4. The difference between the models is the 
different values used for parameters α and β. 
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This paragraph gives a comparison of these design models with the results of the 

parameter study. Aim is investigating whether these design models can also be used 

for local buckling of sections exposed to fire conditions. 

8.4.1 Design model of EN 1999-1-1 (2007) 

Equation (3.25) gives the relative buckling resistance ρc according to EN 1999-1-1. The 

same equation is applied here, but using the material properties for fire exposure. The 

relative buckling resistance at ρc,θ at temperature θ can be written as a function of the 

relative slenderness θρλ ,  according to equation (8.1). This parameter is then used to 

determine the ultimate buckling resistance Nu according to equation (8.2): 
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Different values for parameters α and β in equation 8.1 are given for the two classes of 

alloys, and for internal plates and outstands (Table 3.3). Figure 8.10a gives ρc,θ as a 

function of  λρ,θ. The curves in Figure 8.10a represent equation (8.1) for the two classes 

of alloys for internal plates. At ambient temperature, alloy 6060-T66 is classified as 

class 'A' and alloy 5083-H111 is classified as class 'B'. 
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Figure 8.10 Relative buckling resistance as a function of relative slenderness of internal 
plates (a. ρc according to EC9; b. Ratio between ρc,θ,EC9 and ρc,θ,FEM) 

 

The relative buckling resistance according to the FEM, ρc,θ,FEM, is evaluated for each 

plate of the parameter study, using equation (8.3), where Nu,θ,FEM is the ultimate 

resistance following from the FEM analysis of the plate. The value for θρλ ,  is 

determined with equations (3.7) and (3.14), using the temperature dependent 
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mechanical properties. Each dot in Figure 8.10 represents the results of the calculation 

of a plate. 

tbf

N FEMu
FEMc ⋅⋅

=
θ

θ
θρ

,2.0

,,
,,  (8.3) 

Figure 8.10 b gives a comparison between ρc,θ according to the standard, applying the 

curve for class B for both alloys, and ρc,θ according to the FEM. 

 

Comparing the results of the FEM with the existing buckling curves in EN 1999-1-1 

(2007), it appears that the buckling curves generally give unsafe values for ρc,θ when 

applied for fire design. This is especially the case for plates of alloy 5083-H111 and for 

high temperatures. This is attributed to the very low value of nθ for the corresponding 

stress-strain curves (nθ = 3.2 for alloy 5083-H111 at 350 ºC). Apparently, the buckling 

curves in EN 1999-1-1 (2007) do not account for stress-strain curves with such low 

values of nθ. 

 

Figure 8.11 gives the buckling curves in EN 1999-1-1 (2007) for outstands. The figure 

also gives the results of the finite element analyses of outstands. The agreement 

between the buckling curves and the finite element analysis of outstands is better than 

in case of internal plates. In most cases, the buckling curves provide conservative 

values for ρc,θ. However, when analysing the plates with fictitious material, it appears 

that the relation between θρλ , and ρc,θ may differ significantly for different stress-strain 

curves (Figure 8.12). 
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Figure 8.11 Relative buckling resistance as a function of relative slenderness of outstands 
(a. Alloy 5083-H111; b. Alloy 6060-T66) 
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Figure 8.12 Relative buckling resistance as a function of relative slenderness of outstands 
with fictitious stress-strain curves 

 

It is concluded that the method used in EN 1999-1-1 (2007) is not a proper basis for the 

evaluation of the ultimate buckling resistance of slender plates, with stress-strain 

curves that are representative for aluminium exposed to fire conditions. 

8.4.2 Design model Hopperstad / Mazzolani 

The design model in EN 1999-1-1 is based on the elastic critical stress σel. Contrarily, 

the design model Hopperstad / Mazzolani is based on the inelastic critical stress σcr,inel. 

(equation 3.15). This model is applied here, using the material properties for fire. The 

buckling resistance is obtained by increasing step-by-step the axial strain ε and, for 

each value of ε, calculating σcr,inel,θ(ε), the effective width beff(ε) according to equation 

(8.4) and the resistance Nθ(ε) according to equation (8.5). The ultimate buckling 

resistance Nu,θ is obtained by selecting the maximum value of Nθ (ε) (equation (8.6)). 
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As shown in paragraph 3.4, Mazzolani applied α = 1 and β = 0.11 for internal plates 

and α = 1.19 and β = 0.15 for outstands in equation (8.4). Hopperstad applied α = 1 and 

β = 0, and an explicit equation was provided for this case. 

For the purpose of this study, a relative buckling resistance ρc,hop./maz. is defined 

according to:  
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The relative buckling resistance according to equation (8.7) is determined for each 

plate of the parameter study. Figure 8.13 gives the ratio between the relative buckling 

resistance according to the design model, ρc,θ,hop./maz., and the value according to the 

finite element method, ρc,θ,FEM., for internal plates. Figure 8.14 gives this ratio for 

outstands. 

 

The figures show that the design model agrees with the results of the parameter study 

provided that the value for n of the Ramberg Osgood relationship is not too low, and 

that the plate is not too slender: 

- For internal plates, the difference in ρc,θ between the design model and the FEM is 

within 10 % as long as θρλ , ≤ 2.0 and n > 5; 

- For outstands, the difference in ρc,θ between the design model and the FEM is 

within 10 % as long as θρλ , ≤ 1.5 and n > 5. 

The design model gives conservative values for ρc,θ (difference with the FEM up to 

40 %) in case of plates with a higher relative slenderness than mentioned above. 

 

At ambient temperature, parameter n is generally larger than 5. It should be pointed out 

that, assuming n > 5, the relative buckling resistance for plates with a higher relative 

slenderness than mentioned above is only ρc,θ ≤ 0.3 for internal plates, or ρc,θ ≤ 0.55 for 

outstands. A proper design will generally result in plates that are not so slender. The 

design model Hopperstad / Mazzolani gives sufficiently accurate results for this case. 

However, for fire design, where values of nθ can be lower than 5, a more generally 

applicable prediction model is desirable. 
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Figure 8.13 Comparison of ρc,θ according to the Hopperstad / Mazzolani design model and 
ρc,θ according to the FEM for internal plates (a. α = 1, β = 0; b. α = 1, β = 0.11) 
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Figure 8.14 Comparison of ρc,θ according to the Hopperstad / Mazzolani design model and 

ρc,θ according to the FEM for outstands (a. α = 1, β = 0; b. α = 1.19, β = 0.15) 

8.5 Development of a new design model 

A new design model is presented in this paragraph, which is based on the previously 

discussed models of EN 1999-1-1 and of Hopperstad / Mazzolani. The method consists 

of two steps: 

1. Determine the inelastic critical stress σcr,inel,θ; 

2. Determine the relative buckling resistance ρc,θ with an appropriate buckling curve. 

8.5.1 Inelastic critical stress 

The equations for the inelastic critical stress σcr,inel,θ in chapter 3 are used with the 

material properties for fire exposure. The equations are derived by Stowell (1948): 
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The secant and tangential modulus of elasticity at elevated temperature, Es,θ and Et,θ, 

can be expressed by the parameters of the Ramberg Osgood relationship of equation 

(2.4) f0.2,θ, Eθ and nθ: 

for simply supported internal plates 

for simply supported outstands 
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Equations (8.7) up to (8.11) are substituted in equation (8.6) to reduce to equation 

(8.12) for outstands, and equations (8.13) and (8.14) for internal plates. In these 

equations, the inelastic critical stress for outstands and that for internal plates are 

indicated with symbols  σcr,inel,out,θ and σcr,inel,in,θ, respectively. 
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Figure 8.15 gives plots of Et,/E, ηout and ηin as a function of the normalised stress for 

stress-strain relationships with n = 5, E = 50000 N/mm2 and f0.2 = 150 N/mm2 (plot a) or 

f0.2 = 20 N/mm2 (plot b). 
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Figure 8.15 Inelasticity parameters η as a function of σ / f0.2 (a. n = 5, E = 50000 N/mm2 and 

f0.2 = 150 N/mm2; b. n = 5, E = 50000 N/mm2 and f0.2 = 20 N/mm2) 
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Comparing the relations in Figure 8.15, it appears that parameter ηin is close to ηout. 

The values for η are evaluated for a wide range of mechanical properties (20.000 ≤ E ≤ 

70.000 N/mm2, 3.5 ≤ n ≤ 35 and 20 ≤ f0.2 ≤ 300 N/mm2). In all cases considered, the 

value of ηin is close to ηout. This allows for a simplified, approximated relation for σcr,inel 

of internal plates, which is almost equal to that of outstands. Based on curve fitting, the 

following equation is obtained (Maljaars (2007f)): 
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In this equation, α = 1.4 for internal plates. The equation is the exact solution for 

outstands, where α = 1.0.  For a wide range of mechanical properties (20.000 ≤ E ≤ 

70.000 N/mm2, 3.5 ≤ n ≤ 35 and 20 ≤ f0.2 ≤ 300 N/mm2), the results of equation (8.17) 

are compared with the results of equations (8.15) and (8.16). The maximum error in 

σcr,inel when using equation (8.17) is 3.5 % (Maljaars (2007f)). 

The value for σcr,inel has to be determined iteratively with equation (8.17). 

8.5.2 Buckling curve for internal plates 

It may be possible to give a relation between the inelastic critical stress σcr,inel,θ and the 

relative buckling resistance ρc,θ, in a similar way as applied in EN 1999-1-1 (but then 

using the inelastic critical stress). First, the inelastic relative slenderness is defined 

according to equation (8.18). 
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θρ σ
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inelcr
inel

f
=  (8.18) 

Subsequently, an appropriate buckling curve has to be determined. The values for ρc,θ, 

determined with the FEM for all internal plates of the parameter study, are given in 

Figure 8.16 a. as a function of the inelastic relative slenderness (dots). A different 

presentation, with the ratio between σcr,inel,θ and f0.2,θ on the horizontal axis, is given in 

Figure 8.16 b. Although the presentation according to Figure 8.16 a. is the common 

way of presenting such results, the graph could give a distorted view due to the 

steepness of the curve near θρλ ,,inel = 1. The values for ρc,θ are presented both as a 

function of θρλ ,,inel and as a function of σcr,inel,θ / f0.2,θ in the rest of this chapter. 

 

The results for all plate slendernesses and all stress-strain relationships describe 

approximately one curve. This indicates that a method that links ρc,θ to σcr,inel,θ can be 

used for plates with nonlinear stress-strain relationships, such as aluminium alloys 

exposed to fire. 
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Figure 8.16 Relation between ρc,θ and σcr,inel,θ for internal plates (a. ρc,θ as a function of 

θρλ ,,inel ; b. ρc,θ as a function of σcr,inel,θ / f0.2,θ) 

 

A buckling curve is derived by curve fitting, which gives a good agreement with the 

results of the finite element calculations. The buckling curve is represented by equation 

(8.19) and shown with the solid curve in Figure 8.16. 
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The resulting value of ρc,int,θ is close to σcr,inel,θ / f0.2,θ for values 1 ≤ θρλ ,,inel ≤ 1.5. In other 

words: the ultimate buckling resistance Nu of the plate is close to the inelastic critical 

load σcr,inel,θ 
.b .t for less slender plates. For more slender plates, this gives an 

underestimation of the resistance. This agrees with the experimental observations of 

Jombock and Clark (1962) and Mennink (2002) that aluminium plates that buckle in the 

elastic range, show a significant post-buckling strength, while plates buckling in the 

inelastic range show little post-buckling strength (cases for ambient temperature). 

 

Figure 8.17 gives the proposed buckling curve together with the results of the steady 

state and transient state tests on slender sections as described in chapter 6. 

 

The relative buckling resistance ρc,θ of most of the steady state tests on welded 

specimens is lower than predicted by the proposed buckling curve (open triangles in 

Figure 8.17). This is attributed to the large geometrical imperfections in these welded 

sections (the average value of the maximum imperfection was 1/150.b, see Annex F). 

In the parameter study, extruded sections are considered, with assumed imperfections 

of 1/500.b. The value ρc,θ of the other steady state specimens agrees, in general, well 

with the proposed buckling curve (closed triangles in Figure 8.17). 
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Figure 8.17 Proposed buckling curve with results of tests for internal plates (a. ρc,θ as a 
function of θρλ ,,inel ; b. ρc,θ as a function of σcr,inel,θ / f0.2,θ) 

 

The relative buckling resistance of the specimens in the transient state tests (squares) 

is higher than predicted with the proposed buckling curve. In paragraph 8.3.1, it is 

already noted that the critical temperature of simulations with the Dorn-Harmathy 

material model is higher than that of simulations with derived stress-strain relations. 

This effect is responsible for the differences found between transient state tests and the 

buckling curve, which is based on the derived stress-strain relations. The figure shows 

that even buckling of welded SHS in transient state tests is safely predicted (open 

squares). 

8.5.3 Buckling curve for outstands 

Figure 8.18 gives the relation between the relative buckling resistance ρc,θ as a function 

of θρλ ,,inel  and of the ratio between σcr,inel,θ and f0.2,θ, as determined with the FEM for 

angular sections.  

As in case of internal plates, there is a clear correlation between σcr,inel,θ / f0.2,θ and the 

relative buckling resistance ρc,θ, as determined with the FEM for outstands. However, 

the scatter is larger for outstands than it was for internal plates. Based on curve fitting, 

a buckling curve is derived which gives a lower limit for the relation between σcr,inel,θ / 

f0.2,θ and ρc,θ (equation (8.20)). This equation is also shown in Figure 8.18 as a solid 

curve. 
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Figure 8.18 Relation between ρc,θ and σcr,inel,θ for outstands (a. ρc as a function of θρλ ,,inel ; 

b. ρc,θ as a function of σcr,inel,θ / f0.2,θ) 

 

Figure 8.19 gives the proposed buckling curve together with the results of the steady 

state and transient state tests on slender sections as described in chapter 6, and the 

results of tests at ambient temperature on crucifix sections carried out by Hopperstad et 

al. (1996). The equation gives a safe prediction of ρc,θ for the transient state tests and 

for most of the steady state tests carried out. 
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Figure 8.19 Proposed buckling curve with results of tests for outstands (a. ρc,θ as a function 

of θρλ ,,inel ; b. ρc,θ as a function of σcr,inel,θ / f0.2,θ) 

 

The fact that the ultimate resistance of the transient state tests is higher than the 

prediction by the buckling curve is again attributed to the difference between the 'real' 

mechanical properties (simulated with the modified Dorn-Harmathy model) and the 

derived stress-strain relationships. 
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Figure 8.20 gives a comparison between the value for ρc,θ according to the design 

model and according to the FEM. Table 8.2 gives the average value and standard 

deviation of the ratio between the relative buckling resistance according to the design 

model and the relative buckling resistance according to the finite element simulations. 

The agreement is in general good, and most results are on the safe side. 

 

Table 8.2 Average value and standard deviation of the ratio ρc,θ,design model / ρc,θ,FEM 

 internal plates outstands 

average value 0.98 0.93 

standard deviation 0.05 0.06 
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Figure 8.20 Comparison of ρc,θ according to the new design model and ρc,θ according to the 
FEM (a. Internal plates; b. Outstands) 

8.6 Classification of plates in compression 

Sections in bending are to be divided into 4 cross-sectional classes. For compression 

members, however, only 2 cross-sectional classes are of great importance, being class 

4 and classes 1-3 (see paragraph 3.5). The classification system distinguishes sections 

that fail by local buckling at an average stress lower than the 0.2 % proof stress (ρc < 1, 

class 4) or sections in which case the 0.2 % proof stress is reached in the entire section 

(ρc ≥ 1, classes 1-3). This paragraph gives a classification system for compressed 

aluminium plates exposed to fire conditions. 

8.6.1 Equations for the classification border 

The plastic capacity of a plate Npl,θ is defined as the 0.2 % proof stress f0.2,θ multiplied 

by the gross area A = b . t. Thus, the relative buckling resistance ρc,θ is the ratio 

between the ultimate buckling resistance and the plastic capacity (equation 8.2). If ρc,θ 

< 1, the plate fails by local buckling before the plastic capacity is reached, i.e. the plate 
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is classified as class 4. If ρc,θ = 1, the section fails by local buckling just at the moment 

that Npl,θ, is reached. The section is then exactly at the border between class 4 and 

class 1-3. Due to the nonlinear material characteristics, it is possible that local buckling 

occurs at a higher load than Npl,θ, i.e. for less slender sections, ρc,θ > 1. This 'extra 

strength' is usually not taken into account in the design. 

 

The calculations with the finite element models and the buckling curves in paragraph 

8.5 show that ρc,θ = 1 is obtained when σcr,inel,θ / f0.2,θ = 1. This is the case both for 

internal plates and for outstands. Thus, replacement of σcr,inel,θ by f0.2,θ in equation 

(8.17) gives the border between the cross-sectional classes of compression members 

exposed to fire conditions: 
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Written alternatively, equation (8.21) gives the ratio b / t at the border between the 

cross-sectional classes: 
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It should be pointed out that it is coincidental that ρc,θ = 1 exactly when σcr,inel,θ = f0.2,θ. 

For example, had larger imperfections been applied in the FEM, ρc,θ = 1 would have 

been reached for σcr,inel,θ > f0.2,θ. 

 

Equation (8.22) is an explicit function, i.e. an iteration procedure is not necessary. The 

resulting equation is, surprisingly, not related to parameter nθ. This is attributed to the 

following: Consider two stress-strain relationships. Both stress-strain relationships have 

equal values for f0.2,θ and Eθ, but different values for nθ, as illustrated in Figure 8.21. 

 

ε

σ

f0.2 n = 25

n = 5

Class 4 Class 1-3

 

Figure 8.21 Example of two stress-strain relations with equal values of E and f0.2 but different 
values of n 
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This research has shown that, in case of class 4 sections, the material with a low value 

of nθ gives a lower ultimate buckling resistance than the other material. 

In case of stocky cross-sections (e.g. a class 2 section), local buckling occurs only after 

a large axial strain (area indicated with the arrow 'class 1-3' in Figure 8.21), i.e. higher 

than the strain accompanying f0.2,θ. In this case, the material with low value of nθ gives 

a higher ultimate buckling resistance than the other material. Sections with such a b / t 
ratio that are on the border between classes 3 and 4 just reach, on average over the 

cross section, the 0.2 % proof stress at collapse (dotted line in Figure 8.21). Near the 

0.2 % proof stress, there is no difference in strength between material with high or with 

low values for nθ. 

 

Analogous to Von Karman, it is investigated whether the buckling resistance of class 4 

members can be approximated by taking into account a plate width blim which is on the 

border of classes 3 and 4 (i.e. using equation (8.22) and ignoring the rest of the plate). 

This method appears to give safe but for most cases significantly conservative results 

(up to 40 % conservative, see Maljaars (2007f)). 

8.6.2 Parameter study to check the equations 

The validity of equation (8.22) is checked with the FEM for plates with various stress-

strain curves, and a b / t ratio according to equation (8.22). The stress-strain curves 

applied and the results of the calculations are given in Maljaars (2007 f). Figure 8.22 

gives the results of analyses with the stress-strain curves according to Figure 5.22.  
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Figure 8.22 Normalised load-displacement trajectories of internal plates of aluminium 
exposed to fire conditions with b / t ratios according to equation (8.22) (a. Alloy 5083-H111; 
b. Alloy 6060-T66) 

 

The values obtained for the relative buckling resistance of internal plates, using 

equation (8.3), are 0.97 ≤ ρc,θ ≤ 1.12. For outstands, the values obtained are 
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0.97 ≤ ρc,θ  ≤ 1.18. Hence equation (8.22) provides generally safe values for the plate 

dimensions at the border of class 4 and classes 1-3. 

8.6.3 Changing classification at increasing temperature 

As the 0.2 % proof stress reduces faster than the modulus of elasticity of the 

investigated alloys 5083-H111 and 6060-T66, the ratio b / t at the border of the cross-

sectional classes is higher than at ambient temperature. This means that aluminium 

compression sections exposed to fire are in the same class or in a lower class than at 

ambient temperature. Contrarily, steel compression sections exposed to fire are, 

according to the design models in EN 1993-1-2, in the same class or in a higher class 

than at ambient temperature. 

 

To illustrate this, Figure 8.23 gives the b / t ratios at the classification border of internal 

plates and outstands of alloys 5083-H111 and 6060-T66. The values at 20 ºC are 

determined with the current design model in EN 1999-1-1, and with the values for E 

and f0.2,θ as determined in the tensile tests at ambient temperature (Annex B). The 

values at elevated temperature are determined with the new design model. 
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Figure 8.23 b / t ratios at classification border for compression members according to EN 
1999-1-1 (ambient temperature) and the new design model (fire) 

 

The width over thickness ratio of a fire exposed plate (between 175 and 375 ºC) at the 

classification border, determined with equation (8.22), is 1.1 to 1.9 times higher than at 

ambient temperature. 

 

According to a simple calculation model in EN 1999-1-2 (2007), the classification of 

cross-sections may be taken equal to that at ambient temperature, as determined with 

EN 1999-1-1 (2007). Figure 8.23 shows that this rule is significantly conservative. A 

note in EN 1999-1-2 states that the National Annex of the standard may give provisions 

for taking the actual mechanical properties into account in the classification. For this 
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case, equation (8.22) gives a proper description of the classification of compressed 

aluminium sections exposed to fire conditions and can be used in National Annexes. 

8.7 Summary of the design model 

The new design model for local buckling of plates in compression, with material 

characteristics as representative for fire exposed aluminium, consists of the following 

steps: 

 

1. Determine the decisive mechanical properties in fire 
A thermal analysis results in the heating rate and the maximum temperature of the 

fire exposed member for the required fire resistance period. The design values for 

f0.2,θ, Eθ and nθ should be obtained for these conditions. For alloys 5083-H111 and 

6060-T66, Figure 5.22 (or, alternatively, equations (5.2), (5.3), (5.28), (5.29) and 

tables (5.8) and (5.9)) provides mechanical properties. 

 

2. Check the classification of the plate 
The ratio b / t at the border between class 4 and classes 1-3 is given with equation 

(8.23), where α = 1.0 for outstands and α = 1.4 for internal plates. 
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The plate is in class 1-3 when the ratios b / t of all plates of the section are smaller 

than b / t at the border. In this case, local buckling need not be considered in the 

design (ρc is set to 1.0). 

The plate is in class 4 when the ratio b / t of one or more of the plates of the 

section is larger than b / t at the border. In this case, steps 3, 4 and 5 have to be 

carried out. 

 

3. Determine the inelastic critical stress 
Determine σcr,inel,θ for each plate with equation (8.24). This is an implicit equation, 

where σcr,inel,θ has to be determined iteratively. 
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4. Determine the relative buckling resistance 
Determine ρc,θ for each plate with the following equations: 
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5. Check whether the load is smaller than the resistance 
The value ρc,θ is used to determine the ultimate buckling resistance Nu of the 

section according to equation (8.28), where k = the number of plates of which the 

section is composed. The compression force Nθ acting on the section should be 

smaller than the ultimate buckling resistance Nu,θ (equation (8.29)). The design has 

to be modified when Nθ > Nu,θ. 
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8.8 Chapter conclusions 

A design model is developed for local buckling of slender plates in compression with 

stress-strain relationships that are representative for aluminium exposed to fire. The 

method relates the relative buckling resistance ρc,θ to the inelastic critical stress σcr,inel,θ 

with the use of buckling curves. An implicit equation is provided for σcr,inel,θ. The design 

model can be used provided the stiffness of the structure for thermal expansion of the 

fire exposed member is not extremely high. 

 

In case of slender plates, applying the modified Dorn-Harmathy constitutive model, 

which is considered giving a proper description of the real mechanical properties of fire 

exposed aluminium, gives a slightly higher fire resistance than the stress-strain curves 

derived for a constant stress in time. This is due to the fact that the stress distribution in 

slender plates changes in time. 

The design method is calibrated using the derived stress-strain relationships. 

Consequently, the method gives conservative values for the fire resistance. 

 

When exposed to fire, sections of alloys 5083-H111 and 6060-T66 are less sensitive to 

local buckling than at ambient temperature. Consequently, sections exposed to fire are 

in the same class or in a lower class than at ambient temperature. This is due to the 

fact that the ratio Eθ / f0.2,θ increases at increasing temperature. 

 

 



 153 

9 Design example of a frame 

9.1 Scope of the chapter 

In order to show the application of the design model of chapter 8, a design example is 

presented in the current chapter. The design example consists of the analysis of a 

simple aluminium frame. The example focuses on local buckling of simply supported 

plates. Interaction between local and global buckling, and local buckling of plates that 

are partially restrained against rotation are also briefly mentioned. 

 

The frame is analysed using the new design model for local buckling in fire, 

supplemented with the design models for flexural buckling and interaction between 

local and flexural buckling in EN 1999-1-1 (2007). This analysis is referred to as 'hand 

calculation'. The frame is also analysed using the FEM. A comparison is made between 

the results of the hand calculation and that of the FEM. 

 

The dimensions of the frame and the loads on the frame are given in paragraph 9.2. 

The analyses of the frame at ambient temperature are elaborated in paragraph 9.3. 

Paragraph 9.4 gives the results of the fire design. Figure 9.1 gives a graphical 

summary of the chapter. 

 

 

 

 

 

 

 

Figure 9.1 Graphical summary of chapter 9 

9.2 Dimensions, loads and forces of the frame 

Consider the frame consisting of two columns and a beam in Figure 9.2. The frame is 

statically determinate. 

 

The columns are square hollow sections, in order to obtain an example containing 

internal plates. Depending on the geometry of the column, the governing failure 

mechanism may be global buckling, local buckling, or interaction between global and 

local buckling. The sensitivity to local buckling of these columns depends on the ratio 

Analysis with FEM

Analysis by hand 

calculations: ρc =… χ =…

comparison of θcrit 
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between the plate width and the plate thickness, while the sensitivity to global buckling 

depends on the ratio between the squared length and the second moment of area. 

 

Three sets of dimensions are considered for the column: 

- A column with a small b / t ratio which is on the border between class 3 and 4 at 

ambient temperature. The second moment of area is relatively small. This column 

is expected to fail through global buckling; 

- A column with a large b / t ratio, so that the relative slenderness for local buckling 

is large. 

- A column with intermediate cross-sectional slenderness. 

 

The beam has an I-shaped section, with flanges having a large width over thickness 

ratio. This is applied for studying local buckling of outstands. The web has such 

dimensions that it is on the border between classes 3 and 4 at ambient temperature. 

The beam is laterally restrained, so that lateral-torsional buckling does not occur. The 

thickness of the flanges and web are equal. 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 9.2 Frame considered in the design example 

 

Table 9.1 gives the dimensions of the frame considered. The design values o the loads 

as well as the moment and force distribution (both at ambient temperature and for the 

fire situation) are listed in table 9.2. It should be mentioned that the shape and 

dimensions of the beams and columns do not reflect an optimal design. The reason to 

apply these dimensions is to give some examples of the application of the design 

model. 

 

In a real frame, the connections between the beam and the columns will generate 

eccentricity by the load application in the columns. This load eccentricity is not 

considered in this example (in real designs, this eccentricity will reduce the load 

bearing capacity, and may not be neglected). 
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The required fire resistance period is 30 minutes. The beam and columns are insulated 

such, that the members are heated with characteristics according to Table 9.3. A 

uniform temperature distribution is assumed. Because the frame is statically 

determinate, thermal expansion in length direction is not restrained. The columns and 

beam can thus be checked individually. 

 
Table 9.1 Dimensions of the  Table 9.2 Design loads and force  
   frame considered   distribution 

Part Symbol Dimension  Type Symbol Value 

Frame L 7200 mm  Loads at ambient q  22.68 kN/m 

 H 2700 mm  temperature F  10.89 kN 

Col. 1 b1 85 mm  Loads in fire qθ  10.80 kN/m 

 t1 3.4 mm   Fθ    2.59 kN 

Col. 2 b2 140 mm  Normal force in  N  92.53 kN  

 t2 2 mm  col., ambient temp. (F+½L.q)  

Col. 3 b3 115 mm  Normal force in  Nθ  41.47 kN 

 t3 2.5 mm  column, fire (Fθ+½L.qθ)  

Beam h 430 mm  Moment in beam M 146.97 kNm 

 b 260 mm  ambient temp. (1/8.q.L2)  

 t 7 mm  Moment in beam Mθ  69.98 kNm 

    fire (1/8.qθ
.L2)  

 

Table 9.3 Heating rates and maximum temperature 

member columns beam 

heating rate of the member 9.3 ºC / min 7.7 ºC / min 

member temp after 30 minutes 300 ºC 250 ºC 

 

All members are composed of alloy 6060-T66, with the mechanical properties 

determined in this research: 

- At ambient temperature, the 0.2 % proof stress is 200 N/mm2 and the modulus of 

elasticity is 69000 N/mm2 (Annex B). 

- The mechanical properties in fire are according to or the Dorn Harmathy model 

with the parameters of Table 5.3 (applied in the FEM), or according to the derived 

stress-strain curves Figure 5.22 (applied in the hand calculations). 

9.3 Analyses at ambient temperature 

To check the load bearing capacity of the members at ambient temperature, the 

members are analysed with finite element models and with the design models in EN 

1999-1-1. The finite element models are composed of the same type of elements and 
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they are analysed with the same procedure as applied for the finite element models in 

chapters 7 and 8. 

9.3.1 Check of the columns 

In the finite element models of the columns, an initial geometrical imperfection is 

applied, which consists of the summation of the following two imperfection patterns: 

- The first Euler buckling mode of the column for local buckling, scaled in such a 

way that the maximum imperfection is equal to e0,loc = b / 500. 

- The first Euler buckling mode of the column for flexural buckling, scaled in such a 

way that the maximum imperfection is equal to e0,flex = L / 500; 

The value for e0,flex is determined in such a way that the ultimate buckling resistance at 

ambient temperature of column 1 agrees with the design model in EN 1999-1-1 for 

flexural buckling. 

 

The ultimate load bearing resistance of the columns, as determined with the FEM, are 

listed in Table 9.5. Figure 9.3 gives deformations at the ultimate load bearing 

resistance of columns 1 and 2. It is shown that the failure mode of column 1 is a flexural 

buckling mode, while the failure mode of column 2 is a combination of the flexural and 

local buckling modes (the deformations are scaled with an arbitrary factor, so that the 

deformations are visible). 

 

                                       

Figure 9.3 Deformations of columns at ambient temperature at the ultimate buckling 
resistance (deformations scaled) (a. Column 1; b. Column 2) 

 

The design models in EN 1999-1-1 that apply to the columns are the design models for 

local buckling and that for flexural buckling. Table 9.4 gives the subsequent calculation 

steps for the hand calculations of the columns. The steps are elaborated in Maljaars et 

al. (2007f). 

a. b. 
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The results of the calculations for the columns are summarised in Table 9.5. Column 1 

is not in class 4, so that ρc = 1. This column is very sensitive to flexural buckling (χ = 

0.42). Column 2 is very sensitive to local buckling (ρc = 0.46). This column does not 

meet the requirements: the design value of the load N is just larger than the column 

resistance Nu. Column 3, with intermediate dimensions, has the highest ultimate 

buckling resistance Nu. The results of the hand calculations agree reasonably well with 

the results of the finite element model. 

 

Table 9.4 Steps in the hand calculation of the columns at ambient temperature 

Description Equation 

Check whether the 

member is in class 4 or not 

For internal plates without welds of class A alloys: 

class 4 if σcr < 2.21 f0.2 (with σcr according to equation 

(3.7)) 

If the member is in class 4, 

determine the relative 

resistance for local buckling 

ρc (otherwise, ρc = 1) 

  
⎟
⎟
⎠

⎞
⎜
⎜
⎝

⎛
−=

2.02.0

1
ff

crcr
c

σβσαρ  

For internal plates of class A alloy: α = 1.00 and β = 

0.22 

Determine the effective 

area of the cross-section 

Aeff 

∑
=

⋅⋅=
k

i
ceff tbA

1

ρ  

Determine the elastic 

critical load for flexural 

buckling 

2

2

,

buc

flexcr
L

IE
N

⋅= π
 

I  = second moment of area of the gross cross-section, 

Lbuc = buckling length (in this frame, Lbuc = L) 

Determine the relative 

slenderness for flexural 

buckling flexλ  
flexcr

eff
flex N

fA

,

2.0⋅
=λ  

Determine the relative 

resistance for flexural 

buckling χflex of the column 

22

1

flex

flex

λφφ
χ

−+
=  but χflex  ≤ 1 

Class A alloys: ( )( )21.02.015.0 flexflex λλφ +−+=  

Determine the load bearing 

capacity Nu,hand 

2.0, fAN effflexhandu ⋅⋅= χ  
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Table 9.5 Results of the calculations of the columns at ambient temperature 

hand calculation FEM hand / FEM Member 

ρc 
flexrel ,λ  χflex Nu,hand Nu,FEM Nu,hand / Nu,FEM 

column 1 1 1.39 0.42 93.6 kN 92.6 kN 1.01 

column 2 0.46 0.55 0.89 89.3 kN 85.3 kN 1.05 

column 3 0.65 0.81 0.78 113 kN 114 kN 0.99 

9.3.2 Check of the beam 

In the finite element analysis of the beam, an initial geometrical imperfection is applied 

with a shape according to the first Euler buckling mode, scaled in such a way that the 

maximum imperfection is equal to e0,loc = b / 500. Table 9.7 gives the moment capacity 

Mu of the beam, as determined with the FEM. The deformations at the ultimate buckling 

resistance of the beam are shown in Figure 9.4. 

 

X

Y

Z

 

Figure 9.4 Deformation at ultimate buckling resistance of the beam 

 

The web of the beam has such dimensions that it is on the border between classes 3 

and 4. The flanges are in class 4. The upper flange is loaded in compression. 

For flanges loaded in compression with large ratios between the length and the width, 

the buckling factor 
( )

41.0
16

2
=−≈

π
ν

crk (equation (3.9)). If this value is used to 

determine the elastic critical buckling stress in the extreme fibres, the result is: σcr,hand = 

76 N/mm2, and the corresponding elastic critical moment of the beam is: Mcr,hand = 72 

kNm. 

According to the finite element calculation, however, the values for the elastic critical 

buckling stress and the elastic critical moment are σcr,FEM = 138 N/mm2 and Mcr,FEM = 

132 kNm, respectively. 
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The difference between the FEM and the design models for the elastic critical stress is 

attributed to the fact that the web has a stiffening effect on the flanges. Consequently, 

the flanges are not simply supported, as considered in the rest of this thesis, so that the 

value of kcr according to the design model is underestimated. (The fact that the moment 

varies along the beam length, so that the compressive force in the flange varies along 

the beam length, has a negligible influence on kcr). 

 

The analytical value for kcr assuming hinge-supported plates gives a conservative value 

for the critical stress, which can be applied in the design in practice. The aim of this 

example, however, is comparing the critical temperature of the design model with the 

FEM. A more accurate value for kcr is therefore required. For such cases, kcr can be 

determined using analytical models, if available, or with numerical models. The value 

for kcr is in this example determined from the Euler analysis using the FEM: kcr = 0.75. 

 

Table 9.6 gives the subsequent calculation steps for the hand calculation of the beam. 

The upper flanges are subjected to local buckling (ρc = 0.65). This means that the 

effective section is asymmetric, and that the neutral axis of the effective section is 

shifted downwards compared to the entire section. The results of the calculations for 

the beam are summarised in Table 9.7. The resulting ultimate resistance Mu according 

to the hand calculation is close to that according to the FEM, provided that the 

restraining influence of the web on the flanges is taken into account in the value for kcr. 

 

Table 9.6 Steps in the hand calculation for the beam at ambient temperature 

Description Equation 

Determine the elastic critical 

stress for local buckling σcr ( )
2

2

2

21112 ⎟⎟
⎠

⎞
⎜⎜
⎝

⎛
−

=
b

tE
kcrcr ν

πσ  

kcr according to the FEM calculation 

Check whether the member is in 

class 4 or not 

For outstands without welds of class A alloys: 

class 4 if σcr < 2.99 f0.2 

If the member is in class 4, 

determine the relative buckling 

resistance ρc 

(Otherwise, ρc = 1) 

⎟
⎟
⎠

⎞
⎜
⎜
⎝

⎛
−=

2.02.0

1
ff

crcr
c

σβσαρ  

For outstands without welds of class A alloys: α 
= 0.96 and β = 0.23 

Determine the effective section 

modulus Weff, with the effective 

flange thickness teff,fl 

cfleff tt ρ⋅=,  

znc,eff = f1 (teff,fl, t, h, b)    position neutral axis 

Weff = f2 (teff,fl, t, h, b, znc,eff) 

Determine the load bearing 

capacity Mu,hand 

Mu,hand = Weff 
. f0.2 
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Table 9.7 Results of the calculations of the beam at ambient temperature 

hand calculation FEM hand / FEM Beam 

kcr ρc Mu,hand Mu,FEM Mu,hand / Mu,FEM 

values 0.75 0.65 149 kNm 156 kNm 0.96 

9.4 Analyses for fire loading 

The columns and beam are checked for fire conditions with the finite element models, 

applying the modified Dorn-Harmathy model. The finite element models applied are the 

same models as used for the ambient temperature analysis, with the same values for 

the initial imperfections. The mechanical actions Nθ (for the columns) and qθ (for the 

beam) according to Table 9.2 are applied on the models. Subsequently the 

temperature is increased in time steps, applying a constant heating rate according to 

Table 9.3. The type of models and the type of analysis are equal to that of chapters 7 

and 8. 

The members are also checked with hand calculations, applying the derived Ramberg 

Osgood stress-strain relationship according to paragraph 5.7 and the newly developed 

design model for local buckling of chapter 8. 

9.4.1 Check of the columns 

The finite element analyses result in the axial deformation as a function of the 

temperature (Maljaars (2007f)). The critical temperature θcrit is again defined as the 

asymptote of the axial strain versus temperature curves. Values for θcrit of the columns, 

resulting from the FEM, are given in Table 9.9. 

 

In the hand calculations of the columns, it should be accounted for interaction between 

local and flexural buckling. However, design models are currently not available for 

interaction between local and flexural buckling of members exposed to fire conditions. 

Therefore, in the hand calculations for fire, the procedure in EN 1999-1-1 for ambient 

temperature was applied, i.e. the relative slenderness for flexural buckling is 

determined using the effective area Aeff,θ and the elastic critical buckling load Fcr,θ is 

determined for the gross cross-section. Höglund (2008) gives the background of this 

interaction model. 

 

EN 1999-1-2 gives a design model for flexural buckling of columns. In this design 

model, the relative slenderness and relative resistance for flexural buckling should be 

determined with the design model in EN 1999-1-1, using the material properties at 

ambient temperature. The obtained resistance should subsequently be divided by a 

creep factor equal to 1.2. This design model is expected to be very conservative, as it 

applies the ratio between the modulus of elasticity and the 0.2 % proof stress at 

ambient temperature, while this ratio increases at elevated temperature. Langhelle 
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(1999) carried out 14 transient state tests on columns which show that the design 

model is indeed very conservative (up to 45 %). Therefore, instead of using the design 

model for fire design in EN 1999-1-2, the design model according to EN 1999-1-1 with 

the material properties at the temperature considered is applied. As the value for the 

parameter n of the Ramberg Osgood relationship is in fire lower than at ambient 

temperature, the buckling curve for flexural buckling in EN 1999-1-1 of class B material 

is used. 

 

Table 9.8 gives the subsequent calculation steps for a check of the columns with the 

design models. The steps are elaborated in Maljaars et al. (2007f). The result of the 

calculation is the ultimate resistance Nu,θ,hand at the maximum member temperature θ 

following from the thermal analysis. In practice, Nu,θ,hand should be compared with the 

load Nθ in order to determine whether the column satisfies the fire resistance 

requirement (equation (8.29)). In the current example, however, it is aimed at 

comparing the results of the hand calculation with the FEM. Therefore, θcrit of the hand 

calculation is determined iteratively, by selecting the temperature θ at which Nu,θ,hand = 

Nθ.  The results of the calculations for the columns are summarised in Table 9.9. 

 
Table 9.8 Steps in the hand calculation for the columns exposed to fire 

Description Equation 

Check whether the member is in class 4 

or not 

Equation (8.23) 

If the member is in class 4, determine 

the relative resistance for local buckling 

ρc,θ (Otherwise, ρc,θ = 1) 

Equations (8.24), (8.25) and (8.26) 

 

Determine the effective area of the 

cross-section Aeff,θ 
∑
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i
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Determine the relative slenderness for 

flexural buckling θλ ,flex , using the 

effective area 
θ
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Determine the relative resistance for 

flexural buckling θχ ,flex of the column, 

using the buckling curve for class B 

alloys 
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Determine the load bearing capacity of 

the column Nu,θ,hand 

θθθθ χ ,2.0,,,, fAN effflexhandu ⋅⋅=  
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Table 9.9 Results of the calculations of the columns exposed to fire 

design model FEM hand - FEM Member 

θλ ,,inelc
ρc,θ 

θλ ,,flexrel
 χθ θcrit,hand θcrit,FEM ∆ θcrit ∆ tcr 

column 1 > 1 1.00 0.92 0.61 299 ºC 289 ºC -10 ºC -1 min 

column 2 1.48 0.48 0.43 0.86 242 ºC 280 ºC 38 ºC 4 min 

column 3 1.01 0.77 0.59 0.80 300 ºC 309 ºC 9 ºC 1 min 

 

Table 9.9 shows that there is a good agreement between the critical temperatures 

determined with the finite element method and with the hand calculations, except for 

column 2. This is attributed to the following: 

- The interaction of local and global buckling according to EN 1999-1-2 is 

conservative for the considered case. A finite element analysis of the column with 

lateral restraints against flexural buckling results in a critical temperature of 295 

ºC. The hand calculation without the flexural buckling factor θχ ,flex gives a critical 

temperature of 278 ºC. The difference between hand calculation and the finite 

element method is then reduced from 38 ºC to 17 ºC. 

- The buckling curve derived for local buckling in chapter 8 is approximately 10% 

conservative for the given alloy, temperature and inelastic relative slenderness. 

Applying a 10 % higher relative buckling resistance and omitting the reduction 

coefficient for flexural buckling results in a critical temperature of 293 ºC, i.e. 

almost equal to the finite element analysis with restraints against local buckling. 

This indicates how sensitive the critical temperature is to the exact local buckling 

resistance for such slender cross-sections. 

It should be noted that the relatively large difference in critical temperature between the 

hand calculation and the FEM of 38 ºC is equivalent to a difference in fire resistance of 

only 4 minutes. This error on the fire resistance is still regarded as acceptable. 

Moreover, the hand calculation results in a fire resistance which is on the safe side. 

9.4.2 Check of the beam 

The procedure for the hand calculation for the fire design of the beam is similar to that 

at ambient temperature, but using the new design model for local buckling for fire 

design. Similar to the procedure at ambient temperature, kcr is determined form the 

Euler buckling analysis of the FEM. Due to the fact that the Poisson ratio changes at 

elevated temperature, the value for kcr differs from that at ambient temperature. At 250 

ºC, νθ ≈ 0.37 and kcr = 0.72. This value is used in the design model. 

 

The steps of the hand calculation are summarised in Table 9.10. Again, θcrit of the hand 

calculation is determined iteratively, by selecting the temperature θ at which Mu,θ,hand = 

Mθ.  The resulting critical temperatures of the hand calculation and that of the FEM are 

given in Table 9.11. The fire resistance of the hand calculation agrees well with that of 
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the finite element analysis. The relative resistance for local buckling, ρc,θ, is higher than 

at ambient temperature (0.94 and 0.65, respectively). 

 

Table 9.10 Steps in the hand calculation for the beam exposed to fire 

Description Equation 

Check whether the member is in class 4 

or not 

Equation (8.23) 

If the member is in class 4, determine the 

relative resistance for local buckling ρc,θ 

(Otherwise, ρc,θ = 1) 

Equations (8.24), (8.25) and (8.27) 

 

Determine the effective section modulus, 

with the effective flange thickness teff,fl,θ 

θθ ρ ,,, cfleff tt ⋅=  

znc,eff,θ = f1 (teff,fl,θ, t, h, b) 

Weff,θ = f2 (teff,fl,θ, t, h, b, znc,eff,θ) 

Determine the load bearing capacity 

Mu,θ,hand 

Mu,θ,hand = Weff,θ 
. f0.2,θ 

 
Table 9.11 Results of the calculations of the beam exposed to fire 

hand calculation FEM hand - FEM Beam 

kcr,θ θλ ,,inelc
 ρc θ θcrit,hand θcrit,FEM ∆ θcrit ∆ tcr 

values 0.72 1.03 0.94 257 ºC 264 ºC 7 ºC 0.9 min 

9.5 Chapter conclusions 

This chapter shows with a design example that the fire resistance of members with 

realistic dimensions can be determined with the new design model for local buckling. 

 

The interaction equation between local and global buckling in EN 1999-1-1 gives 

conservative values for the fire resistance for the columns analysed in this design 

example. This observation is based on only one design example. It is recommended to 

study the interaction between local and global buckling for components exposed to fire 

conditions in more detail. 

 

The fire resistance of the beam, with partially restrained, slender flanges, is accurately 

determined with the design model, with the precondition that the value for kcr has to be 

known. A larger parameter study is required to determine whether this holds in general. 

 

The new design model for local buckling forms a first and essential step in the 

evaluation of the fire resistance of an aluminium structure with hand calculations. For 

practice, the use of hand calculations is in many cases advantageous compared to the 



 164 

application of large finite element models, which require many elements per member 

for incorporation of the local buckling failure mechanism. 
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10 Conclusions and recommendations 

This thesis presents a research into local buckling of slender aluminium compression 

members exposed to fire conditions. Based on a large number of uniaxial creep tests at 

elevated temperature, an existing constitutive model is modified in order to make it 

suited for aluminium members exposed to fire. The material parameters are calibrated 

and the modified model is implemented in a finite element program. Subsequently, 

compression tests on slender aluminium members have been carried out at elevated 

temperatures in order to study local buckling. The tests are used for the validation of 

finite element models. A parameter study carried out with these finite element models 

has resulted in a design model for local buckling of slender aluminium sections 

exposed to fire. 

10.1 Conclusions 

10.1.1 Sensitivity to fire exposure 

Strength reduction as function of the temperature 

• The 0.2 % proof stress of aluminium alloys already reduces significantly at 

moderately elevated temperatures. The 0.2 % proof stress decreases from 80 % to 

20 % of the value at ambient temperature between temperatures of roughly 150 ºC to 

350 ºC. In combination with the high thermal conductivity and the low thermal 

capacitance, this makes aluminium alloy structures sensitive to fire exposure. 

 

Application of unprotected members 

• Based on a parameter study into the thermal response of structural aluminium 

members, applying a wide range of gas temperature-time curves, it is concluded that 

aluminium structural members inside a compartment almost always need to be 

protected in order to fulfil the fire resistance requirements, if any. 

• For aluminium structural members applied outside a compartment, it depends on 

the critical temperature (i.e. temperature at failure of the member) whether or not 

insulation is required.  

 

Importance of the evaluation of the structural behaviour in fire 

• The amount of required insulation strongly depends on the actual critical 

temperature of the member: when analysed under natural fire conditions, a reduction of 

the critical temperature of aluminium members from 350 °C (= maximum value 

attainable in practice) to 150 °C (= no failure to be expected in any case) results in an 
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increase in the required amount of insulation of a factor 4 to 7. The corresponding 

factor, based on a standard fire approach amounts 1.5 to 3.5. Hence it is important to 

be able to accurately determine the critical temperature, and thus to evaluate the 

structural behaviour of aluminium components when exposed to fire. 

10.1.2 Mechanical properties 

Influence of creep 

• The mechanical properties of aluminium alloys at elevated temperature are 

dominated by creep. Creep tests carried out in this research showed that only the 

primary and secondary creep stages16 need to be accounted for in case of 5xxx series 

alloys. For 6xxx series alloys, however, the tertiary creep stage commences at such a 

low strain level, that it cannot be ignored. 

• For engineering purposes, the strain in the tertiary stage can be regarded as being 

homogeneous up to a strain of approximately 2 %. In this first part of the tertiary creep 

stage, there appears to be a linear relation between the strain and the strain rate. For 

larger strains, a distinct necking area develops. 

• The creep model by Dorn and Harmathy, modified in such a way that it accounts for 

tertiary creep, describes the mechanical properties of aluminium alloys exposed to fire 

conditions sufficiently well: the difference in the temperature at the attainment of the 

0.2 % proof stress between the model and 28 transient state tests carried out is on 

average 0 ºC, the standard deviation is 6 ºC. 

 

Determination of the modulus of elasticity 

• It is difficult to determine the modulus of elasticity at elevated temperature from 

uniaxial tensile tests, due to the fact that the elastic deformation is several magnitudes 

smaller compared to the thermal elongation. Consequently, thermal expansion or other 

temperature influences on the measuring devices cause considerable noise in the 

determination of the modulus of elasticity. As an alternative, three point bending tests 

have shown to be successful for the determination of the modulus of elasticity at 

elevated temperature. 

• Data in literature shows that the modulus of elasticity is independent of the temper 

and the thermal exposure period. The variation in the modulus of elasticity between 

different alloys is larger at elevated temperature than at ambient temperature, though 

EN 1999-1-2 (2007) gives general values that are independent of the alloy. 

 

Stress-strain relations for fire design 

• Based on simulations with the modified Dorn-Harmathy model, simplified stress-

strain relationships for aluminium alloys exposed to fire conditions are determined to be                                   

                                                             
16 The primary creep stage indicates the part of the creep curve with decreasing strain rate. 
The secondary creep stage indicates the part with constant strain rate and the tertiary creep 
stage is the part of the creep curve with increasing strain rate 
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used in daily design calculations. Comparing these relations with the data in EN1999-1- 

(2007), it appears that the relative values f0.2,θ / f0.2 of alloy 5083-O/H111 in the 

standard are unsafe. This is due to the fact that the data in the standard are based on 

steady state tests, which are less appropriate for fire conditions. 

• With increasing temperature, the ratio between the modulus of elasticity and the 0.2 

% proof stress increases, while the ratio between the proportional limit and the 0.2 % 

proof stress decreases for alloys 5083-O/H111 and 6060-T66. 

• Despite the large influence of creep on the constitutive relations, the mechanical 

properties are only moderately dependent on the heating rate (the maximum influence 

of the heating rate on the fire resistance is 9 % for alloys 5083-O/H111 and 6060-T66). 

Thus, it is possible to provide data on the mechanical properties that are independent 

of the heating rate for fire design in practice. 

10.1.3 Local buckling behaviour at elevated temperature 

Because of the large variety of geometrical and material properties governing local 

buckling at elevated temperature, an extensive test program, consisting of 27 steady 

state and 28 transient state tests, has been carried out to validate numerical models. 

 

Important parameters for local buckling 

• For a good agreement between numerical models and tests for local buckling, it is 

important to obtain proper data on the constitutive properties, on the thickness of the 

specimens and on the size and pattern of the geometrical imperfections. Especially the 

last parameter is difficult to measure, but it is an essential parameter for a proper 

comparison. 

• Data on the residual stresses are far less important for a good agreement. Firstly, 

because residual stresses only have a marginal influence on the ultimate buckling 

resistance. Secondly, because the residual stresses in aluminium sections relax 

significantly when exposed to fire conditions. 

• The actual support conditions in the tests are important. The analyses carried out in 

this research show that even a small angle between the supports and the specimen 

edges of 2.10-3 rad may result in a difference in ultimate resistance of up to 9 %. 

Therefore, a 'gap' between the supports of the set-up and the specimen should be 

minimised, by obtaining parallel supports in the test set-up and parallel edges of the 

specimens. 

• The strain rate in steady state tests has an important influence on the stress-strain 

curve at elevated temperature. Therefore, it is important to accurately measure this 

strain rate during the tests. 

 

Comparison of tests and finite element models 

• Simulations of the tests with finite element models developed show a good 

agreement with the steady state tests in terms of the ultimate buckling resistance: the 
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mean error of the prediction is 3 % and the standard deviation is 9 %. Simulations of 

the tests with finite element models using the modified Dorn-Harmathy material model 

show a good agreement with the transient state tests in terms of the critical 

temperature: the mean error of the prediction is 1 ºC and a standard deviation of 6 ºC. 

This corresponds with 0.1 and 0.8 minutes, respectively, for a fire resistance of 30 

minutes. The differences can be explained by the variability of the input data, notably 

the important parameters given above. Based on the good agreement between tests 

and simulations, it is concluded that the finite element models developed for local 

buckling of aluminium sections are well suited for use in fire design. 

• With the modified Dorn-Harmathy constitutive model implemented in the FEM, a 

powerful tool is obtained for accurately determining the structural behaviour of 

aluminium structures exposed to fire conditions. 

10.1.4 Local buckling in fire design 

Sensitivity to local buckling 

• Sections of alloys 5083-H111/O and 6060-T66 are less sensitive to local buckling 

under fire conditions than at ambient temperature. This is attributed to the increasing 

ratio between the modulus of elasticity and the 0.2 % proof stress at increasing 

temperature. This influence is larger than the counterbalancing influence of the smaller 

ratio between the proportionality limit and the 0.2 % proof stress. Based on the fact that 

the reduction of the steady state strength and the influence of creep are similar for 

alloys in the same series and of the same temper, it is expected that sections of other 

5xxx alloys in soft temper and other artificially aged 6xxx alloys are also less sensitive 

to buckling under fire conditions, as compared to buckling at ambient temperature. 

• This reduced sensitivity for local buckling causes that aluminium members that are 

in cross-sectional class 4 for the design at ambient temperature, may be under certain 

circumstances in a lower (more favourable) class for fire design. 

 

Applicability of stress-strain relationships in fire design 

• Stress-strain relationships provided for fire design are usually based on tests or 

models with an increasing temperature and a constant stress in time. However, the 

stress distribution in class 4 sections changes in time (even for a case where the 

boundary conditions remain unchanged and thermal expansion is not restrained). The 

effect is that the application of these stress-strain relations for local buckling of class 4 

sections results in slightly conservative values for the fire resistance. 

 

Design model 

• There is a clear correlation between the inelastic critical stress of a plate and its 

ultimate buckling resistance. 

• A design model is developed which makes use of this correlation. The design 

model describes the ultimate buckling resistance for local buckling of slender 
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aluminium sections under fire conditions. It can be used provided the stiffness of the 

structure for thermal expansion of the fire exposed member is not extremely high. 

10.2 Recommendations for future research 

10.2.1 Testing 

Deformations in tensile tests and in compression tests on sections are difficult to 

measure at elevated temperature. Despite all efforts taken, the axial deformations in 

the tests carried out in this research could not be measured with great accuracy. When 

accurate data on such deformations are required, it is recommended to apply a 

different measuring system in which the measuring devices remain at a constant 

temperature. This can possibly be achieved with a system consisting of (water) cooled 

devices. 

10.2.2 Members in compression or in bending 

The research focussed on local buckling of slender aluminium sections in compression. 

Although a model for local buckling is a first and essential step in fire design, it does not 

cover the entire behaviour of members. Future research is required on the following 

subjects: 

- A design model and a classification system are required for the fire design of 

members in bending. There is no major limitation foreseen when extending the 

new design model to the loading case of bending; 

- Buckling of plates or sections with other boundary conditions than simple supports 

as well as buckling of plates with stiffeners should be considered. There is no 

major limitation foreseen when extending the new design model to plates with 

different boundary conditions; 

- Members are often not subjected solely to local buckling, but to a combination of 

local, global and / or distortional buckling. At this moment, research is being 

carried out into the interaction of these buckling phenomena for aluminium 

structures at ambient temperature. It is recommended to investigate the 

applicability of the results of this research to the case of aluminium structures 

under fire conditions. 

10.2.3 Temperature gradient in width direction 

This research focussed on members with a uniform temperature. In practice, situations 

occur with a non-uniform temperature, which may influence the local buckling 

resistance. As an example, members that are not exposed at all sides generally show a 

temperature gradient along the width of the section. This temperature gradient may 

result in an additional bending moment on a compressed member. Additionally, if the 

temperature along the width is nonlinear, internal stresses develop. It is recommended 
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to check whether the new design model for local buckling gives safe values for the fire 

resistance, when applying a uniform temperature equal to the maximum temperature of 

such a member. 

10.2.4 Probability approach 

The requirements, the thermal and mechanical actions and the thermal and mechanical 

response models in fire design are often based on implicit safety considerations. This 

approach results in an untransparent and in fact even unknown safety level. It is 

recommended to carry out a probabilistic analysis in which the uncertainties in the 

thermal and mechanical actions and response models are explicitly considered 

together with (uncertainties in) the actual time to escape from and to search the 

building. The developed finite element model is suited to be used as a tool in such a 

probabilistic analysis. 

10.2.5 Design with the Natural Fire Safety Concept (NFSC) 

Most fire designs in practice are currently based on the standard fire or on similar 

nominal temperature time curves. The recently developed NFSC is, however, gaining 

interest for application in fire design in practice. The NFSC is especially of interest for 

materials that are sensitive to fire exposure – such as aluminium – because it gives a 

more realistic approximation of the gas temperature and it provides the possibility to 

take active measures into account. 

When applying this more accurate representation of the actual gas temperature, it is 

recommended to also model the structural response in a more accurate way. This 

means that modelling the structural response with simple calculation models of 

individual members is less suited to be used in combination with a NFSC. It is 

recommended to develop structural response models of entire structures, in which the 

influence of restrained thermal expansion is incorporated. The developed finite element 

model may be suited to be used as a basis for such a structural response model. 
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A Chemical composition of the specimens 

The chemical composition of the batches from which the specimens originate is 

determined with a spectrometer. The following batches are used in the tests: 

1. Steady state tensile tests and column compression tests originate from a plate of 

alloy 5083-H111; 

2. Creep and transient state tensile tests originate from a plate of alloy 5083-H111 

(chapter 5); 

3. Steady state tensile tests and column compression tests on SHS originate from an 

extruded profile of alloy 6060-T66; 

4. Steady state tensile tests and column compression tests on AS originate from an 

extruded profile of alloy 6060-T66; 

5. Creep and transient state tensile tests on alloy 6060-T66 originate from an 

extruded plate of a batch called b’05 (chapter 5); 

6. Creep and transient state tensile tests on alloy 6060-T66 originate from an 

extruded plate of a batch called b’06 (chapter 5). 

The chemical compositions of the specimens are listed in Tables A.1 and A.2. There is 

almost no variation in chemical composition between specimens of the same batch. 

 

Table A.1 – Chemical composition of specimens of alloy 5083-H111 (mass percentage) 

Batch   Si   Fe   Mg   Mn   Cu   Zn   Ni   Cr   Ti   Al 

1 0.161 0.249 4.450  0.517 0.062 0.016 0.003 0.061 0.015  rest 

2 0.134 0.278 4.440 0.475 0.049 0.022 - 0.075 0.018  rest 

 

Table A.2 – Chemical composition of specimens of alloy 6060-T66 (mass percentages) 

Batch   Si   Fe   Mg   Mn   Cu   Zn   Ni   Cr   Ti   Al 

3 0.442 0.185 0.480 0.025 0.007 0.013 0.002 - 0.010  rest 

4 0.389 0.185 0.449 0.021 0.022 0.021 0.002 0.004 0.014  rest 

5 0.446 0.165 0.414 0.001 0.004 0.006 0.006 0.002 0.003  rest 

6 0.590 0.250 0.500 0.034 0.015 0.011 0.002 0.011   rest 

 

The mass contents of the alloying elements are for all batches in between the allowed 

ranges as specified by the Aluminum Association. The compositions of the batches of 

alloy 5083-H111 are almost equal to one another. In case of alloy 6060-T66, however, 

the silicon and iron contents of batch 6 are higher than that of the other batches. 

 

The temper of the batches is not checked. 



 184 

 



 185 

B Results of uniaxial steady state tensile tests 

This Annex gives the mechanical properties of aluminium alloys 5083-H111 and 6060-

T66 as determined in uniaxial steady state tension tests at elevated temperature. 

Reason to carry out these tests is to use the mechanical properties in the finite element 

simulations of the steady state compression tests in chapters 6 and 7. 

 

Paragraph B.1 gives the test set-up and the test program. The results of the tests are 

given in paragraph B.2 and a discussion of these results is given in paragraph B.3. The 

procedure to derive the mechanical properties for the compression tests is elaborated 

in paragraph B.4 Paragraph B.5 gives a comparison of the test results with the 

mechanical model of chapter 5. 

B.1 Test set-up and test program 

Conventional flat tensile test specimens are used in the tests. The specimens originate 

from the same batches as used for the compression tests, with chemical compositions 

according to batches 1, 3 and 4 in Annex A. The parallel length and width of the 

specimens are 12.5 and 75 mm, respectively. The specimen thickness and the test 

program are indicated in Table B.1. 

 
Table B.1 Test program for steady state tensile tests 

Alloy Thickness [mm] Test temperatures [ºC] 

5083-H111 (batch 1) 1.0 20, 173, 177, 268, 278, 324, 360 

6060-T66 (batch 3) 2.0 20, 177 (2x), 261, 271, 293, 310 

6060-T66 (batch 4) 2.0 20, 180, 270, 300 (2x), 400 

 

The tests are carried out in an electrical furnace. The actuator, the load cell (capacity 

10 kN) and the LVDTs are situated outside the furnace. Bars of invarsteel are used 

between the clamp on the specimen inside the furnace and the LVDTs. 

Two temperature compensated strain gauges (measuring length of 3 mm) are 

adhesively bonded in the middle of each specimen. One is applied parallel to the 

direction of the force, the other perpendicular to the fore direction. The adhesive 

bonding is hardened by subjecting the specimen to an elevated temperature of prior to 

testing. The specimens tested at 180 ºC are subjected to 120 ºC for 180 minutes prior 

to testing. The specimens tested at higher temperatures are subjected to 270 ºC for 30 

minutes prior to testing. The compression test specimens were exposed to the same 

thermal exposure conditions (chapter 6). 
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Thermocouples are spot-welded to the specimens at three positions along the length 

(upper part, middle and lower part of the parallel length). The test set-up is shown in 

Figure B.1. 

 

The test procedure applied for the steady state tensile tests is as follows: 

- Heating of the specimen from ambient to the test temperature in approximately 20 

minutes; 

- Maintaining the test temperature for approximately 20 minutes; 

- Applying a certain strain rate (cross-head motion) until rupture occurs.  

During testing, the temperature difference between the middle and upper part of the 

parallel length was approximately 2 ºC. The temperature at the lower part of the parallel 

length was approximately 5 ºC lower. The measured length for the LVDTs is 60 mm 

and is applied such that the lower, cooler part of the parallel length is not incorporated. 

 

The tests are carried out with a certain cross-head motion, which is kept constant in 

time. Due to adjustment of the specimen in the set-up, the strain rate on the specimen 

is not constant in time. The strain rates during the elastic regime of the stress-strain 

relation (approximately up to the 0.1 % proof stress) and during the plastic regime near 

the ultimate resistance are indicated in the graphs in paragraph B.2. 

 

      

Figure B.1 Test set-up for the uniaxial steady state tensile tests 

B.2 Test results 

Figures B.2, B.3 and B.4 give the stress-strain curves of alloys 5083-H111 (batch 1), 

6060-T66 (batch 3) and 6060-T66 (batch 4), respectively. The left-hand graphs give the 

entire stress-strain relationships, where the displayed strain is determined with the 

LVDTs. The right-hand graphs give the results for small strains as determined with the 

longitudinal strain gauge. Results of tests with an approximately equal temperature but 

Force 

LVDTs LVDTs clamp for 

LVDTs
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different strain rates are indicated with curves of the same grey-scale but with different 

symbols. 
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Figure B.2 Stress-strain relations of steady state tests on alloy 5083-H111 (batch 1) 
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Figure B.3 Stress-strain relationships of steady state tests on alloy 6060-T66 (batch 3) 
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Figure B.4 Stress-strain relationships of steady state tests on alloy 6060-T66 (batch 4) 

 

Tables B.2, B.3 and B.4 give the values for the 0.1 % proof stress f0.1,θ, the 0.2 % proof 

stress f0.2,θ, the ultimate tensile strength fu,θ, the modulus of elasticity Eθ as determined 

with the parallel strain gauge and the Poisson ratio νθ. The Poisson ratio is determined 

by the ratio between the strain of the perpendicular strain gauge and the strain of the 

parallel strain gauge. 

 
Table B.2 Mechanical properties of steady state tests on alloy 5083-H111 (batch 1) 

θ 
[ºC] 

Strain rates 

[/min] 

f0.1,θ 

[N/mm2] 

f0.2,θ 

[N/mm2] 

fu,θ 

[N/mm2] 

Eθ 
[N/mm2] 

νθ 
[-] 

20 0.003  0.012 150 152 298 70900 0.33 

173 0.004  0.019 117 121 173 - 0.35 

177 0.001  0.005 111 115 149 73400 0.35 

268 0.001  0.020 83 84 84 53000 0.37 

278 0.003  0.021 83 85 85 60700 0.42 

324 0.001  0.017 53 53 53 49800 0.43 

360 0.003  0.017 30 31 32 31700 0.43 

 



 189 

Table B.3 Mechanical properties of steady state tests on alloy 6060-T66 (batch 3) 

θ 
[ºC] 

Strain rates 

[/min] 

f0.1,θ 

[N/mm2] 

f0.2,θ 

[N/mm2] 

fu,θ 

[N/mm2] 

Eθ 
[N/mm2] 

νθ 
[-] 

20 0.003  0.016 200 205 231 68400 0.33 

176 0.004  0.028 152 158 166 66200 0.34 

178 0.001  0.005 140 145 148 69100 0.36 

261 0.003  0.017 72 74 80 49300 0.35 

271 0.004  0.017 63 64 70 52100 0.35 

293 0.001  0.003 52 53 54 68000 0.40 

310 0.001  0.016 51 52 54 52200 0.40 

 
Table B.4 Mechanical properties of steady state tests on alloy 6060-T66 (batch 4) 

θ 
 [ºC] 

Strain rates 

[/min] 

f0.1,θ 

[N/mm2] 

f0.2,θ 

[N/mm2] 

fu,θ 

[N/mm2] 

Eθ 
[N/mm2] 

νθ 
[-] 

20 0.004  0.018 185 187 210 67200 0.33 

173 0.003  0.019 143 147 149 69700 0.35 

269 0.002  0.004 71 72 76 55100 0.36 

302 0.001  0.002 57 58 59 71300 0.38 

302 0.003  0.006 52 53 56 62800 0.40 

401 0.002  0.017 18 18 18 40000 - 

B.3 Discussion of the results 

Due to the specific lay-out of the test set-up with the transmission of the deformation of 

the specimen to the LVDTs outside the furnace, as well as due to thermal expansion of 

the specimen and measuring devices, the strains determined with the LVDTs may be 

inaccurate, and the results should be regarded with caution. 

 

The strain gauge measurement is also inaccurate in a number of cases, due to a time-

lag caused by changes in temperature and heating rate. This is considered the main 

reason for the relatively large scatter in the relation between Eθ and θ. The modulus of 

elasticity is therefore determined in bending tests, where the deflections in the elastic 

range are larger (chapter 5). 

 

For the same reason, the relation between νθ and θ should also be regarded with 

caution, although the scatter in these values is much smaller. For both alloys, νθ 
increases with θ, from 0.33 at ambient temperature to approximately 0.40 at 

temperatures higher than 300 ºC. The exact value of the Poisson ratio is not that 

important as the influence on local buckling is small (chapter 6). 
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The strain at rupture εu of the test at ambient temperature on alloy 6060-T66 batch 4 is 

6 %. EN 1999-1-1 (2007) specifies a minimum strain at rupture of 8 %. The difference 

is partially attributed to the inaccuracy of the LVDT measurement, and partially to the 

difference in measuring length (60 mm in the current test series and 5.65 A  in EN 

1999-1-1 (2007)). 

The value for f0.2 of the test at ambient temperature on alloy 6060-T66 batch 4 is lower 

than that of the test at ambient temperature on batch 3. To check the results, a number 

of additional tests, on other batches with almost equal chemical compositions, are 

carried out in a standard test set-up suitable for ambient temperature. For these tests, 

f0.2 is 205 N//mm2 (equal to batch 3) and the strain at rupture is 11 %. 

 

In conformity with observations of tests in literature (chapter 2), the ratio between fu,θ 

and f0.2,θ and the homogeneous strain εb decrease at increasing temperature θ. Tests 

with an approximately equal temperature but different strain rates (curves with same 

grey-scale but different symbols) show that that the mechanical properties depend on 

the strain rate at elevated temperature. In conformity with literature, higher strain rates 

result in higher values for fu,θ. One exception is found, which concerns the tests at a 

temperature of 302 ºC on alloy 6060-T66 batch 4. A reasonable explanation to the fact 

that the higher strain rate gives a lower strength for this pair of tests is not found. This 

unexpected result is possibly due to measurement errors (a small difference in 

temperature or strain rates has large consequences for the strength). 

 

The stress-strain curves at room temperature are measured accurately also for small 

strains. These curves are modelled according to the Ramberg-Osgood relation 

(equation (2.4)), using the values for f0.2 and E according to Tables B.2, B.3 and B.4. 

Parameter n is chosen such as to give the best fit with the first part of the measured 

stress-strain curve (up to f0.2). For alloy 5083-H111, the best fit is obtained for n = 40. 

Considering alloy 6060-T66, the best fit is obrained for n = 20. This means that the 

stress-strain curve of alloy 5083-H111 is closer to bi-linear elastic-plastic behaviour 

than that of alloy 6060-T66. However, alloy 5083-H111 is classified as a class 'B' alloy, 

and alloy 6060-T66 as a class 'A' alloy, where class 'A' is supposed to have a stress-

strain curve closer to bi-linear elastic-plastic behaviour (paragraph 3.4.2). This 

discrepancy between classification and actual shape of the stress-strain curve is found 

for more alloys of which stress-strain curves are given in literature. Therefore, the 

classification of alloys might be reconsidered. 

B.4 Mechanical properties for steady state compression tests 

The tests are carried out to obtain mechanical properties for the steady state 

compression tests in chapter 6. The temperatures of the compression tests are in a 

number of cases not exactly equal to that of the tensile tests. The mechanical 
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properties for the steady state compression tests are based on linear interpolation of 

the stress-strain curves presented in paragraph B.4. 

 

For simulating the compression tests, especially small strains (up to approximately 1 

%) are relevant. Since the strain gauge measurement is more reliable than the LVDT 

measurement for small strains, the strain gauge measurement is used for the plastic 

strains. The elastic strains are determined with the relation for the modulus of elasticity 

according to chapter 5. 

 

The mechanical properties for compression are taken equal as those for tension. This 

means that the influence of the Bauschinger effect on the stress-strain relationships, if 

present, is neglected. 

B.5 Comparison of steady state tensile tests and constitutive model 

The modified Dorn-Harmathy constitutive model, presented in chapter 5 and 

implemented in the finite element program DIANA 9.2 (Annex E), is used to simulate 

the steady state tensile tests. 

 

Harmathy’s equation (2.6) can be applied only when dσ / dt is not too large (Harmathy 

(1967). In the first part of a steady state tensile test, the ratio dσ / dt is large, so that it is 

inappropriate to apply the constitutive model. Near the ultimate tensile strength fu, 
however, the stress is almost constant in time. The constitutive model is therefore used 

to simulate fu as a function of the temperature and the strain rate (Figure B.5). 
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Figure B.5 Ultimate tensile strength as a function of temperature of the steady state tensile 
tests and the simulation of these tests with the modified Dorn-Harmathy model 

 

Table B.5 gives the average values and the standard deviations of the ratios fu,simulation / 
fu,test. In case of alloy 5083-H111, there is a good agreement between measured values 
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(black dots in Figure B.5) and simulated values (grey asterisks). In case of alloy 6060-

T66, the simulated strength is larger than the measured strength. Possible 

explanations for this difference are: 

- The steady state tests are exposed to elevated temperature for a longer period 

than the creep tests on which the parameters in the Dorn-Harmathy creep model 

are based. This longer period may have resulted in proceeding overaging, 

resulting in a lower strength; 

- The specimens used for the steady state tests and for the creep tests originate 

from different batches. The chemical compositions of these batches are 

approximately equal. However, the treatment conditions could have been slightly 

different. 

 
Table B.5 Average value and standard deviation of the ratio fu,simulation,θ / fu,test,θ 

Alloy 5083-H111 

(batch 1) 

6060-T66 

(batch 3) 

6060-T66 

(batch 4) 

Average value 1.00 1.20 1.25 

Standard deviation 0.07 0.14 0.13 
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C Results of uniaxial creep tests 

This Annex gives the results of the individual uniaxial creep tests and the simulation of 

these tests with the modified constitutive model. 

 

Most creep tests are carried out with either a stepwise increased temperature or a 

stepwise increased stress level. Tables C.1-C.6 give the temperature θ, the stress level 

σ and the duration of each step t of the creep tests carried out on alloys 5083-H111, 

6060-T66 (batch ’05) and 6060-T66 (batch ’06), respectively. The tables also give the 

measured value of the secondary strain rate ,II measε&  and the secondary strain rate 

according the constitutive model for each step ,II calcε& . Where appropriate, the 

measured projection back to zero time of the secondary strain curve εt0,meas and the 

value for this measure according to the constitutive model εt0,calc are given. 

 

The results of the tests are evaluated in paragraph 5.3, for stress levels up to 120 

N/mm2. For higher stress levels, the equation provided for the Zener-Holloman 

parameter for alloy 6060-T66 b’06 does not represent the test data (compare dots with 

grey curve in Figure C.1). Equation C.1 better describes the behaviour at stress levels 

> 100 N/mm2 for this alloy (black curve in Figure C.1).For stress levels ≤ 100 N/mm2, 

equation (5.7) is used. 

( )2.51116 105sinh104.1 σ⋅⋅⋅⋅= −Z  100 N/mm2 < σ < 150 N/mm2 (C.1) 

40 80 120 160
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Figure C.1 Zener Holloman parameter as a function of the stress for alloy 6060-T66 b’06 
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Table C.1 – Creep tests on alloy 5083-H111 

Test Step θ 
[ºC] 

σ 
[N/mm2] 

t 
[min] 

,II measε&  

[/min] 
,II calcε&  

[/min] 
no 0 1 199 102 30 2.5.10-4 2.7.10-4 

 2 220 102 30 1.3.10-3 1.4.10-3 
 3 240 102 20 6.7.10-3 5.9.10-3 

no 1 1 220 102 30 1.1.10-3 1.4.10-3 
 2 199 102 60 2.2.10-4 2.7.10-4 

no 2 1 199 75 30 5.0.10-5 3.2.10-5 
 2 220 75 60 2.7.10-4 1.7.10-4 
 3 240 75 15 1)  

no 5 1 280 26 30 1.2.10-4 9.9.10-5 
 2 300 26 30 3.5.10-4 3.1.10-4 
 3 320 26 15 1.1.10-3 9.2.10-4 
 4 340 26 15 1)  

no 6 1 280 26 30 1.3.10-4 9.9.10-5 
 2 300 26 30 3.4.10-4 3.2.10-4 
 3 320 26 15 1.1.10-3 9.2.10-4 
 4 340 26 15 3.1.10-3 2.5.10-3 

no 7 1 320 25 23 1.1.10-3 8.6.10-4 
 2 280 25 15 1.2.10-4 9.2.10-5 
 3 300 25 15 3.5.10-4 2.9.10-4 

no 8 1 300 19 30 1.1.10-4 1.2.10-4 
 2 320 19 30 3.1.10-4 3.5.10-4 
 3 340 19 15 8.9.10-4 9.7.10-4 
 4 360 19 7 2.3.10-3 2.5.10-3 

no 9 1 198 59 30 2)  
 2 198 80 15 3.7.10-5 4.6.10-5 
 3 198 100 15 1.7.10-4 2.1.10-4 
 4 198 110 15 3.8.10-4 4.5.10-4 
 5 198 123 10 9.3.10-4 1.2.10-3 

no 10 1 239 34 30 2.5.10-5 1.9.10-5 
 2 239 51 15 7.0.10-5 9.2.10-5 
 3 239 61 15 1.7.10-4 2.2.10-4 
 4 239 69 15 3.2.10-4 4.3.10-4 
 5 239 76 10 5.8.10-4 7.5.10-4 

no 11 1 239 34 30 2.5.10-5 1.9.10-5 
 2 239 51 15 7.7.10-5 9.3.10-5 
 3 239 61 7 1.6.10-4 2.2.10-4 

no 12 1 299 10 30 2)  
 2 299 15 30 5.3.10-5 4.7.10-5 
 3 299 20 15 1.2.10-4 1.2.10-4 
 4 299 25 15 2.5.10-4 2.5.10-4 
 5 299 30 10 5.3.10-4 4.9.10-4 
 6 299 35 10 1.0.10-3 8.7.10-4 

no 13 1 339 10 20 1.2.10-4 1.1.10-4 
 2 339 15 15 3.2.10-4 3.9.10-4 
 3 339 20 10 8.8.10-4 9.8.10-4 
 4 339 25 10 2.1.10-3 2.2.10-3 

no 24 1 199 101 55 2.5.10-4 2.3.10-4 
1) Non-constant stress in time due to large deformation 

2) Strain rate is too low for proper evaluation  



 195 

Table C.2 – Creep tests on alloy 6060-T66 b’05 

Test Step θ 
[ºC] 

σ 
[N/mm2] 

t 
[min] 

,II measε&  

[/min] 
,II calcε&  

[/min] 
nt 00 1 199 100 30 3.8.10-5 3.6.10-5 

 2 219 100 25 3)  
nt 01 1 179 113 30 4)  

 2 189 113 20 6.8.10-5 5.6.10-5 
 3 199 113 7 1.8.10-4 1.7.10-4 

nt 02 1 239 62 30 2.6.10-5 1.7.10-5 
 2 249 62 20 4.2.10-5 4.2.10-5 
 3 259 62 15 1.0.10-4 9.8.10-5 

nt 03 1 299 30 30 3.3.10-5 3.6.10-5 
 2 309 30 20 6.7.10-5 7.3.10-5 
 3 319 30 15 1.7.10-4 1.5.10-4 
 4 329 30 15 3)  

nt 07 1 259 62 10 9.2.10-5 9.7.10-5 
nt 08 1 329 30 20 3)  
nt 09 1 309 30 40 6.7.10-5 7.3.10-5 

 2 319 30 20 1.7.10-4 1.4.10-4 
nt 10 1 199 101 30 3.3.10-5 3.8.10-5 

 2 199 104 15 4.0.10-5 5.8.10-5 
 3 199 109 10 1.1.10-4 1.0.10-4 
 4 199 119 10 3)  

nt 11 1 299 31 30 3.3.10-5 3.7.10-5 
 2 299 34 15 6.0.10-5 5.9.10-5 
 3 299 39 10 3)  

nt 12 1 249 49 30 2)  
 2 249 55 15 2.0.10-5 1.6.10-5 
 3 249 60 10 3.2.10-5 3.0.10-5 
 4 249 64 10 5.5.10-5 5.4.10-5 

nt 13 1 269 50 30 4.2.10-5 4.8.10-5 
 2 269 55 15 8.3.10-5 8.7.10-5 
 3 269 60 10 3)  

nt 14 1 249 59 30 3.7.10-5 3.0.10-5 
 2 249 64 15 6.4.10-5 5.3.10-5 
 3 249 69 10 3)  

nt 16 1 219 104 10 3)  
nt 17 1 199 104 65 4.7.10-5 5.3.10-5 
nt 18 1 249 54 90 2.4.10-5 1.5.10-5 
nt 19 1 269 54 30 8.8.10-5 8.4.10-5 
nt 20 1 299 35 60 5.8.10-5 7.0.10-5 

 2 319 35 10 3)  
nt 21 1 320 35 15 3)  
nt 28 1 269 45 30 3.3.10-5 2.5.10-5 

 2 279 45 20 5.6.10-5 5.5.10-5 
 3 289 45 15 3)  

2) Strain rate is too low for proper evaluation 

3) Increasing strain rate (associated with tertiary creep) 

4) Primary creep stage is not yet finished at end of step 
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Table C.3 – Creep tests on alloy 6060-T66 b’06 

Test Step θ 
[ºC] 

σ 
[N/mm2] 

t 
[min] 

0,t measε  

[-] 
0,t calcε  

[-] 
,II measε&  

[/min] 
,II calcε&  

[/min] 
nt34 1 179 114 30   4)  

 2 189 114 20   4)  
 3 199 114 15   3.0.10-5 2.1.10-5 
 4 209 114 15   4.2.10-5 5.9.10-5 

nt35 1 189 115 20   4)  
 2 209 115 15   5.5.10-5 6.5.10-5 
 3 219 115 10   1.3.10-4 1.8.10-4 
 4 229 115 8   3)  

nt36 1 209 114 20 4.9.10-3 4.1.10-3 6.7.10-5 5.9.10-5 
 2 219 114 15   1.5.10-4 1.6.10-4 
 3 229 114 10   3)  

nt41 1 309 36 15   1.5.10-4 1.8.10-4 
 2 319 36 8   3)  

nt43 1 299 35 15 4.9.10-4 6.6.10-7 7.3.10-5 8.3.10-5 
 2 309 35 10   1.7.10-4 1.7.10-4 
 3 319 35 5   3)  

nt44 1 229 89 15 6.0.10-4 6.8.10-4 4.0.10-5 4.9.10-5 
 2 239 89 5   8.0.10-5 1.2.10-4 

nt45 1 229 89 20 5.0.10-4 6.8.10-4 3.3.10-5 4.9.10-5 
 2 239 89 10   7.0.10-5 1.2.10-4 
 3 249 89 5   3)  

nt46 1 249 70 10 1.5.10-4 1.2.10-4 6.8.10-5 6.1.10-5 
 2 259 70 10   1.3E-04 1.4.10-4 
 3 269 70 4   3)  

nt47 1 269 50 10   7.7.10-5 4.7.10-5 
 2 279 50 10   1.1.10-4 1.0.10-4 
 3 289 50 6   2.3.10-4 2.2.10-4 

nt48 1 279 50 10 3.4.10-5 8.5.10-6 1.1.10-4 9.9.10-5 
 2 289 50 10   1.9.10-4 2.1.10-4 

nt49 1 329 26 10 6.0.10-5 6.6.10-8 1.7.10-4 1.6.10-4 
 2 339 26 7   3)  

nt50 1 319 26 10   1.2.10-4 8.2.10-5 
 2 329 26 10   2.0.10-4 1.6.10-4 
 3 339 26 5   3)  

nt51 1 189 130 20 1.7.10-2 1.1.10-2 4)  
 2 199 130 10   7.3.10-4 2.3.10-4 
 3 209 130 5   3)  

nt52 1 169 149 9 1.1.10-2 3.0.10-2 4)  
 2 179 149 5   3)  

nt53 1 239 86 10   9.3.10-5 9.1.10-5 
 2 239 95 10   1.9.10-4 2.0.10-4 
 3 239 103 10   3)  

nt54 1 184 134 20 1.8.10-2 1.4.10-2 4)  
 2 184 144 10   3.5.10-3 1.5.10-3 

nt76 1 190 130 90 1.6.10-2 1.1.10-2 1.5.10-4 8.8.10-5 
nt78 1 204 120 70 8.3.10-3 6.2.10-3 8.5.10-5 7.9.10-5 

3) Increasing strain rate (associated with tertiary creep) 

4) Primary creep stage is not yet finished at end of step 
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The strain rates of creep tests with cyclic loading (i.e. subsequent tension and 

compression loading) on alloy 6060-T66 b’06 are given in Table C.4. Table C.5 gives 

the strain rates of creep tests which are subjected to a constant temperature for 90 

minutes prior to loading and Table C.6 gives the results of creep tests heated to test 

temperature in 90 minutes prior to loading. These tests are carried out on alloy 6060-

T66 b’06. 

 
Table C.4 – Creep tests on alloy 6060-T66 b’06, subjected to cyclic loading 

Test Step θ 
[ºC] 

σ 
[N/mm2] 

t 
[min] 

0,t measε  

[-] 
0,t calcε  

[-] 
,II measε&  

[/min] 
,II calcε&  

[/min] 
nt59 1 204 120 15 8.1.10-3 6.2.10-3 8.8.10-5 7.9.10-5 

 2 204 0 5   0 0 
 3 204 120 10   8.8.10-5 7.9.10-5 

nt60 1 229 104 10 1.7.10-3 2.1.10-3 1.3.10-4 1.5.10-4 
 2 229 -104 15     

nt74 1 229 104 10   1.3.10-4 1.5.10-4 
 2 229 -104 10     
 3 229 104 10   3)  
 4 229 -104 10   3)  

 
Table C.5 – Creep tests on alloy 6060-T66 b’06, first exposed to a constant temperature for 
90 minutes, prior to loading 

Test Step θ 
[ºC] 

σ 
[N/mm2] 

t 
[min] 

0,t measε  

[-] 
,II measε&  

[/min] 
nt375) 1 209 114 20 2.2.10-3 4.5.10-5 

 2 219 114 15  1.2.10-4 
 3 229 114 10  3) 

nt63 1 299 36 15  3.2.10-4 
 2 309 36 10  8.3.10-4 

 3 319 36 8  3) 

nt64 1 249 71 15  2.5.10-4 
 2 259 71 10  3) 

nt65 1 209 115 20  4.7.10-5 
 2 219 115 15  1.3.10-4 

nt66 1 184 134 20  1.7.10-4 
 2 194 134 10  5.8.10-4 
 3 204 134 5  3) 

3) Increasing strain rate (associated with tertiary creep) 

5) At elevated temperature during 30 minutes prior to loading 

 

-1.1.10-4 -1.5.10-4 

-1.1.10-4 -1.5.10-4 
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Table C.6 – Creep tests on alloy 6060-T66 b’06, first heated to test temperature in 90 
minutes (with constant heating), then loaded 

Test Step θ 
[ºC] 

σ 
[N/mm2]

t 
[min] 

0,t measε  

[-] 
,II measε&  

[/min] 
nt 67 1 299 36 15  8.5.10-5 

 2 309 36 10  1.9.10-4 
 3 319 36 7  3) 

nt 68 1 249 70 12  5.3.10-5 
 2 259 70 10 2.2.10-3 1.0.10-4 

3) Increasing strain rate (associated with tertiary creep) 

 

 

 



 199 

D Results of uniaxial transient state tensile tests 

This Annex gives graphs of the strain development as function of the temperature of 

the individual uniaxial transient state tensile tests (black curves) and the simulation of 

these tests with the modified constitutive model (grey curves). In a number of cases, 

tests are carried out with the same stress level but with different heating rates. The 

results of these tests are given in one graph, with a solid curve for the lower heating 

rate and with a dashed curve for the higher heating rate. 

D.1 Transient state tests on alloy 5083-H111 

The results of tests on alloy 5083-H111 with a constant stress in time are given in 

Figures D.1 up to D.3. Figure D.4 a. gives the result of a test with a linearly increasing 

stress in time, with a stress rate of 2 N/mm2. Figure D.4 b. gives the result of a test with 

a linearly decreasing stress in time, with a stress at the start of the test of 120 N/mm2 

and a stress rate of -2 N/mm2. 
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Figure D.1 Results of transient state tests on alloy 5083-H111 with constant stress 

(a. σ = 101 N/mm2; b. σ = 70 N/mm2) 
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Figure D.2 Results of transient state tests on alloy 5083-H111 with constant stress 

(a. σ = 60 N/mm2; b. σ = 41 N/mm2)  
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Figure D.3 Results of a transient state test on alloy 5083-H111 with σ = 20 N/mm2 
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Figure D.4 Results of transient state tests on alloy 5083-H111 with a varying stress level 

(a. σ&  = 2 N/mm2/min; b. 120 N/mm2 at start, σ& = -2 N/mm2/min) 
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D.2 Transient state tests on alloy 6060-T66 b’05 

The results of tests on alloy 6060-T66 b'05 with a constant stress in time are given in 

Figures D.5 and D.6. Tests with a varying stress in time are not carried out on batch 

’05. 
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Figure D.5 Results of transient state tests on alloy 6060-T66 b’05 with constant stress 

(a. σ = 127 N/mm2; b. σ = 76 N/mm2) 
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Figure D.6 Results of a transient state test on alloy 6060-T66 b’05 with σ = 50 N/mm2 

D.3 Transient state tests on alloy 6060-T66 b’06 

The results of tests on alloy 6060-T66 b'06 with a constant stress in time are given in 

Figures D.7 and D.8. Figure D.9 a. gives the result of a test with a linearly increasing 

stress in time, with a stress rate of 1.7 N/mm2. Figure D.9 b. gives the result of a test 

first subjected to a constant stress in time of 70 N/mm2, and after 15 minutes a 

decreasing stress in time, with a stress rate of -1.7 N/mm2. 
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Figure D.7 Results of transient state tests on alloy 6060-T66 b’06 with stress levels of  

(a. σ = 126 N/mm2; b. σ = 93 N/mm2) 
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Figure D.8 Results of transient state tests on alloy 6060-T66 b’06 with stress levels of  

(a. σ = 76 N/mm2; b. σ = 40 N/mm2) 
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Figure D.9 Results of transient state tests on alloy 5083-H111 with a varying stress  

(a. σ&  = 1.7 N/mm2; b. σ = 75 N/mm2 at start, σ& = -1.7 N/mm2 15 min after the start) 
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E Implementation of constitutive model in DIANA 

DIANA offers the possibility to supply Fortran source in a predefined subroutine in order 

to implement a new material model. The constitutive model of chapter 5 is implemented 

in DIANA 9.2 via this user supplied subroutine. 

E.1 Description of the user supplied subroutine 

The user supplied subroutine receives the strain at the start of the step ε0, the strain 

increment in the current iteration ∆ε and the stress at the start of the step σ0. The 

subroutine should calculate the stress at the end of the iteration σ and the tangent 

stiffness matrix D. This tangent stiffness matrix is used to provide a new strain 

increment ∆ε in the next global iteration. 

 

Apart from the basic variables ε0 and σ0, the predefined subroutine also gives the 

following values which are used in the current model: 

∆t = time increment 

T0 = temperature at the start of the step 

∆T = temperature increment 

 

Further, it is possible to apply user supplied material variables in the subroutine as well 

as user supplied state variables. Material variables are set at the beginning of the 

analysis and do not change during the analysis, while state variables are updated at 

the end of each step. 

 

The user supplied material variables specified for the current constitutive model are 

parameters α, Q, R, A, D, m, n and εlim. for the Dorn-Harmathy model (equations (2.5-

2.8 and 5.14-5.17)), parameters EA , EB and EC for the modulus of elasticity (equation 

(E.1)), αA and αB for the coefficient of thermal expansion (equation (E.2)) and the 

Poisson ratio ν. 

2θθ ⋅+⋅+= ECEBEAE  (E.1) 

θααα ⋅+= BAth  (E.2) 

The state variables defined are ε*
tens , ε*

comp , ε* and εt in all directions, the thermal strain 

εth, the time t and the prestrain εpre (strain caused by residual stress at the start of the 

calculation, paragraph E.4) in all directions. 
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E.2 Basic routine of the uniaxial model 

In the user supplied subroutine, the stress has to be updated based on the strain 

increment. In the material model, however, the creep strain rate is determined as a 

function of the stress. A numerical iteration procedure is applied in order to determine 

the stress and creep strain. The following steps are applied: 

1. The maximum and minimum possible values of the creep strain increment are 

determined: ∆εt,max = ∆ε  - ∆εth and ∆εt,min = 0; 

2. An estimation of the creep strain increment is determined, being the average value 

of the maximum and minimum values of the creep strain increment ∆εt,est. The 

estimated creep strain is equal to the creep strain at the start of the increment εt,0 

plus the average creep strain increment: εt,est = εt,0 + ½ (∆εt,max + ∆εt,min); 

3. The elastic strain is equal to the total strain minus the creep strain and the thermal 

strain, thus εelas,est = ε - εt,est - εth. The stress is then determined for the estimated 

creep strain, being σest = E (ε - εt,est - εth); 

4. Equation (5.14) is applied to determine the creep strain rate corresponding to this 

stress: ( )estt σε 1,
& ; 

5. The creep strain increment, belonging to this stress, is determined by multiplying 

the average creep strain rate with the time increment. The average creep strain 

rate is the average of the creep strain rate at the start of the increment and the 

creep strain rate at the end of the increment: ( )1,0,1, 2
1

ttt t εεε && +⋅∆=∆ . The strain rate 

at the start of the increment 0,tε& can be determined directly with equation (5.14), as 

the stress at the start of the increment σ0 is known; 

6. The new value of the creep strain increment, obtained in step 5, is compared with 

the estimated creep strain increment of step 2: ∆εt,1 ↔ ∆εt,est 

- In case the new value of the creep strain is smaller than the estimated value, 

the maximum possible value of the creep strain ∆εt,max is replaced by the 

estimated creep strain (∆εt,1 < ∆εt,est → ∆εt,max = ∆εt,est) and the procedure is 

repeated from step 2 onwards; 

- In case the new value of the creep strain is larger than the estimated value, the 

minimum possible value of the creep strain is replaced by the estimated creep 

strain (∆εt,1 > ∆εt,est → ∆εt,min = ∆εt,est) and the procedure is repeated from step 2 

onwards; 

- In case the new value of the creep strain is equal to the estimated value within a 

specified tolerance, the required values of the creep strain increment and the 

stress are determined and the procedure is finished. 
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E.3 Tangent stiffness matrix in the uniaxial model 

In order to determine the tangential stiffness D = dσ / dε, the derivative of the creep 

strain function should be determined. This is however a difficult task. Instead, an 

alternative is applied in which the tangential stiffness is determined by running the 

procedure again with a slightly different value of the strain increment (∆εerr). The 

procedure then results in a slightly different value for the stress (σerr). A numerical 

estimation of the tangential stiffness is obtained by: 

err

err

err

err

d
d

εε
σσ

εε
σσ

ε
σ

∆−∆
−

=
−
−

≈  (E.3) 

In case ∆ε is positive, the value applied for ∆εerr is the maximum value of (∆ε + 1.10-5) 

and (∆ε .1.01). In case ∆ε is negative, the value applied for ∆εerr is the minimum value of 

(∆ε - 1.10-5) and (∆ε .1.01). 

 

The tangent stiffness matrix is used to provide a new strain increment ∆ε in the new 

iteration. Applied on a single truss element, the analysis converged in three iterations in 

case of a maximum step size of 2 minutes up to a strain of 2 %. This is considered as 

sufficiently fast for the procedure, so that the numerical estimation of D is sufficiently 

accurate. 

E.4 Incorporation of residual stress 

Due to e.g. welding, residual stresses may be present in a structure. In DIANA, it is 

possible to define residual stresses at the start of the analysis. In the predefined user 

supplied subroutine, this appears as a stress at the start of the first increment. In the 

material model implemented, this residual stress is handled as follows. 

At time t = 0, the stress σ0 is used to define a prestrain εpre, with: 

 
( )

( )
0 0

pre

t

E T

σ
ε

=
=  (E.4) 

Instead of the total strain according to equation (5.18), an artificial total strain (equation 

(E.5)) is applied in the model. The rest of the procedure is identical to paragraph E.2. 

tot el th t preε ε ε ε ε= + + +  (E.5) 

E.5 Constitutive equations for the multiaxial model 

The relation between the elastic strain components and the stress components is given 

in equation (E.6). The elastic strains are according to equation (E.7) and the creep 

(plastic) strains are according to equation (E.8). 
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Note that components εt,0,ij are the creep strains at the start of the increment and should 

not be confused with εt0 , which is the projection back to zero time of the secondary 

strain rate curve according to equation (2.8). 
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The strain rates at the start of the step, ijt ,0,ε& can be determined directly with equation 

(5.27), as the strain and stress components at the start of the step (ε0,ij and σ0,ij) are 

known. Substitution of equations (E.8) and (E.7) in equation (E.6) results in 6 equations 

with 12 unknown parameters, being ijt ,ε&  and σij. The other 6 equations are given by 

substitution of equation (E.8) in equation (5.27). 

 

Elaboration of these 12 equations gives the following relations for the individual stress 

components: 

( ) ( )2 2

2 3

1

1 3 2xx

CA CB CA CA CC CD

CA CA
σ

− ⋅ − − +
=

− ⋅ + ⋅
 (E.9) 

( ) ( )2 2

2 3

1

1 3 2yy

CA CC CA CA CB CD

CA CA
σ

− ⋅ − − +
=

− ⋅ + ⋅
 (E.10) 

( ) ( )2 2

2 3

1

1 3 2zz

CA CD CA CA CB CC

CA CA
σ

− ⋅ − − +
=

− ⋅ + ⋅
 (E.11) 
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E.6 Basic routine for the multiaxial model 

The unknown parameters in equations (E.9) up to (E.18) are the stress components 

and parameter C2, i.e. 7 unknown parameters and 6 equations. The set of equations is 

completed by considering the relation between parameter C2 and the Von Mises stress 

in equations (5.27 b) and (5.27 c). This set of equations is solved numerically in a 

routine in which the parameter C2 is updated. 

 

First, maximum and minimum values for C2 are determined. It is noted that parameter 

C2 increases for increasing stress. The minimum value for C2 is zero (i.e. the strain rate 

is zero): C2,min = 0. The maximum possible value for C2 (denoted as C2,max) is found for 

the maximum possible Von Mises stress.  

 

The routine consists of the following steps: 

1. An upper limit for the Von Mises stress σvm,max is determined based on the strains; 

2. This stress σvm,max and the plastic strain at the start of the increment ε*
t,eff are 

applied in equation (5.27 b) and (5.27 c) in order to obtain an upper limit for C2,max; 
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3. A first estimation of parameter C2 (denoted as C2,est) is obtained by taking the 

average value of the maximum and minimum values: C2,est = C2,max + C2,min; 

4. The stress components σest,ij are determined using equations (E.9) up to (E.18). 

5. The Von Mises stress σVM,est is determined from the stress components σest,ij; 

6. The creep strain increments ∆εt,ij are determined, being the total strain increments 

minus the elastic part of this increment. The elastic strain increments are 

calculated from the individual stress components σest,ij; 

7. The creep strains at the end of the iteration, ε*
est,ij, are determined by adding the 

creep strain increments to the creep strains at the start of the increment: ε*
est,ij = 

ε*
est,ij + ∆εt,ij; 

8. The effective value of the creep strain at the end of the increment, ε*
eff,est, is 

determined (equation (5.20)); 

9. A new value for parameter C2 is determined by calculating equations (5.27 b) and 

(5.27 c), using σVM,est and ε*
eff,est, 

10. The new value for C2, obtained in step 9, is compared with the estimated value of 

step 3: C2 ↔ C2,est 

- In case the new value of C2 is smaller than the estimated value, the maximum 
possible value C2,max is replaced by the estimated creep strain (C2 < C2,est → 

C2,max = C2,est) and the procedure is repeated from step 3 onwards; 

- In case the new value of C2 is larger than the estimated value, the minimum 
possible value C2,min is replaced by the estimated creep strain C2 > C2,est → 

C2,min = C2,est) and the procedure is repeated from step 3 onwards; 

- In case the new value of C2 is equal to the estimated value C2,est, the required 

values of the creep strain increments and the stresses are determined and the 

procedure is finished. 
 

The routine results in the stresses σij corresponding with the strain εij.0 + ∆εij. 

E.7 Tangent stiffness matrix in the multiaxial model 

The tangent stiffness matrix D is determined numerically by running the procedure 

again with a slightly different value of the strain increment of one strain component 

(εerr,kl). The procedure then results in slightly different values for the stresses (σerr,ij). A 

numerical estimation of the tangential stiffness is obtained by: 

,

,

ij ij err ij

kl kl err kl

d

d

σ σ σ
ε ε ε

−
≈

−
 (E.19) 

This tangent stiffness is determined for each stress and strain component. The value 

used for εerr,kl is equal to the uniaxial case. 
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F Dimensions and geometrical imperfections of the 

specimens of the compression tests 

F.1 Plate width, plate thickness and corner radius 

The plate width b of each wall of the square hollow sections (SHS) and the angular 

sections (AS) are measured at several positions along the length of the plate. For this 

purpose, vernier callipers are used. b appeared to be constant along the plate length L.  

The values are given in the tables at the end of this Annex. 

 

The plate thickness t is determined with a micrometer at several positions near the 

section ends. Especially for the milled SHS, it is possible that t varies along L. For this 

reason, a number of sections is cut through half and t is measured at the cut ends, i.e. 

halfway the sections. t appeared to be approximately constant along b and L. The 

thickness varied between the plates of a section. Average values are given in tables 

F.2-F.5. 

 

The length of all specimens is equal to 300 mm. 

 

The radius of the corners of the folded AS and SHS (alloy 5083-H111) are estimated by 

tracing the cross-section on paper and measure the radius with a pair of compasses. 

The radius is approximately equal to 3.5 mm for all specimens. 

F.2 Imperfections 

Three types of geometrical imperfections are distinguished, which influence the 

buckling resistance: 

a. Out-of-plane imperfections of the walls of the specimens (Figure F.1a); 

b. Position of the walls of the specimens, i.e. parallelism of the walls (Figure F.1b); 

c. Position of the loaded edges of the specimens, i.e. parallelism of the edges (Figure 

F.1c). 

 

The out-of-plane imperfections (a) are considered being most relevant. These 

imperfections are measured for each wall with a fixed LVDT on a movable milling 

machine (Figure F.1d). Measurements are taken with a distance in between of 2.83 

mm in length-direction and 10 mm in width direction. The results of these 

measurements could be reproduced with an error of less than 0.01 mm. The 

parallelism of the walls and edges of the specimens (b and c) are measured with an 
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angle and vernier callipers (Figure F.1e). The reproducibility of these measurements is 

less (estimated error 0.1 mm). 

 

An example of the resulting out-of-plane imperfections (types a and b) of a wall of one 

of the specimens is given in Figure F.2. Maljaars (2007b) gives the imperfection pattern 

of all specimens. Table F.2 gives the average value of the maximum out-of-plane 

imperfections (types a and b) of each wall of the specimen, imax. 

The average value of imax for all specimens of each type are given in Table F.1. The 

imperfections are large for aluminium specimens: according to Mazzolani (1995), the 

imperfections of extruded profiles are usually smaller than b / 1000. The large 

imperfections are attributed to the fact that the specimens are obtained by milling 

extruded profiles or folding (and welding) plates. 

 

                                                                     

Figure F.1 Types and measurements of geometrical imperfections  
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Figure F.2 Example of the imperfections of a wall of a milled SHS, b / t = 44, alloy 6060-T66 

 

Table F.1 Average values of the ratio imax / b 

Specimen type SHS 6060 AS 6060 SHS 5083 AS 5083 

b / t [-] 25 44 60 25 50 50 

Average imax / b [-] <0.001 0.002 0.001 0.002 0.006 1) 

St.dev. imax / b [-] 0.0002 0.002 0.0001 0.001 0.002  

1) The imperfections of these specimens could not be measured with sufficient accuracy 

e 

a. b. c. d. e.

x 
z 

y 
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F.3 Values for dimensions and imperfections 

Tables F.2 up to F.5 give the dimensions and imperfections of all specimens used in 

the compression tests. Columns 1 and 2 give the specimen type and a unique 

specimen number. For reference, column 3 gives the load conditions of the specimens. 

This is the test temperature θtest for the steady state tests (Tables F.2 and F.3) and the 

force N and, between brackets, the heating rate hr applied on the transient state tests 

(Tables F.4 and F.5). The subsequent columns indicate the plate widths b and 

thickness t of all plates of the section. The last column gives the average value of the 

maximum imperfection of each wall imax. 

 

Table F.2 Dimensions and imperfections of the specimens used in the steady state tests, 
alloy 6060-T66 

Spec. type No. θtest 

[ºC] 

b1 

[mm] 

t1 

[mm] 

b2 

[mm] 

t2 

[mm] 

b3 

[mm] 

t3 

[mm] 

b4 

[mm] 

t4 

[mm] 

imax 

[mm] 

SHS b/t=25 1-2 20 50.13 1.971 50.03 2.037 50.03 2.039 50.03 1.976 0.02 1) 

SHS b/t=25 2-2 20 50.00 2.026 50.07 1.954 50.03 1.977 50.00 2.046 0.02 1) 

SHS b/t=25 T4-2 20 50.20 2.172 50.10 2.030 50.00 2.051 50.00 2.108 0.046 

SHS b/t=25 T5-2 179 50.00 2.043 50.00 2.106 50.00 2.166 50.00 2.025 0.04 

SHS b/t=25 T3-2 265 50.00 2.166 50.00 2.104 50.00 2.046 50.00 2.108 0.05 

SHS b/t=25 T2-2 290 50.00 2.024 49.95 2.168 50.00 2.103 49.95 2.051 0.04 

SHS b/t=44 T9-1 20 48.05 1.176 48.05 1.139 48.00 1.089 48.00 1.079 0.15 

SHS b/t=44 T4-1 179 48.05 1.038 48.00 1.074 48.00 1.179 48.00 1.151 0.03 

SHS b/t=44 T2-1 268 48.25 1.237 48.30 1.312 48.00 1.105 48.00 1.121 0.35 

SHS b/t=44 T7-1 289 48.10 0.974 48.00 1.181 48.05 1.131 48.00 1.097 0.04 

SHS b/t=44 T1-1 287 48.00 1.057 48.00 1.085 48.00 1.175 48.00 1.099 0.05 

SHS b/t=60 1-08 20 47.60 0.774 47.73 0.708 47.70 0.738 47.47 0.758 0.04 1) 

SHS b/t=60 2-08 20 47.63 0.716 47.57 0.745 47.60 0.729 47.53 0.717 0.0341

AS b/t=25 TA7 20 50.15 2.150 50.20 2.103     0.16 

AS b/t=25 TA11 171 50.00 2.103 50.05 2.132     0.17 

AS b/t=25 TA4 267 50.05 2.129 50.10 2.105     0.055 

AS b/t=25 TA6 299 50.00 2.140 50.05 2.121     0.10 

1) Imperfections are only roughly measured. The maximum imperfection size is determined, 

but not the imperfection pattern. 
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Table F.3 Dimensions and imperfections of the specimens used in the steady state tests, 
alloy 5083-H111 

Spec. type No. θtest 

[ºC] 

b1 

[mm] 

t1 

[mm] 

b2 

[mm] 

t2 

[mm] 

b3 

[mm] 

t3 

[mm] 

b4 

[mm] 

t4 

[mm] 

imax 

[mm] 

SHS b/t=50 O6 20 50.20 0.993 50.20 0.991 2) 50.25 0.994 50.15 0.994 2) 0.28 

SHS b/t=50 O9 178 49.90 0.997 49.85 0.998 2) 50.10 0.996 50.00 0.996 2) 0.45 

SHS b/t=50 O4 267 50.30 0.983 49.70 0.992 2) 50.25 0.974 49.90 1.777 2) 0.50 

SHS b/t=50 O3 323 50.05 1.000 49.50 0.995 2) 50.50 1.000 49.78 0.994 2) 0.30 

SHS b/t=50 O5 345 50.05 0.999 49.70 1.001 2) 50.20 0.999 49.60 1.000 2) 0.40 

AS b/t=50 OA3 20 49.90 1.005 49.38 1.011     3) 

AS b/t=50 OA4 167 49.67 1.007 49.85 1.009     3) 

AS b/t=50 OA5 270 49.63 1.009 49.80 1.010     3) 

AS b/t=50 OA6 325 49.90 1.002 50.80 0.993     3) 

AS b/t=50 OA7 339 49.77 1.002 49.95 1.014     3) 

2) Average wall thickness excluding the welds (weld thickness approximately 1.6 mm). 

3) Imperfections could not be determined with sufficient accuracy. 

 
Table F.4 Dimensions and imperfections of the specimens used in the transient state tests, 
alloy 6060-T66 

Spec. type No.   N     (hr) 

[kN] [ºC/min] 

b1 

[mm] 

t1 

[mm] 

b2 

[mm] 

t2 

[mm] 

b3 

[mm] 

t3 

[mm] 

b4 

[mm] 

t4 

[mm] 

imax 

[mm] 

SHS b/t=25 3-2 35.8 (7.75) 50.03 1.964 50.00 1.964 50.00 2.026 50.00 2.028 0.02 1) 

SHS b/t=25 4-2 35.8 (7.88) 50.00 1.968 50.00 1.966 50.00 2.020 50.00 2.032 0.0211

SHS b/t=25 5-2 35.8 (2.24) 50.07 2.026 50.03 1.958 50.00 1.968 50.00 2.032 0.0181

SHS b/t=25 6-2 35.8 (2.80) 50.00 1.971 50.00 1.962 50.03 2.032 50.03 2.023 0.02 1) 

SHS b/t=44 T3-1 8.02 (8.61) 48.00 1.214 48.00 1.218 48.05 1.072 48.00 1.098 0.18 

SHS b/t=44 T8-1 12.1 (7.81) 48.00 1.191 48.00 1.157 48.00 1.090 48.05 1.071 0.04 

SHS b/t=44 T11-1 12.1 (8.13) 48.00 1.168 48.00 1.053 48.05 1.029 48.05 1.175 0.04 

SHS b/t=44 T12-1 12.1 (7.43) 47.88 1.058 47.95 1.042 47.85 1.148 48.00 1.087 0.07 

SHS b/t=44 T10-1 12.1 (2.91) 48.00 1.131 48.00 1.069 48.00 1.073 48.00 1.182 0.03 

SHS b/t=44 T6-1 17.4 (6.62) 47.90 1.080 47.85 1.032 47.95 0.997 47.80 1.157 0.06 

SHS b/t=60 3-08 5.40 (9.79) 47.67 0.723 47.60 0.759 47.60 0.723 47.60 0.758 0.0421

SHS b/t=60 4-08 5.40 (9.69) 47.60 0.757 47.60 0.717 47.60 0.692 47.60 0.721 0.0301

SHS b/t=60 5-08 5.40 (2.36) 47.60 0.734 47.67 0.737 47.63 0.743 47.63 0.736 0.0421

SHS b/t=60 6-08 5.40 (2.43) 47.57 0.752 47.63 0.721 47.60 0.756 47.63 0.724 0.0341

AS b/t=25 TA12 5.96 (7.75) 50.00 2.105 50.00 2.134     0.15 

AS b/t=25 TA1 9.04 (6.67) 50.05 2.103 50.05 2.144     0.06 

AS b/t=25 TA2 9.04 (6.67) 50.05 2.137 50.00 2.114     0.10 

AS b/t=25 TA13 9.06 (2.90) 50.00 2.141 50.00 2.109     0.09 

AS b/t=25 TA10 11.9 (6.51) 50.10 2.099 50.05 2.136     0.15 

1) Imperfections are only roughly measured. The maximum imperfection size is determined, 

but not the imperfection pattern. 
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Table F.5 Dimensions and imperfections of the specimens used in the transient state tests, 
alloy 5083-H111 

Spec. 

type 

No.   F      (hr) 

[kN] [ºC/min] 

b1 

[mm] 

t1 

[mm] 

b2 

[mm] 

t2 

[mm] 

b3 

[mm] 

t3 

[mm] 

b4 

[mm] 

t4 

[mm] 

imax 

[mm] 

SHS b/t=50 O7 5.96 (7.43) 50.30 0.997 50.00 0.996 2) 50.30 0.998 50.00 1.001 2) 0.35 

SHS b/t=50 O12 8.86 (7.03) 50.18 0.993 49.82 0.981 2) 50.28 0.983 50.10 0.993 2) 0.15 

SHS b/t=50 O10 8.89 (2.42) 50.30 0.988 50.03 0.993 2) 50.28 0.999 49.80 0.996 2) 0.15 

SHS b/t=50 O11 8.85 (2.42) 50.17 0.983 50.32 0.994 2) 49.75 0.985 49.78 0.998 2) 0.19 

SHS b/t=50 O8 11.8 (6.60) 50.25 0.994 49.92 0.997 2) 49.75 1.001 49.80 1.003 2) 0.40 

AS b/t=50 OA11 1.52 (8.70) 49.73 1.004 49.72 1.001     3) 

AS b/t=50 OA8 2.25 (9.63) 49.35 0.995 49.90 0.996     3) 

AS b/t=50 OA9 2.26 (2.10) 49.83 1.004 49.80 1.000     3) 

AS b/t=50 OA10 3.04 (6.51) 49.90 1.020 49.90 1.008     3) 

2) Average wall thickness excluding the welds (weld thickness is approximately 1.6 mm). 

3) Imperfections could not be determined with sufficient accuracy. 
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G Residual stress in welded square hollow sections 

The residual stresses in the welded square hollow sections (SHS) of alloy 5083-H111 

are determined with the X-ray method. Paragraph G.1 gives a short introduction into 

the X-ray method. The specimens, the results of the measurements and the discussion 

of these results are given in paragraph G.2. The results of the simulations with a finite 

element model are presented in paragraph G.3. 

G.1 Short description of X-ray method for residual stress 
measurements 

The X-ray method used for measuring stresses is discussed in Cullity and Stock (2001) 

and in Van der Aa (2007). This paragraph gives a short summary of the method. 

 

The atoms in a crystalline sample are arranged periodically on a lattice, with a distance 

dhkl between the lattice planes. In an X-ray set-up, a source transmits X-rays on the 

specimen with a specific wavelength λ. The incident X-rays are scattered by the lattice. 

The diffracted X-rays are detected by a reflector (Figure G.1). If the X-rays are 

constructive (in phase), a peak is detected by the reflector. The reflector does not 

detect a peak for destructive X-rays (Figure G.2). 

 

 

Figure G.1 Diffraction of X-rays on a set of lattice planes with interplanar spacing dhkl (after 
Van der Aa (2007)) 
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Figure G.2 Diffracted x-rays (a. Constructive rays; b. Example of destructive rays) 

 

Whether the X-rays are constructive or destructive depends on the angle θ between the 

rays and the surface of the sample. The difference in path length between ray 1 and ray 

2 is, in Figure G.1, equal to 2dhkl sin θ. Only in case a natural number n of wavelengths 

λ exactly fits in this difference in path length, the diffracted X-rays are constructive. 

Hence, constructive X-rays occur when Bragg’s law is fulfilled (equation (G.1)). Bragg’s 

law can be used for determining the distance dhkl. This is done by varying the angle θ 

and determining at what angles a peak exist in the diffraction pattern. 

θλ sin2 hkldn =  (G.1) 

In which θ = angle between the rays and the surface, also known as the diffraction 

angle and n = natural number 

 

The lattice planes of the grains in a metal sample have various orientations in relation 

to the surface of the metal. Only the grains with lattice planes normal to the diffraction 

plane Np contribute to the detected reflection (Figure G.3). 

 

Figure G.3 Diffraction from a multi grained sample (after Cullity and Stock (2001)) 

 

Stressed sample 

If a sample is subjected to stresses, the interplanar spacing dn differs from the spacing 

d0 of an unstressed specimen. The strain is calculated using equation G.2. 
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Note that equation (G.2) only gives the elastic strain, as elastic strain is responsible for 

a change in interplanar spacing. Plastic strain is the result of flow of dislocations and 

atoms. This does not influence the interplanar spacing. Plastic strain is thus not 

detected with the X-ray method.  

 

The interplanar spacing of a grain in a stressed sample depends on the size of the 

stress, the direction of the stress and the orientation of the grains. This allows for the 

measurement of the strains. Figure G.4 gives an example. The sample is equal to that 

of Figure G.3, but stressed parallel to the plate surface. The interplanar spacing dn of 

grain 1, with an orientation parallel to the stress direction, decreases due to the stress, 

while the interplanar spacing of grain 2 increases due to the stress. Resulting, in the 

stressed specimen, the diffraction angle θ1 (where the normal to the diffraction plane 

Np.1 coincides with the normal to the sample surface Ns) differs from the diffraction 

angle θ2 (measured at an angle ψ between the normal to the diffraction plane Np.2 and 

the normal to the sample surface Ns). 

 

Figure G.4 Diffraction of a multi grained, stressed sample (grain distortion is not displayed) 

 

In case of an unstressed specimen, the measured constructive diffraction angle θ will 

be independent of the orientation ψ, while in case of a stressed specimen, the 

constructive diffraction angle θ does depend on the orientation of ψ (Figure G.5). As the 

relations between θ and d and between d and ε are known with equations G.1 and G.2, 

it is possible to determine the strain in the stressed specimen, depending on the 

variation of θ with ψ. 

 

 

 

 

 

 

 

Figure G.5 Plane spacing diagram of variation of d with ψ  (after Van der Aa (2007)) 
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Bi-axial stress state 

In case of a bi-axial stress state, the strains in all directions can be derived from 

diffraction measurements in one plane, using the so-called sin2ψ method. This method 

is explained below. 

 

Consider a bi-axial stress state, as shown in Figure G.6. The principal stresses are 

chosen such that σ1 and σ2 are parallel to the surface, while σ3 = 0 is perpendicular to 

the surface. For elastic isotropic material the relation between the principal strains and 

stresses are: 

E
21

1

νσσε −
=      

E
21

2

σνσε +−
=      

E
)( 21

3

σσνε +−
=  (G.3) 

 

 

 

 

 

 

 

Figure G.6 Definition of directions and angles (after Van der Aa (2007)) 

 

Assume a stress vector σφ that has an angle φ with the principal stress vector σl. The 

relation between σφ and the principal stresses is according to equation (G.4). Equation 

(G.5) gives the strain in the direction characterized by the angles φ and ψ. When the 

direction of σφ is chosen along principal direction 1, equation (G.5) can be written 

according to equation (G.6). In case of residual stresses in welded specimens, it is 

assumed that the principal directions are parallel and perpendicular to the weld 

direction. 
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 (G.6) 

Only the last term of equation (G.6) and d1ψ depend on the angle ψ (equation (G.7). 

Thus, the slope of a plot of d1ψ as a function of sin2ψ gives the stress in principal 

direction 1, provided that d0 , ν and E are known.  
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Parameter d0 can be measured at an unstressed specimen. σ1 can be determined with 

equation (G.7) and subsequently, equation (G.6) can be used to determine σ2. 

However, an accurate determination of parameter d0 is sometimes difficult. In such a 

case, using any of the measured values of d1ψ for d0 still gives an accurate value for the 

stress in the measured direction (σ1), since the variation in d as a function of ψ is very 

small (usually, d1ψ does not deviate more than 1 % from d0 for any value of ψ). Note 

that the error introduced in the determination of σ2 using equation (G.6) can be 

significant if d0 is not determined accurately. Summarising, if d0 is not accurately 

determined, the stress parallel to the measured plane defined by angle φ is determined 

accurately, while the stress perpendicular to the measured plane is determined with 

less accuracy. 

 

The X-rays penetrate the specimen. The depth at which the X-rays are reflected varies 

(some X-rays even penetrate through the entire thickness and are not reflected). The 

average penetration depth is a few µm. This means that the stresses are measured at 

the surface of the specimen. 

The method is tested and used extensively by Van der Aa (2007) in a research on 

residual stresses in welded plates. 

G.2 Measurement program, results and discussion 

Samples 

The residual stresses are measured on the following samples: 

a. The rolled plate of which the SHS are composed, before it was folded and welded 

(Figure G.7a); 

b. A part of a SHS (after welding). In order to fit into the set-up, the wall of the section 

opposite to the measured wall had to be cut off (Figure G.7b); 

c. The part of the SHS after being heated to 260 ºC (rate 6.3 ºC/min) and cooled 

again to ambient temperature (rate approximately 100 ºC/min). This is done to 

determine the effect of fire exposure on the residual stresses (Figure G.7c). 

 

 

                                                                                 

 

 

 

 

 

 

Figure G.7 Test program for measurements of residual stresses (a. Rolled plate; b. Welded 
and cut SHS; c. Welded and cut SHS after heat treatment) 



 220 

Measurement results 

Sample 'a': The residual stress at the surface of the rolled plate was approximately -30 

N/mm2 (for both sides of the plate, in rolling direction). 

Sample 'b': The residual stresses in axial direction (parallel to the weld) at the surface 

of the welded front plate of the cut SHS are determined by a measurement parallel 

to the weld and a measurement perpendicular to the weld. The results are indicated 

with dots in Figure G.8a. The error bars on the data of the parallel measurement 

indicate one time the standard deviation of the measurement. The lines in this 

figure are ‘average’ values, based on curve fitting. 

Sample 'c': After the heat treatment, X-ray measurements were carried out at the same 

positions as before the heat treatment on the part of the SHS. The residual stresses 

in axial direction at the surface of the welded front plate of sample ‘c’ are indicated 

with dots in Figure G.8b. 
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Figure G.8 Stress parallel to weld direction along measured line in the welded specimen (a. 
Before heat treatment (sample 'b'); b. After heat treatment (sample 'c')) 

 

Discussion of measurement results 

The flat, unwelded plate (sample ‘a’) was not free of stress, although external loads 

were not applied on the specimen. The compression stress detected at the surface of 

this specimen is attributed to rolling. Wolterink (1988) has shown that rolling causes 

residual stresses with an approximately parabolic path through thickness (Figure G.9).  

 

 

 

 

 

Figure G.9 Schematic pattern of the residual stresses in a rolled plate (after Wolterink 
(1988)) 
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The residual stresses in the welded and cut section were also measured at the plate 

surface. However, we are interested in the value of the residual stresses in the entire 

section, i.e. also through the plate thickness. The following assumptions are made for 

estimating the residual stress pattern through the plate thickness: 

- The residual stresses in the welded specimen are a simple summation of the 

residual stresses caused by welding and those caused by rolling (note that, in 

reality, the residual stress due to rolling close to the weld could have been reduced 

due to heat input by welding, but information on this is not available from the tests). 

- The residual stresses caused by welding are constant through plate thickness. 

This assumption means that only rolling causes variation of residual stresses 

through plate thickness; 

- The residual stresses due to rolling have a parabolic pattern through thickness. 

The average residual stress through plate thickness due to rolling needs to be 

zero, and the value at the surface is measured at -30 N/mm2. For a parabolic 

pattern, the maximum residual stress due to rolling is then equal to +15 N/mm2.  

 

Combining these assumptions, an impression of the residual stress through plate 

thickness in the rolled and welded section is given by Figure G.10. The residual stress 

pattern at the plate surface before heating is according to the solid line. The resulting 

average residual stress through plate thickness of the specimen is assumed according 

to the dashed curve. The maximum residual stress is according to the dash-dotted 

curve. 
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Figure G.10 Assumed residual stress pattern in the welded and cut section before heating 

 

Due to the assumption made in the evaluation (residual stress pattern through 

thickness) and due to the natural scatter always present in residual stresses, the 

results should be regarded with caution.  

t
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The stresses at the plate edges (+25 mm) deviate from the other test data in Figure 

G.8. This is attributed to local disruptions caused by folding of the plate. 

The scatter in the measurements of sample 'c' (Figure G.10) is significant. This is partly 

due to the large values of the residual stresses after heating. 

 

The residual stresses relax significantly when heated to 260 ºC in 38 minutes. The 

difference between maximum and minimum residual stress reduced approximately 

from 90 N/mm2 before heating to 35 N/mm2 after heating. 

G.3 Simulations with a finite element model 

It is possible that the residual stresses in the cut part of the SHS, which is used in the 

measurements, are different from that of the SHS before cutting. In other words: cutting 

may have influenced the residual stresses. Moreover, it is expected that the residual 

stresses relax during heating thanks to creep effects. The finite element method (FEM) 

is used to determine the residual stresses in the entire SHS based on the 

measurement results of the cut part of the SHS. Furthermore, the FEM is used to 

simulate the relaxation of residual stresses due to heating of the sample. 

 

Residual stresses in the entire section 

A finite element model is developed in DIANA 9.2, in which the residual stress patterns 

due to welding and due to rolling are applied. The model is composed of 20 noded solid 

elements type CHX60 with a 2 x 2 x 2 integration scheme, i.e. quadratically distributed 

displacement fields and linearly distributed strain fields. Five elements through 

thickness were applied, so that an approximately parabolic residual stress pattern 

could be applied through thickness. The residual stresses in the welded plates are 

applied according to the pattern in Figure G.10, but the size of the residual stress is 

varied. 

 

In a phased analysis, only the part of the model that remained after cutting is set as 

active, while the other part is set as inactive. By trial and error, the size of the residual 

stress in the entire section is determined in order to obtain residual stresses after 

cutting that correspond with the measured residual stresses after cutting (Figure G.8a). 

The procedure is schematically shown in Figure G.11. 

 

According to the FEM, the residual stresses changed due to cutting: 

- The residual stress over the plate thickness, i.e. the residual stress due to rolling, 

did not change significantly at the measured positions. 

- The residual stresses due to welding reduced slightly due to the cutting process. 

Figure G.12 gives the residual stresses to be implemented in the FEM model of 

the entire section, in order to reduce to the measured values after cutting. 
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Figure G.11 Procedure for determining residual stress in the SHS before cutting 
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Figure G.12 Average value through plate thickness of the residual stress according to the 
FEM model of the entire section and of the cut section 

 

The value of the average residual stress near the weld was 80 N/mm2. This is 55 % of 

the 0.2 % proof stress at ambient temperature f0.2 of alloy 5083-H111 (Annex B). This 

percentage is in agreement with tests carried out by Mazzolani (1995), who reported 

residual stresses in welded aluminium plates of approximately 60 % of f0.2. 

 

Simulation of relaxation of residual stresses 

Relaxation of the residual stresses due to heating is simulated with the same model 

consisting of solid elements as described above. For the mechanical properties, the 

modified Dorn-Harmathy model was applied in the FEM (Annex E). A physical non-

linear analysis is carried out in which heating and cooling of the sample is simulated 

(heating and cooling rates according to the test). The residual stresses at the plate 

surface at the end of the simulation, when the temperature is again equal to ambient 

temperature, are compared with measured data. The procedure is shown in Figure 

G.13. Results are given in Figure G.14. 
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Figure G.13 Procedure for the comparison of the relaxation of residual stresses due to the 
heat treatment 
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Figure G.14 Comparison of residual stress at the plate surface after heating according to the 
FEM and according to the tests 

 

The resulting residual stress at the end of the simulation agrees reasonably well with 

the test. Differences are attributed to the difficulty of measuring these small residual 

stresses and the corresponding scatter in measurements, and to mismatches in the 

assumptions made for the values of the residual stress patterns at the start of the finite 

element analysis. It is concluded that relaxation of residual stresses can be simulated 

with sufficient accuracy using the FEM. 
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H Results of compression tests and simulations 

This Annex gives tables with the results of the compression tests carried out, and of the 

simulations of these tests with the finite element method (FEM). 

 

Tables H.1 and H.2 give the results for steady state conditions. The first two columns of 

these tables give the specimen type and number. Columns 3 and 4 give the test 

temperature and the strain rate measured on the specimen. The ultimate resistance Nu 

according to the tests is given in column 5. Column 6 gives the result of simulations 

with measured imperfections and the 'gap' between the specimens and the supports 

being modelled, and column 7 gives the result of simulations with mode imperfections. 

The relative value for the ultimate resistance according to the tests, ρc,θ, is given in 

column 8 

 

Table H.1 Results of steady state tests and simulations, alloy 6060-T66 

Nu,θ [kN] ρc,θ [-] Spec. type No. θtest 

[ºC] 

 str. rate

[/min] Test FEMmeas FEMmode Test 

SHS b/t=25 1-2 20 3.0.10-3 78.8 79.81) 80.1 0.99 

SHS b/t=25 2-2 20 3.1.10-3 79.1 79.21) 79.9 0.99 

SHS b/t=25 T4-2 20 6.2.10-3 81.0 83.4 82.4 0.98 

SHS b/t=25 T5-2 179 4.5.10-3 65.8 62.7 62.7 1.05 

SHS b/t=25 T3-2 265 2.3.10-3 28.8 28.5 28.7 1.03 

SHS b/t=25 T2-2 290 2.3.10-3 22.7 22.0 21.7 1.04 

SHS b/t=44 T9-1 20 9.8.10-3 26.8 28.5 28.3 0.62 

SHS b/t=44 T4-1 179 5.1.10-3 23.4 22.1 23.6 0.72 

SHS b/t=44 T2-1 268 5.3.10-3 13.1 13.4 12.5 0.87 

SHS b/t=44 T7-1 289 5.7.10-3 10.7 10.4 9.48 0.95 

SHS b/t=44 T1-1 287 2.8.10-3 11.9 10.4 11.0 0.51 

SHS b/t=60 1-08 20 2.8.10-3 12.0 13.41) 14.1 0.41 

SHS b/t=60 2-08 20 1.0.10-3 11.4 12.81) 13.5 0.41 

AS b/t=25 TA7 20 6.7.10-3 19.9 21.4 21.7 0.51 

AS b/t=25 TA11 171 5.5.10-3 16.8 16.4 16.6 0.57 

AS b/t=25 TA4 267 2.8.10-3 8.44 9.22 9.54 0.55 

AS b/t=25 TA6 299 2.9.10-3 7.10 8.09 8.38 0.57 

1) Imperfections are only roughly measured. The maximum imperfection size is determined, 

but not the imperfection pattern. The indicated values are obtained with FEM analyses with 

mode imperfections and a 'gap'. 

gap
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Table H.2 Results of steady state tests and simulations, alloy 5083-H111 

Nu,θ [kN] ρc,θ [-] Spec. type No. θtest 

[ºC] 

 str. rate

[/min] Test FEMmeas FEMmode Test 

SHS b/t=50 O6 20 9.4.10-4 19.8 18.0 18.9 0.68 

SHS b/t=50 O9 178 5.0.10-3 17.9 15.9 14.2 0.78 

SHS b/t=50 O4 267 3.0.10-3 12.0 11.9 11.3 0.71 

SHS b/t=50 O3 323   ~7.10-3 8.21 8.22 7.80 0.79 

SHS b/t=50 O5 345 7.7.10-3 6.20 6.67 5.89 0.78 

AS b/t=50 OA3 20 9.6.10-3 5.06 5.35 2) 5.70 0.34 

AS b/t=50 OA4 167 8.4.10-3 4.94 4.55 2) 4.68 0.41 

AS b/t=50 OA5 270 4.2.10-3 2.93 3.34 2) 3.61 0.34 

AS b/t=50 OA6 325 4.1.10-3 1.85 2.18 2) 2.40 0.35 

AS b/t=50 OA7 339 4.6.10-3 1.50 1.90 2) 2.06 0.34 

2) Imperfections are not measured. Mode imperfections are applied in the FEM, with imax = 

0.15 mm. 

 

Tables H.3 and H.4 give the results for transient state conditions. The first two columns 

give the specimen type and number. Columns 3 and 4 give the load applied on the 

section and the heating rate. The critical temperature θcrit according to the tests is given 

in column 5,  θcrit according to the FEM models with measured imperfections is given in 

column 6 and θcrit according to the FEM models with mode imperfections is given in 

column 7. The relative value for the ultimate resistance according to the tests, ρc,θcrit, is 

given in column 8. The numbers in between brackets in table H.4 are determined using 

mechanical properties according to batch '06. The numbers without brackets are for 

batch '05. 

 
Table H.3 Results of transient state tests and simulations, alloy 5083-H111 

θcrit [ºC] ρc,θcrit [-] Spec. type No. Ntest 

[kN] 

  h.r. 

[ºC/min] Test FEMmeas FEMmode Test 

SHS b/t=50 O7 5.96 7.43 300 295 3) 325 0.81 

SHS b/t=50 O12 8.86 7.03 266 270 3) 244 0.81 

SHS b/t=50 O10 8.89 2.42 255 248 3) 220 0.86 

SHS b/t=50 O11 8.85 2.42 255 251 3) 231 0.86 

SHS b/t=50 O8 11.8 6.60 237 245 3) 200 0.83 

AS b/t=50 OA11 1.52 8.70 315 2) 310 0.50 

AS b/t=50 OA8 2.25 9.60 281 2) 282 0.48 

AS b/t=50 OA9 2.26 2.10 257 2) 266 0.48 

AS b/t=50 OA10 3.04 6.51 241 2) 251 0.42 

2)   Imperfections are not measured. Mode imperfections are applied, with imax = 0.15 mm. 

3)  The analysis is carried out with measured imperfections and with a gap of 0.05 mm. This 

size of the gap is in conformity with observations in the tests. 

gap
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Table H.4 Results of transient state tests and simulations, alloy 6060-T66 

θcrit [ºC] ρc,θcrit [-] Spec. type No. Ntest 

[kN] 

  h.r. 

[ºC/min] Test FEMmeas FEMmode Test 

SHS b/t=25 3-2 35.8 7.75 4) 276 1) 271 (271) 1.25 (1.15) 

SHS b/t=25 4-2 35.8 7.78 4) 289 1) 279 (286) 1.40 (1.30) 

SHS b/t=25 5-2 35.8 2.24 4) 264 1) 258 (266) 1.32 (1.22) 

SHS b/t=25 6-2 35.8 2.80 4) 263 1) 259 (266) 1.31 (1.21) 

SHS b/t=44 T3-1 8.02 8.61 341 333 (335) 329 (329) 0.97 (0.98) 

SHS b/t=44 T8-1 12.1 7.81 308 307 (307) 300 (300) 1.03 (0.98) 

SHS b/t=44  T11-1 12.1 8.13 313 302 (303) 298 (298) 1.07 (1.02) 

SHS b/t=44  T12-1 12.1 7.43 300 295 (298) 295 (289) 0.95 (0.89) 

SHS b/t=44  T10-1 12.1 2.91 298 292 (293) 287 (293) 1.11 (1.08) 

SHS b/t=44 T6-1 17.4 6.62 239 231 (245) 216 (216) 0.94 (0.86) 

SHS b/t=60 3-08 5.40 9.79 4) 306 1) 312 (312) 0.68 (0.65) 

SHS b/t=60 4-08 5.40 9.69 4) 305 1) 312 (313) 0.70 (0.66) 

SHS b/t=60 5-08 5.40 2.36 4) 292 1) 296 (297) 0.73 (0.70) 

SHS b/t=60 6-08 5.40 2.43 4) 297 1) 300 (301) 0.77 (0.75) 

AS b/t=25 TA12 5.96 7.75 335 341 (337) 337 (334) 0.70 (0.69) 

AS b/t=25 TA1 9.04 6.67 291 289 (298) 289 (289) 0.66 (0.62) 

AS b/t=25 TA2 9.04 6.67 289 289 (292) 289 (289) 0.65 (0.60) 

AS b/t=25 TA13 9.06 2.90 282 282 (282) 282 (282) 0.73 (0.69) 

AS b/t=25 TA10 11.9 6.51 256 243 (260) 243 (261) 0.69 (0.63) 

1) Imperfections are only roughly measured. The maximum imperfection size is determined, 

but not the imperfection pattern. Therefore, only FEM analyses with mode imperfections 

are carried out. 

4) A temperature gradient was present along the specimen length. The edges were 

approximately 30 ºC colder than the middle at failure. The critical temperatures mentioned 

are the maximum temperatures of the section. 
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I Influence of restrained thermal expansion in axial 

direction 

The design model developed considers local buckling of compression members for 

which thermal expansion is not restrained. However, when thermal expansion is 

restrained, internal stresses develop, which may reduce the resistance of the section 

against external loads. Thermal expansion is restrained in members in statically 

indeterminate structures and in members with temperature gradients. This Annex 

discusses the influence of restrained thermal expansion in axial direction on the critical 

temperature of a compression member with a uniform temperature. For this purpose, 

calculations are carried out using the FEM. 

 

The aim of the Annex is giving an impression of the influence of restrained thermal 

expansion on the fire resistance of columns subjected to local buckling. The Annex 

does not give a complete overview of restrained thermal expansion. 

I.1 Set-up of the study 

The study comprises two steps: 

Step 1. The theoretical case that expansion is fully restrained in axial direction is 

considered, while compression is not restrained. This case is expected to give 

the theoretically largest possible influence on the critical temperature caused 

by restrained thermal expansion. In total, 32 plates with various dimensions 

and mechanical properties have been analysed with fully restrained 

expansion. 

This severe case will not occur in practice. The step is carried out to determine 

which plates are sensitive to restrained thermal expansion.  

Step 2. Plates with partially restrained thermal expansion are considered, applying 

stiffnesses that are to be expected in practice. This step is carried out only on 

two plates, for which fully restrained thermal expansion showed a large 

influence on the fire resistance (step 1). 

 

Step 1 is carried out on a selection of the plates mentioned in paragraph 8.2. The 

analysed sections have material properties of alloys 5083-H111 and 6060-T66 with 

heating rates of 6 ºC/min or 11 ºC/min (respectively 200 or 350 ºC after 30 minutes). 

The sections covered are internal plates and angular sections (AS), with such 

dimensions that the relative slendernesses are ρλ = 0.67; 1.00; 1.75 and 2.30. 
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6 of the simulations are repeated with different values for the ratio between the plate 

length and the width. The L/b ratios covered are L/b = 3, L/b = 6 and L/b = 9. 

Both steps are carried out using the FEM. The finite element models are not validated 

for cases where thermal expansion is restrained. Restrained thermal expansion can be 

regarded as just a different type of loading on the validated models. It is therefore 

assumed that the case of restrained thermal expansion is handled correctly with the 

finite element models developed. 

 

Figure I.1 shows the model used in the analyses. The plates are subjected to a 

constant force N in time. A spring with stiffness k is attached to the supports, which 

provides stiffness against thermal expansion. 

The stress in the plate is not constant in time when thermal expansion is restrained. 

Consequently, it is inappropriate to use the derived stress-strain relationships of Figure 

5.22 in these analyses. The analyses are carried out using the modified Dorn-Harmathy 

model, implemented in DIANA. 

 

 

 

 

 

 

 

 

 

 

Figure I.1 Model used for the analyses with restrained thermal expansion  

I.2 Results for step 1: fully restrained 

The spring stiffness k for tension applied in the step 1 analyses is approximately 100 

times the elastic axial stiffness of the plate. The stiffness for compression is 

approximately 0.01 times the elastic axial stiffness of the plate. 

 

As an example of the results, Figure I.2 a. gives the axial force divided by the gross 

area (N / A) of one of the plates as a function of the temperature. Four stages are 

distinguished: 

1. The external force causes elastic deformation of the plate. At low temperatures 

(θ < 70 ºC), this elastic deformation is larger than the deformation caused by 

thermal expansion. Consequently, the force in the spring is equal to zero, and the 

force in the plate is equal to the external force; 

N 

k
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2. At medium temperatures (70 ºC ≤ θ ≤ 100 ºC) the deformation caused by thermal 

expansion is larger than the elastic deformation due to the external force. The 

spring prevents thermal expansion, so that the internal force in the plate increases. 

3. At higher temperatures (100 ºC ≤ θ < 167 ºC) the mechanical properties are 

reduced to such an extent, that local buckling occurs. As a consequence, the 

strength of the plate decreases, which expresses as a reduction of the strength of 

the plate. 

4. At θ = 167 ºC the strength of the plate is reduced to such an extent that it is no 

longer able to resist the external force: the plate fails. 

 

The dot in Figure I.2 a. gives the critical temperature of the same plate but without 

restraint against thermal expansion (i.e. the case of chapter 8). The difference in critical 

temperature θcrit between the unrestrained case and the fully restrained case is 33 ºC. 

Assuming a linear heating rate, this corresponds with a difference in fire resistance of 

22 %. Thus, the restraint of thermal expansion reduces the fire resistance. 
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Figure I.2 Force versus temperature relationship of an axially restrained internal plate with 
b / t = 45 of alloy 6060-T66, with a heating rate of 6 ºC/min, and the critical temperature of 
the unrestrained plate (a. Plate with L / b = 6; b. Various L / b ratios) 

 

Figure I.2 b. gives the axial force as a function of the temperature of plates with various 

L / b ratios. The figure shows that θcrit is almost independent of the plate length for this 

case (curves are on top of each-other). This is generally found: the difference in fire 

resistance is smaller than 5 % for all cases considered. Localisation of the 

deformations at one buckle has not been observed in the models at θcrit. 

 

The average value of the difference in critical temperature between free and fully 

restraint thermal expansion for the 32 studied sections is 18 % and the standard 

deviation is 11 %. The variation of the difference in fire resistance between free and 

fully restrained thermal expansion is large: 
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- The difference in fire resistance between free and restrained thermal expansion is 

generally larger for alloy 6060-T66 than for alloy 5083-H111. This is due to the fact 

that alloy 5083-H111 has larger strain hardening, resulting in an ultimate 

resistance that remains at a high level for large strains (paragraph 8.3). 

- The difference in fire resistance between free and restrained thermal expansion is 

generally larger for higher critical temperatures and lower heating rates. This is 

due to the fact that the stress in the restrained plate is not constant in time. The 

average stress in time in the restrained plate is larger than in the unrestrained 

plate. Consequently, the creep strain development in the restrained plate is larger. 

The influence of creep increases with increasing temperature and decreasing 

heating rate. 

 

The largest difference in fire resistance (40 %) is obtained for a very slender AS of alloy 

6060-T66 (b/t = 48) with a critical temperature for the unrestrained case of 350 ºC. This 

case is shown in Figure I.3. 
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Figure I.3 Relation between force N and temperature θ for the AS with the largest difference 
in fire resistance between the restrained and the unrestrained case 

I.3 Results for step 2: partially restrained 

I.3.1 Determination of realistic spring stiffness 

The fully restrained case of paragraph I.2 is not realistic for members in practice. In 

practical cases, thermal expansion in axial direction is partially restrained by bending of 

the non-exposed members in a structure. In order to determine realistic values for the 

spring stiffness, the structure according to Figure I.4 is considered. The fire scenario 

comprises one of the compartments being exposed to fire. The dimensions selected for 

the beam are equal to those of the example in chapter 9. The dimensions of the column 
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(b and t) are 1.7 times the dimensions of the columns in the example of chapter 9, so 

that the area A is 3 times larger than that of chapter 917. 

The cross-sectional properties of the columns and beams are given in Table I.1. 

In this example, it is assumed that the columns and beam of the compartment in fire 

(indicated with arrows) are completely engulfed in flame, while the rest of the building 

remains at ambient temperature. 

 

 

        
 

Figure I.4 Structure considered for determination of realistic spring stiffnesses 

 

Table I.1 Cross-sectional properties of the beams and columns 

 area A second moment of area Iy 

beam 6552 mm2 2.05 . 108 mm4 

column 3360 mm2 2.00 . 107 mm4 

 

The stiffness for axial expansion of the fire exposed beam and columns provided by the 

rest of the building is determined with the FEM. The following values for the stiffness 

are determined: 

- The maximum, elastic stiffness against expansion of the columns, provided by the 

rest of the building, is kcolumn = 816 N/mm; 

- The elastic stiffness against expansion of the beam, provided by the rest of the 

building, is kbeam =762 N/mm. 

 

An extra case is considered in which only one of the columns is heated, while the rest 

of the building remains at ambient temperature. For this severe case, the stiffness 

against expansion is ksingle column = 1714 N/mm. 

 

                                                             
17 A higher area is selected because the building comprises more floors, giving a larger load 
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I.3.2 Influence on the fire resistance 

The section with the largest influence of restrained thermal expansion on the fire 

resistance according to the analyses of step 1 is the AS of Figure I.3. Another section 

with a large influence of restrained thermal expansion is the internal plate of Figure I.2. 

For these two cases, finite element analyses are carried out with realistic values for the 

spring stiffness. 

The area A and the length L of these sections differs from that of the beam and the 

column in the structure of Figure I.4. The equivalent spring stiffnesses k1 , k2 and k3 

applied in the models of the sections are determined with equations (I.1), (I.2) and (I.3) 
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The sections are considered being failed when they are no longer able to resist the 

external load applied. This corresponds with the development of a compression force in 

the spring. It should be pointed out that this situation not necessarily results in collapse 

of the building, because forces can probably be redistributed. 

 

Figure I.5 gives the results of the analyses. The horizontal axes of the graphs give the 

spring stiffness applied. The vertical axes give the difference in fire resistance with the 

unrestrained case. Spring stiffnesses k1, k2 and k3 are indicated in the graphs. 
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Figure I.5 Influence on the fire resistance of partially restrained thermal expansion 
(a. Internal plate, alloy 6060, b / t = 45, 6 ºC/min; b. AS, alloy 6060, b / t = 48, 11 ºC/min) 
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The graphs show that the influence of restrained thermal expansion on the fire 

resistance is small for spring stiffnesses k1 and k2 (representing a compartment 

exposed to fire): the maximum influence is 4 %. For the severe case with spring 

stiffness k3 (representing a single column in the building exposed to fire), the maximum 

influence is 16 %. 

I.4 Summary and discussion of the results 

The results of the study on restrained thermal expansion show that the theoretically 

maximum possible influence on the fire resistance, i.e. a case where thermal 

expansion is fully restrained, gives a significant reduction of the fire resistance: for the 

plates considered, the average difference is 18 %. However, this case is not 

representative for practical situations. 

 

The stiffness for a practical case is based on a frame consisting of several floors. Two 

fire scenarios are considered: 

- The most common scenario of a compartment exposed to fire. The resulting 

stiffness against thermal expansion provided by the rest of the structure is so small 

that the influence on the fire resistance is negligible (maximum 4 %); 

- A severe case where only one column is exposed to fire. In this case, the influence 

on the fire resistance is larger (for the plate that is most sensitive to restrained 

thermal expansion: 16 %). The case is considered to be exceptional for structures 

in practice. 

 

For the frame considered, the stiffness against expansion in case one compartment is 

exposed to fire is so small that the influence of restrained thermal expansion on the fire 

resistance is negligible. Caution is required for special cases where severe restraint 

against thermal expansion may be expected, such as one column exposed to fire while 

the rest of the structure remains cold. 

 

It should be pointed out that the stiffness applied, and therefore the influence on the fire 

resistance, depends on the statical system and the dimensions applied in the frame. 

The stiffnesses provided by structures in practice may be different from the case 

considered. It is therefore inappropriate to draw general conclusions based on this 

case. 

 

Further, the frame considered with pin-ended columns does not give bending moments 

in the columns, as this thesis considers only members loaded in compression. In other 

cases with moment-resisting connections, restrained thermal expansion may also 

result in bending moments. The influence of such bending moments on the resistance 

against local buckling may possibly be significant.  
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Finally, the examined sections are considered as being failed when they are no longer 

able to resist the external load. In practice, the stiffness provided by the rest of the 

structure may cause that a part of the load is taken by the rest of the structure, causing 

a reduction of the load on the exposed member, which will then give a higher critical 

temperature. It may even be the case that failure of the component does not result in 

failure of the entire structure. 
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